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PREFACE 


The present status of fluid mechanics, in particular the fluid mechanics 
of turbomachincs, is much like a flexible montage: It consists partly of 
derived theoretical expressions and partly of expressions obtained through 
insight, but to a far greater degree the montage consists of the empirical 
results derived from the hard-earned experimental data that also serve 
as the bond for the montage. This montage stems from our inability to 
solve the complex equations governing real fluid flow for all but the sim- 
plest problems. The nature of their nonlinearity in the general case pre- 
cludes any closed-form solution. Unfortunately, the flow of fluids in 
turbomachines requires the solution to these equations in their most 
complex form. Even with our modern computers, the time required to 
solve this set of equations is prohibitive from the monetary viewpoint. 
Their manual solution has never been considered practical. 

Engineers, physicists, and mathematicians have all imposed many 
simplifying a-ssumptions to gain some knowledge of the behavior of fluids. 
Engineers and physicists found this approach necessary to solve practical 
flow problems confronting them. Mathematicians used this approach to 
obtain a whole series of elegant closed-form solutions to simplified, usually 
steady state, iiiviscid and incompressible, fluid-flow problems. These 
mathematical solutions are in many cases excellent ai)proximations to the 
real flows and are used as the starting point for analysis of most real flow 
problems. But now our lu'ods extemd far b(>yond these simplified solu- 
tions and also bc-yond the ability of the theorist to provide a true solution 
within the imposed limitations timci and cost. The need for speed on 
the one hand and for prc'cision on the other has created separated branches 
for the expc'rimental and tlu' theoretical approaches to fluid mechanics. 

The need for the rapid development of modern gas turbines and rocket 
engines to satisfy our expanding needs for communication and trans- 
portation has necessitated quick answers, whether approximate or exact, 
to many questions long extant and some new ones. The need for answers 
has been on the one hand useful in narrowing the gap between the mathe- 
matician and the fluid dynamicist, but on the other hand it has forced a 
division of fluid dynamics into several disciplines and subgroups within 
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them. Research is now being conducted on specialized problems in the 
realms of subsonic, transonic, supersonic, and hypersonic flows; viscous, 
boundary-laj'er, and secondary flows, two-phase flow and cavitation; 
laminar and turbuhmt flows and flow stability; steady and nonsteady 
flows and noise; and flows in cascades, compressors, and turbines. So- 
lutions to any of the .specialized ])roblems in each of these disciplines are 
certainly contributing to a better understanding of fluid flow. The super- 
position of all these separate solutions cannot describe the flow of real 
fluids in a complex flow field because in many instancf's the assumptions 
as to flow conditions and boundary conditions will be inconsistent and 
incompatible. 

In the development of a turbomachine, the fluid d3-namic designer 
must sift through the results obtained in the various disciplines and 
determine which are apijlicable. All his knowledge and skills are required 
to reassemble these separate flow pictures artfullj' in an iterative process 
to define the desired blade shapes. He is painfullj^ aware that all his 
efforts can at best give him onh^ reasonable assurance that his design 
goal can be met and that final blade adjustments or even the need for 
some redesign will be determined in the laboratorv. The theorist is in a 
similar position. He must u.se the empirical results first to guide and 
justify the simplifying assumptions to obtain a tractable set of equations 
and then again to check the accuracj' of his solutions against the experi- 
mental results. 

Obviousljq theory, design, and experiment are interdependent; so too 
are the several disciplines of fluid mechanics. Major advances in the 
design of turbomachines can onh' be obtained through constant inter- 
change of knowledge among specialists in all these facets of fluid me- 
chanics. This conference was designc'd to promote just such an exchange 
of ideas. Its dedication to Dr. George F. Wlslicenus is in recognition of his 
continuing efforts to narrow the gaps between those interested in the 
theoretical, the design, and the experimental phases of flow in turbo- 
machines and of his efforts to make us all aware of developments in 
the other disciplines. 

Credit for the conception, structure, and organization of this conference 
goes primarilj" to Dr. Lakshminarayana, who devoted considerable time 
and effort bejmnd his normal duties to bring this meeting to a successful 
conclusion. Arrangements for the S3miposium were efficientl3' handled by 
Professors N. F. Wood and W. S. Gearhart, Betty Beckwith, and Maude 
Gagorik. 

Many thanks to .lack Suddreth, Nelson Rekos, and Dr. Robert Levine 
of NASA Headquarters, to Irving Johnson of the NASA Lewis Research 
Center, and to Dr. Ralph D. Cooper of the Office of Naval Research for 
their considerable effort and support toward making this conference 
possible. 
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Sources of Sound in Fluid Flows 


J. E. Ffowcs Williams 


Imperial College 
London, England 


This paper descrit)es some features of a flow that produce acoustic; 
radiation, particularly when the flow is turbulent and interacting; 
with solid surfaces such as turbine or compressor blades. Early theo- 
retical ideas on the subject are reviewed and are shown to be inade- 
quate at high Mach number. Some recent theoretical develojiments 
that form the basis of a description of sound generation by supersonic 
flows interacting with surfaces are described. 

At high frequencies the problem is treated as one of describing the 
surface-induced diffraction field of adjacent aerodynamic quadrujiole 
sources. This approach has given rise to distinctly new features of the 
l)roblem that seem to have bearing on the radiating i)roperties of 
relatively large aerodynamic surfaces. 


At low speeds, for fixed geometry, the acoustic power output from 
turbomachinery increases in proportion to the stpiare of mechanical 
power. This variation obviously cannot bo continued to indefinitely high 
powers since the acoustic loss would soon exceed the availabk; ('iu;rgy 
supply. The mechanism of fan noise gen<‘nvtion must tluTofore change its 
character at high speed, and the critical point seems to be; reached when 
the blade tip speed exceeds the sonic velocity. 

Observationally, the change becomes apparent in several distinct ways, 
one of the most striking being the appearance of the “buzz-saw” phe- 
nomenon, a noise characterized by multiple harmonics of the disk rotation 
frequency. At these high speeds, shock waves form, and the radiation 
field can hardly remain linear. On the other hand, it seems that the 
essential features of buzz-saw noise can be explained on the basis of linear 
theory alone and that nonlinearity is essential only in effecting minor 
modifications of amplitude. The first part of this paper sets down the 
central points of the arguments leading to a prediction of the buzz-saw 
phenomenon from purely linear theorj\ 
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The second part of this paper outlines some ideas on how the sound 
problem changes fundamcmtally at high speeds because of an inevitable 
wavelength contraction to a condition wlu're the wavelength cannot be 
large in comparison with surface dimensions. This noncompactness makes 
the high-speed problem quite different in nature; from that with which we 
are familiar at low sjieed. The radiatiid power is seen to bo a decreasing 
function of jet power, for given geometry. At high speed, the noncompact 
sources are not so clearly related to tlie unsteady (or even steady) lift on 
th(> surface's, see the're' must be' seeme eleeubt as tee the re'h'vanee' e>f attempts 
te) e'liminate the' unsteaely feerces te> the high-spe'e'd fan neeise preeble'm. 


SOURCES OF SOUND AT DISK ROTATION FREQUENCIES 

The sound of an A-bladed fan is not always confined to harmonics of 
the blade-passage frequency A'Q. There is, inevitably, some residual 
component at the disk rotatiein frequency 12 that can be' attributed to the 
fact that the blades are not positieined in a completely regular array around 
the supporting di.sk and canneit support identical aerodynamic loads, 
both because of the slight irregularity of support and because of slight 
geometrical variation from one blade to another. It is known that, when 
blades travel at supc'rsonic speeds, buzz-saw noise at harmonics of the 
disk rotation frequency becomes very intense and can become the domi- 
nant sound. By precisely what mechanism is this low-frequency sound 
generated? Is the mechanism essentially nonlinear, and why is the 
mechanism relatively stronger at supersonic speeds? On the basis of linear 
theory it is obviously not directly attributable to variations of blade size, 
incidc'iice, or camber. Each of these effects produces an irregularity in the 
time history of the sound field that is harmonic on the fundamental 
rotation frequencj' of the disk but random on the blade frequency. How- 
ever, these effects that bring about variations in loading from one blade 
to another are virtually independent of blade speed; thus the relative level 
of disk frequency noise to blade frequency noise arising from this cause 
would be independent of spc'cd, a feature distinctly contrary to observa- 
tions of the buzz-saw jihenomenon. On the othi'r hand, the variation in 
phase caused by slight circumferential variation of blade support can, on 
the basis of purely lini'ar theory, induce an effect consistent with observa- 
tion. This effect becomes more imjiortant at supersonic speeds because 
the frequency spectrum tlien contains much energy at very sliort wave- 
lengths; on this short scale, the slight jiositional irregularities appear very 
significant. This effect can b(> quantified as follows. 

Consider an A"-bladed disk rotating at an angular frequency 12. The 
pressure field generated by the motion will be at harmonics of this fre- 
quency because, when all effects of turbulence arc discarded, the field is 
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repeated on each rotation of the disk. If the geometry were ideally precise, 
the sound field would also be repeated at intervals corresponding to the 
blade-passage frequency. We denote this hypothetical time history of the 
field at any point by g{t), and this signal could be Fourier-analyzed into 
discrete frequency components: 

= ( 1 ) 

n 

Now suppose that the blades are identical but are positionc'd in a 
slightly irregular way around the disk circumference. The time history 
might then be denoted by ^(f-|-e), where e is a small .stochastic function 
of time on the interval corresponding to disk rotation but is exactly 
repeated every period. The signal g{t+i) can be expanded in a Taylor 
series about e = 0, and, for sufficiently small e, the real signal can be 
represented by- 

fir (f-be) =g(0 +eg'(f) (2) 

g{t) is periodic at the blade frequency', but the second term is not, being 
periodic at intervals of disk rotation frequency' only'. Consequently, the 
real signal is made up of the discrete frequency part of the ideal case', plus 
a small subharmonic part, smaller by a factor of order 

(3) 

than the nth harmonic of the tone at the blade-passage frequency NU. 
The frequency nA’’t2 is the ratio of the amplitude of g' to that of g. At 
higher frequencies, the expansion of equation (2) fails and the situation 
becomes quite different. The spectrum g(a) can then be obtained by the 
Fourier transformation. 

9(a) j g(t+t)e-'‘“ dt 




I dt 

n 


(4) 


The phase factor, nNQ,{t-\-e) , is now a rapidly varying function of t, so 
that the integral may- be cvaluatc'd by the method of stationary phase 
to give 


, , 1 G„ exp [f (tp-|-2m7r/S2) (nAO — a)4-fnWen] 

® 

where signifies summation over all stationary' points occurring in the 


interval {0,2ir/Q), and e, e" are evaluated at the stationary points tp. 
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The sum over m forms a delta function so that 


S(«) 



EE 

p n 





(6) 


1 


^27T 


E E^A 

p n 


27rf2 


1/2 

I 6(a — wl2) 


( 7 ) 


(Note that constant.) 

This spectrum is a serii's of discrete components at harmonics of the disk 
rotation fn'cjiu'ucy il and is utterly indepi'iidi'iit of the blade-passage fre- 
(jiu'iicy. TurthermorCj the levels of the discrete tones are independent of 
the harmonic miml)(‘r, a feature often observed in buzz-saw situations. 
It seems paradoxical that it is only when the basic waveform contains 
high enough frequencies that nNilt is large that the low-frequency spec- 
trum can become significant. This fact is a reflection of the need that the 
waveform possess sharp corners, necessitating high frequencies in the 
spectral decomposition before small errors in phase in gii + f) can mate- 
rially affect the waveform. Where this is so, the phase variation is random 
enough for there to be no blade-passage frequency harmonics in the 
spectrum, and the sound is composed of harmonics of the disk rotation 
freciuency alone. The sjx'ctrum is the characteristic of that measured if a 
definite interval of white noise is repeated harmonically, as it would be 
in a short loop of taped noise continuously plajing on a recorder. That 
spectrum is an infinite series of equal-strength tones of the loop frequency. 

The most significant effect of supersonic motion is that “sharp-cornered” 
shock waves an; formi'd, making the basic Fourim synthesis of the wave 
contain v(>ry high frequencies. This effect, coupli'd with slight phase 
variations due to irregularities of blade positioning, can evidently bring 
about the array of low-frequency tones that constitute buzz saw. 

The essential clement of the buzz-saw phenomenon seems to be a phase 
randomization of tlu' elementary blade-passage signals. This effect is 
inevitable because of slight manufacturing imperfections leading to errors 
in circumferential jiositioning. It is also an (dfect that can arise from 
nonlinear (‘ffects resulting from blade's of slightly varying geometry, for 
thee higher pre'ssure rt'gions would tend to trave'l relatively faster than the 
low-amplitude signal to induce jihase variations away from the rotor disk. 


SOURCES OF BROADBAND SOUND AT HIGH SPEED 

Random broadband noise in any turbomachine is caused by some form 
of turbulence. Steady flow distortions cause broadband noise only in- 
directly by bringing about turbuh'uce in some part of the machine. The 
inlet flow into the machine may be turbulent, so that the aerodynamic 
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loading of the blades is made stochastic, and sound of continuous fre- 
quency content is then inevitable. Sound generated in this way can appear 
relatively discrete only if successive blades experience nearly idi'ntical 
loading histories, as they would if a large sausage-shaped turbulent eddy 
were being absorbed by a fan over a significant fraction of a disk revolu- 
tion. Ffowes Williams and Hawkings (ref. 1) show that the bandwidth 
of the blade-passage tone generated in such a situation is the rciciprocal 
of the numbiT of blades subjected to the distortion field of a single eddy. 

At low speeds the random noise is due almost entirely, apart from small 
(in air) displaced inertia terms, to the unsteady forces on a blade. The.se 
forces can be computed by the method of Sears and von Karman (ref. 2), 
a method which regards the flow as incompressible. The motions bringing 
about the unsteady forces are virtual!}' decouph'd from the small sound 
field at low IMach number. At higher Mach number, the coupling is 
immensely improved, and it is no longer possible to determine the blade 
loading independently of the sound field; neither is the blade load itself 
the source of the field. The computation of the field centered on the blades 
is then properly posed as a diffraction problem, wlu're the incident field is 
specified with the object of determining the scatten'd waves. Of cour.se, 
once conditions are known on the bounding surfaces, the linear radiation 
field is determined. 

Miles (ref. 3) gives many relevant refer(>nces and describes the field 
induced by a thin super.sonic aerofoil entering a sharp-edged gust. This 
solution can serve 'as the Green’s function to generate the scattered field 
for arbitrary two-dimensional incident flow. At first sight, (luite a different 
viewpoint mu.st be taken of the sound generated by turbulence ari.sing on 
the rapidly moving blading, but in fact recent developments bring the two 
situations very close together. We consid('r here blading that moves in a 
uniform stream. 

It is known that in coordinates moving with the stream sound is 
generated and propagates according to Lighthill’s inhomogeneous wave 
equation 


dt- P □ P sxidxj 


( 8 ) 


Tij is only nonzero effectively in a confined region of space where tur- 
bulence is present. The boundary conditions under which equation (8) is 
to be solved usually take the form of a constraint that the normal velocity 
in the fluid is equal to that of the bounding solid surface, together with a 
radiation condition. The noise problem is then posed as that of finding the 
solution to equation (8) with Tij, a specification of the driving turbulence, 
known. 
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It is troublesome to have the boundary conditions specified on a moving 
surface, so there is some benefit to accrue from a selection of a new co- 
ordinate system fixed relative to the surfaces. Unfortunately, the wave 
operator is not invariant to a Galilean transformation, so the benefit of 
easily specified boundary conditions is bought at the expense of a more 
intractable governing equation. This difficulty can be overcome for 
steadily moving surfaces by the use of a Lorentz transformation that 
slightly distorts the geometry of the boundaries. However, if the surfaces 
are thin planes parallel to the flow, the complication in the Lorentz frame 
is minimal, and the high-speed surface problems can then be reduced to 
elementary low-speed examples. This scheme can be used, for example, to 
study sound diffraction from a thin-walled pipe, with flow on both sides 
of the wall. It is also the scheme by which Berman has been successful in 
posing the general aerodynamic noise problem for steadily moving sur- 
faces. The results of this approach reproduce the conclusions reached by 
I’fowcs Williams and Hawkings for steady motion (nff. 4). However, their 
results are aiiplicable to arliitrary motion, so they are more suitable as a 
basis from which to discuss the issues arising in turbomachinery noise, 
where rapid rotarj' accel(‘rations arc inevitable. 

The solution to equation (8) can be written in a useful form as long as 
all source distributions are compact. That is, all surface and eddy sizes 
must be very much smaller than any wavelength in the radiation field. 
That solution is given in equation (7.4) of Ffowes Williams and Hawkings 
(ref. 4) : 


4irc-(p— po) (x,<) 


d- 


d 

P i-\-poViVo 

dXidXj 

[r\l-Mr \ \ 

dXi 

Lr| 


( 9 ) 


Qij is the integrated stress tensor, r,- the surface velocity, Vo the volume 
displaced by the surfaces, and P, the force exerted by the surface on the 
fluid. The field is driven by a dipole system of strength equal to the body 
force excess over that reejuired to change the displaced momentum and 
by a quadrupole made up in part by the integrated turbulence stress 
tensor and in part by the surface Reynolds stresses. | 1— M,] is the 
Doppler factor by which the length scale in the sound field is reduced 
because of source motion at Mach number Mr toward the field point x. 

At low speeds, the dipole term is dominant, as can be seen from the 
usual estimating procedure of setting the force proportional to pU^U 
(L being a characteristic source length) and the integrated Reynolds 
stress to pUM^. The source radiates a field of wavelength X, and the 
operator d/dXi changes the magnitude of the differentiated quantity by a 
factor of order X“'. According to equation (9), the magnitude of the 
quadrupole field is, therefore. 
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C^P' 


r I 1 — Mr 


'w 


1 

\-Mr 1 ' 


= pC/^ 



I- Mr r 


while that of the dipole-induced field is 


( 10 ) 


pU^U 


1 


r I l-Mr I Xo I l-Mr 




-Mr I-' 


( 11 ) 


Xo is the wavelength emitted by the source at rest, and X = Xo | \—Mr \ is 
the wavelength at convection INIach number Mr- 

The quadrupole is negligible evidently only as long as 7VX«1, as it 
always is in the regime where equation (9) is relevant. Then, the dominant 
source term is the force exerted by the fluid on the surface, and the job of 
quieting a low-speed fan is essentially one of n'ducing the level of the un- 
steady forces on the fan surfaces. Not so when L/X < < 1, as is inevitably 
the case because of the Doppler contraction and the tendency for the 
wavelength to vary inversely with fan speed. The general solution to 
equation (8) was rewritten by Ffowes Williams and Hawkings in a form 
suitable for the noncompact distribution, and for the special case of 
steady high-speed motion this equation becomes 


47TC2(p-po) ( 


q0= f 

•'Ti.r 


d'^Trr c dQ dr 

Qj .2 J. 


C { dT 

-j- / <div [mp cot — c^)]-|- cos 0 — ~ 

K.r I dr 

( 12 ) 

where the suffix r is the tensor component in the direction of radiation 
(in a frame moving with the fluid), is the surface r = constant, V is the 
curve of intersection of H with the boundarj^ surface S, m is a unit vector 
normal to F in S, and 6 is the angle between the surface normal and the 
radiation direction, t is a time variable. 

The usual dimensional analysis of this equation shows that both the 
noncompact quadrupoles and surface dipoles radiate fields of comparable 
magnitude, of order 


1 c dr dr 
/ r sin 0 


c^p — 'pf7^ — (13) 

r 

where r is the coherent radiating lifetime of a source. For steady fields, 
this lifetime is infinite and leads to the shock fields of steady supersonic 
flow. For the broadband noise, however, the time is the inverse frequency 
L/U, so that at high speeds the broadband noise amplitude is 
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c-p~pU- 



AI-' 


(14) 


This is initially the same magnitude as that of the steady pressure waves 
radiated from a blad(> in rapid supersonic motion, but the steady field is 
not subjecti'd to the same geometrical siireading law. 

Ecpiation ( 12) makes it clear that the fluctuating force on the blade does 
not appear explicitly as a source term. In place of the surfaci; stress we 
have th(' Reynolds stn'.ss gradient, which is the same term as that respon- 
sible for volume sound. Also, th(> lifetime of the sourci; appears directly 
in the field .strength, so that the random fiidd would be quieter if the 
turbuh'iit (‘ddies were made to lose their cohermice more (piickly. 

A jioint that is perluqis worth making also is that at the high .supc'rsonic 
speeds the noise scH'ms to increasi' in din'ct proportion to thrust and that 
the noise p(>r unit powi'r is a decri'asing function of spc'cd. 

Th(> diifc'rences that feature in the high-speed nois(> are due entirely to 
the inevitable contraction in wavi'h'ngth to a jioint where sound is no 
longer easily distinguishable from the driving unsti'ady flow. Tlum the 
process of attemjiting a specification of surface conditions in the absence 
of sound, followed by a pri'diction of the sound fii'ld from these estimated 
boundary values, fails. The jiroblem has become imwitably one of diffrac- 
tion, wli(>re both surface loads and the radiati'd sound must be e.stimated 
together. This jirocc'dure is only in its early stages in th(> study of aero- 
dynamic noise, but already effects arc' being predicti'd quite contrary to 
the (jualitative ideas one gathers from ('xtraj)olating known results for 
comjiact source' distributions. The most readily mi'asured jirojK'rty of 
noise is tlu' variation in energy level with incn'asing sjii'ed. Comjiact 
(juadrujioles and dijiok's have a C® and f" variation, resjiectively, while 
both have a V" variation in the noncomjiact condition. Away from tlu'se 
limits, one can obse'rve a very wide range of vi'locity indices resulting 
from the scattc'ring of the' (juadrupole fii'ld by noncompact surfaces. No 
doubt this work is relevant to the broadband noise inside' fan syste'ms 
wlu're've'r the fan chord exce'cds the radiated wave'h'iigth. However, the 
ide;as discusse'd here' have ye't to be applie'd tei that situation. 
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DISCUSSION 


J. VRANA (]\IcGill University) ; It is interesting to note the comment 
by Dr. Ffowcs Williams that nonlinearity need not be invoked to explain 
the occurrence of combination noise. Let us face it, the nonlinearity is 
there; that is th(> way shock waves propagati'. 

In thinking about the phenomenon, I was intrigued by the small effects 
of attempts to make the blading as uniform as pos.sible. Could the 
bunching of shock waves be an inherent instability of certain flow fields, 
where, for instance, a shock displaci'd slightly forward would “lose” more 
expansion Alach waves behind it than it gained in front (spi'aking in the 
2-D blade-to-blade terminology of the compre.ssor designer), thereby 
increasing in strength and moving further forward to a new stable posi- 
tion? Blading imperfections would then merely act as triggers for this 
departure from periodicity. 

T. G. SOFRIN AND G. F. PICKETT (Pratt & Whitney Aircraft): 
Professor Ffowcs Williams has presented a linear tlu‘ory explaining the 
generation of tones at harmonics of engine' rotation frequency. Although 
he .shows that these tones may be produced by small circumferi'utial 
variations in shock spacing, the lack of a mi'chanism to account for 
evolution of greater proportions of extra tones with increasing distance is 
a .significant limitation. The probe data outliiu'd in our ]iaper clearly show 
that small circumferential variations in shock spacing are amplified 
because of the nonlinear nature' of the propagating shock wave's, and wo 
contend that this is the dominant factor in the distribution of the power 
in the direct rotor field throughout the harmonics of engine rotation 
frequency. 

FFOWCS WILLIA^IS (author) : i\Ir. Vrana sugge.sts an interesting 
possibilit}', and I know that some people have been working on the 
stability eif the shock train although I haven’t myself. I think it’s quite 
likely that it has an important bearing on this problem, but if this is just 
simpl}' an instability issue, I can’t really see why the experiments 
show that the signature is exactly the same every time the disk goes 
around. Your comment about the nonlinearity being there anyway: Of 
course' it’s thi're. But it’s certainly not necessary to “buzz saw.” You 
could get buzz saw for vanishingly low am])litud(' at supersonic speeds. 
That was the point I was making. 
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The information given by Mr. Sofrin and i\Ir. Pickett is a very con- 
vincing account of the observation that, in their experiment, nonlinear 
effects are very important. They are likely important in all real engine 
situations where buzz-saw noise is observed. The point I make, however, 
is that buzz saw is also inevitable for arbitrarily small amplitude. The 
linear theory I describe shows how blade spacing errors will account for a 
buzz-saw phenomenon, but I have no doubt that, in the experiment 
reported, the main phasing errors were induced by nonlinear effects. 
However, nonlinearity is not essential to the occurrence of buzz saw. 


Multiple Pure Tone Noise Generated by 
Fans at Supersonic Tip Speeds* 

T. G. SoFRiN AND G. F. Pickett 


Pratt & Whitney Aircraft 
Division United Aircraft Corporation 


The existence of clusters of ])ure ton(!S at integral multiples of 
shaft speed has been noted for supersonic-tip-speed operation of fans 
and compressors. A continuing program to explore this phenomenon, 
often called combination-tone noise, has been in effect at Pratt & 
Whitney Aircraft (P&WA) for several years. This paper reviews the 
research program, which involves a wide range of engines, compressor 
rigs, and special apparatus. Elements of the aerodynamics of the 
blade-associated shock waves are outlined and causes of blade-to- 
blade .shock inequalities, responsible for the multiple tones, are de- 
scribed in some detail. Some of the data presented were obtained 
under spon.sorship of the Federal Aviation Agency. 


Multiple pure tone sound, frequently called combination-tone and 
“buzz-saw” noise, characterizes the spectra of turbofan inlet radiation 
fields at supersonic-tip-speed operation. Before discu.ssing the high-speed 
regime, howevc'r, some relevant background information concerning 
subsf)nic-tip-speed fan noise will be mi'ntioned. 

Instances of discrete tones other than blade-passage harmonics have 
been noted in the inlet spectra of turbofan (‘iigines since the time of the 
first aircraft compressor noise studies. In those very early 1900’s, when 
blade-passing frequency whine was the outstanding engine noise problem, 
such “extra freqiu'ncic's” wen* called “subharmonics” and were dismissed 
from the mainstr('am of re.search activitic'S. With continuing time and 
effort, a clear understanding of blade frecpiency noise was achieved. The 
growing evidence for the prevalence of C'xtra frequcaicies could no longer 
be ignored, and they became the subject of increasing attention. A simple 


' The authors acknowledge the cooperation of the Federal .\viation Agency, under 
whose sponsorship portions of the data present(!d here were obtained. 
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sorting tost liasi'd on whothor or not those froquoncios remained fixed 
intf'gral ordi'rs (multiples) of shaft rotation rat(> servi'd a useful classifying 
purpose. 

Example's of strong acoustic signals with noninti'gral orders are aeolian 
tone's and e'dge teme's causeel by eiscillating flows over structural e'leme'uts 
in the fan air passage's. Such small-scale items as instrumentation probes, 
bosses, and sheet metal seams cemld excite substantial acemstic vibrations 
and in fact diel se> on meire occasieins than one would care to re'call. Figure 
1 .shows semie eef the' e'arly P&WA laborateiry mexlels used feir the study of 
aeeilian and cavity tone's in airflow duct sectiems. As has subsequently 
bee'll pointe'el out (ref. 1), the duct mode's can ceiuple with the triggering 
mechanism to sustain intense fie'lels. De'sjiite such cennpk'xity, solutiem of 
many of the'se' type's eif extra-freeiuency preibh'ms is a matte'r eif careful 
attention tei de'tecting and re'meiving disturbance's in and along the e'ligine 
fleiw passages. 

A meire subtle' cate'geiry eif e'xtra-freeiuency comjire.sseir seiunds include's 
case's of siibseinic-tip-spee'el, twei-stage' fans with spe'ctra having se've'ral 
inte'gral eirde'r teine'S. The' e'sse'iitial fe'ature' eif tlu'se' spe'ctra, which chie'd 
disceivery eif the' ge'iie'rating me'chanisin, is that the' jire'deiminant orele'rs are' 
arrange'd in arithme'tic sequence. The seque'iice' may be' breike'ii eiccasieinally 
and may cemtain a ve'ry fe'w misfits, but the' main se'eiuence' dilTe're'iice; 
e'quals the' diffe're'iice in the' numbe'r eif reitating blade's of the' two fan 
stage's. Figure' 2 sheiws a iiair eif eirder diagrams feir e'xpe'rime'iital e'ligine'S 
run in 19G1. By jileitting narreiw-band spe'ctral ceimpone'iits against 
e'ligiiH' shaft spe'e'el, fre'epie'iicie'S that are' re'late'd tei sjie'ed by a factor eir 
“eirele'r” are' re'e'eignize'el by falling iiiiein radial line's. Figure' 2ei jie'rtains tei 
a turbeifan having 3‘i first-stage blade's and 42 blaeh'.s in the' see'eind stage', 
a eliffe'i'e'iice' eif 7 blade's, lane's eif constant eireh'r have' be'e'ii labeh'd and the 
ceine'e'iitratiein eif elata peiints aleing line's se'parated by 7 orele'rs is striking. 
In figure' 2b, ceirre'speinding groujiings feir an e'xpe'rime'iital fan with 35 and 
32 blade's are' se'e'ii aleing eireh'r line's se'parate'd by 3 units. 

The' se'eiue'iice eif impeirtant eireh'r line's in tlu'se and either instances of 
twei-stagei fans siigge'ste'el that ;i e'ommein ge'iie'rating mechanism was 
re'speinsibh' feir many case's of e'xtra-fre'epie'iie'y spe'ctra and that beith reiteirs 
we're' mutually inveilve'd. Freim that jieiint ein it was epiite' straight-forwarel 
tei sheiw that the' e'xtra freejue'iicie's are' ge'iu'rate'd whe'ii a reiteir-.stateir inter- 
actiein meide at seime blaeh'-jiassage' harmeinic eif eiiu' roteir is scattere'd liy 
the' either reiteir. This se'atte'ring, now e'alled “seceindary interactions” in 
multistage' compre'sseirs, transfeirms acemstic e'lU'rgy in the frequency 
deimain as well as e'ife'cting meieh' ceinver.siein. hlode convc'rsion at fixed 
frequency is a re'sult of stateir scatte'ring; frequency shifts re'quire a rotating 
scattere'r. The alhiwabh' orders in a twei-stage fan are give'ii by inte'gral 
linear combinations of the' blade numbers; i.e., Whether an 

allowable secondary inte'raction exists in significant strength (some are on 
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Fkiuke 1 , — Apparahm used in studies of aeolian and cavity tones. 


occasion actually greater than blade-passage harmonics!) depends on 
many factors, including considerations of cutoff ratios of both the second- 
ary interaction and the jirimary rotor-stator “generator” mode. 

Secondary interactions are mentioned Iktc because thc-y provide one of 
the first cases where the phrase “combination toiu'” was applied to a 
powerplant noise. This expression was also chosen to refer to multiple 
pure tone supersonic noise, in preference to “buzz saw,” on the basis of 
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ENGINE SPEED -RPM 


FuirRH 2 . — Combination tones at subsonic rotor speeds due to secondary interactions. 


psyclioacoustic considenitions that will bo disciissod pn'sc'ntly. A further 
purpose of ineludiuff some of the iuvc'stigatioiis into (‘xtra-freiiueucy 
eugiue noise is to show the rathi'i- wid(> rangi', of plu'uomena that can be 
made understandable by application of linear acoustic theory. Despite 
these instance's of succc'ss, linear acoustic tlu'ory proved unable to account 
for the characteristics of supersonic-tip-spec'd combination tones. De- 
tailed cxperimc'iital studic's have revi'aled the fundamc'ntal nonlinear 
nature of the supersonic case. 


PSYCHOACOLSTIC FACTORS 

An unusual feature of combination-tone noise is that its spectrum is, as 
a matter of natural course*, much less annoying to the listener than would 
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bo the case if the transformation of energy from blade-passage harmonics 
failed to occur. Probably the most common examples of reducing an- 
noyance by spreading line spectra are the irregularly spaced blade arrange- 
ments used in automotive cooling fans and the irregular tread patterns 
used for snow tires. This spectral control fc'ature resurfaces ever.y so often 
in the literature (refs. 2, 3, 4) , but the example involved here with super- 
sonic fan multiple-tone noise is the first known reported instance of its 
occurrence in machinery as a natural outcome rather than as a deliberate 
design feature. 

At the time when blade-vane interaction noise at subsonic rotor speed 
was the central power plant noise problem, two psychoacoustically 
oriented programs were instituted to explore the possibilities for reduction 
of compressor-whine annoyance. One program was based on using con- 
trolled off-synchronization of the speeds of the four engines so that the 
airplane far-field spectra contained blade-passage components, combining 
in a typical sef}uence as, for example, 2000, 2100, 2200, and 2300 Hz and 
harmonics of these. The nonlinear characteristics of the human ear are 



a. — Sound-spectrum synthesizer. 


b. — 1 0-inch-diameter asymmetric 
rotors. 


Figure 3. — Equipment for tone-spectrum evaluation. 
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such as to supplj’ perceptions of many extra tones that are linear com- 
binations of tlu'se basic freiiuencies. Stevens (ref. 5) discusses these 
phenomena, employing the apt term “combination tone.” Where several 
signals separated by a common difference (e.g., 100 Hz) are jiresented to 
the ear, reinforci'ment of the low-frequency fir.st-order difference tones 
(100, 200, 300 Hz, (>tc.) is especially pronounced, giving the impression of 
a much lower pitched sound than is actuallj’ implied by the jihysical 
spectrum. Psychoacoustic tests were conducted using a .spectrum syn- 
thesizer with too controllable frequency outputs, as shown in figure 3fl. 
This program was suspended when analysis of flight operational con- 
siderations contraindicatc'd use of the com]ilex ('ugine speed control 
required. 

A more straightforward scheme for spectral sprc'ading was explored in 
model form using unequally spaci'd blade arrangi'ments (ref. 10), as 
illustrated in figun' 3/;. This program was also drojqied because of other 
conflicting engine requirements, although, as noted (‘arlier, thc' conci'jit has 
many working applications in current us(>. 

There are indications that the spectra of combination-tone noise in 
supersonic rotors are subject to some measure of control. For this n-ason, 
as well as the need to pn'dict “perceived noisiness” more reliably than 
current rating systems can accomplish, extensive psychoacoustic studies 
are required. A facility for testing multiple subjects simultaneou.sly in 
exceptional!}’ uniform sound fields has been recently developed and is 
shown in figure 4. 



Figche 4 . — Pstjchoacoustic test facilities. 
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HISTORICAL INFORMATION 


As far as we have determined, the first reported incident of supersonic 
combination-tone noise appeared more than a dc'cade ago in an internal 
report on an experimental engine (ref. (i). Conclusion number six states, 
“Engine noise had an odd quality . . . which was best described as 
sounding like a buzz saw. It was generally considered to be a less annoying 
sound than the compressor blade passing noise at lower thrust settings.” 
At the time of these remarks, when no theory of compressor noise existed 
and when a “fix” for the acute bladc-pas.sage noise of the JT3D turbofan 
then entering service was being urgentl.y sought, it is somewhat ironic to 
have uncoverc'd a glimpse of a phenomenon that would assume practical 
significance at a later date. 

By 19G4, uprated engine modifications and advanced experimental 
prototypes were appearing with higher fan tip speeds. Reports of unusual 
inlet noises began to grow. Finally, full-scale inlet noise mc'asurements on 
a run of several engines, together with high-opc'rafing-spt'ed data on a 
single-stage compressor rig, provided the nece.ssary information. Narrow- 
band spectral analysis clearly and consistently showed a jilurality of tones 
at multiples of shaft rotational frequency and linked their appearance 
with the onset of supersonic rotor tip speed. C'ompressor noise theory, 
by now reasonablj’ developed, indicated that these integral order tones 
were linked with rotor blade inequalities. Since the phenomena occurred 
even with rotors having new, closely uniform blades, it was also clear 
that some sort of aerodynamic amplification was involved, whereby small 
geometric blade-to-blade variations wore transformed into verj’ sub- 
stantial nonuniformities in the pressure fields rotating with the blades. 

In 1965 design work was progressing on a new generation powerplant, 
the JT9D, which incorporated all known fan noise reduction features in 
the basic configuration (ref. 7). Interaction noise had been designed out 
of the powerplant, but at supersonic tip speeds, where no method other 
than absorbing lining was available to attenuate the propagating pressure 
field of the rotor, it had originally been feared by some that the direct 
rotor field would generate an objectionable siren-like noise. However, the 
test information related above, supplemented by noise data on a related 
larger turbofan, indicated that combination-tone noise rather than blade- 
passage noise would be radiated from the inlet at high powers. A significant 
body of information thus indicated that we could reasonably expect to 
avoid this piercing blade-passage whine problem. Early in 1966, tests of a 
prototype JT9D confirmed this fortunate state; the concept behind 
asymmetric fans had finally reached practicable embodiment with the 
natural, small blade-to-blade nonuniformities of aircraft rotors operating 
at supersonic tip speeds. 
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Di#icl»»«im* wf i?«inbit»:iti»*ti-toru* nuia* as an inhwiii «htrart#»Jw itf 
sup«»rsw«e^ip-sp(H;'d o{M*rattMn was niadit* in a ppr «f survey p»{M*rs 
(rt#. S, 91. Biadire t« advaiw the understanding wf this noise and to 
explore methods for its wintml tww puiKUed, Kxt«tsive use was made «)f 
the 28-it(.-diai«eter singkHjtage eranpressor rig sltwvn in itgun* 5, Internal 
trav'ersirtg of lht*itth»t of tins rig rev«>«dedthe Wadi*»tip sluiek patterns and 
l^ve definitive evidenri? of the tioiilmear Miavior involved in snia'isonic 
eomUnation-tone nois* Xfhny «jf tlie detaih'd noise eharacteristies 
IwriMHl tn th«-sepr(>grana*weri'descrilk>dby j. 1). K»>sterin 1%9 tref. 10) 
.andwereatedis«4t>s«Hlinashort ttwdi«rtpfetiMt>i^4^^ 19t*8 (ref. II). 

{Several eompresstw rigs and ntany laijdtM* hat'e lasm utHal tt» «-slablis!i 
the eurretrt state of uiidemtandiug. The widessttde range of ispiipment 
u-sisl is ItighlightiHlin figure 6«. Fw^la the itilrt of an experimental full- 
seale fiight*test J*r9l> en^ne is a uind-iu»ii»el-n»Hlel'tanvenfl nacelle 
desigjuHl for insiallatwat aenHlyiiamie program-s, it.s 4-tn.-diameter fan, 
eapable of spinnatg at 80000 rpm di<sign sjasd, develops a tip Math 
number of 1.8; Xtdse data w’ere obtawtsJ with a high-frwpieney micro* 
phone .sy.sii'ni, mawdetl at high sp*s?d on magnetie tap*, and jdayed l>atl{ 
at i speed through a Baw»w*band tvnve aiudyxer. A .sample iiilrt mfe* 
.speetnim h* shown in fiptn* fife. The prr'valenw' «if multiple pure tones nuiv 
Is* noted and eomi>ared with the Ml*seale .n1)D inlet nois«* spe«*tmm «»f 
figure tie. Thk modd program provkhd e»»nvi«eing evidence fig the 
ndiabiiity of .sc.*lmg to blade Mach ttMml«*r, a principle of awiuslic testing 
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Pnii-Rl; fl ; — Kfirt it/ fan tlutmfl.fr an fmihimtlmn-Umf ntninf. 


that had Ikh*m staltHl fspliwtiv for sulwmif wmipnf -or itpcratiitn In* 
WtlfsamnirOn w 12). 

A mipFROTHif* rasejMltk ivlatl Hiniad wa:* ns«><iin a pwiRnim t»» ih** 

of varioiK MaJi‘ iionunifornjitit'j! np(»i» <‘as<-a<I«‘ sh»>ek-\yavt‘ 
variatiirtw 13, it), I’iRiift'" s yiWv «f thp inKtatiatw 
Sfh&rifn photosjraph »f tht* ahwk stniftim* takm during f>pi>rati*tn with 
a Mwiform w4‘mw»* P«mfii^ifatir>h. 
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a . — CaKcnde arrangement . b . — Schliercn photograph. 

FiGuni-; 7. — Supersonic cascade tunnel. 

To supplpmont full-scalo pngiiic studies of combination-tone noise with 
a variety of blade designs and flexible test programs, a new single-stage 
fan rig has been developed (ref. 15) . As seen in figure 8, the rig is installed 
in an outdoor stand where reliable far-field noise surveys are made and 
where inlet traversing equipment can be emplaced quickly for very near 
field data acquisition. 

As is true in the linear cases of compressor noise phenomena, the three- 
dimimsional nature of the inlet geometry presents complications in the 
nonlinear domain of supersonic fan noise. Radial or spanwise variations in 
the aerodynamic characteri.stics of the flow very near the rotor face, as 
well as acoustic field variations symptomatic of higher radial mode struc- 
ture farther out the inlet, raise significant obstacles to theoretical and 
experimental studies alike. A sim])lified basis for further study would be 
established if it could be demonstrated in a narrow annulus inlet that the 
power in predominantl.y blade-passage harmonics in the very near shock 
fi(*ld of the rotor wi-re transformed into multijile tones at shaft rotation 
harmonics, as occurs in conventional fan inlets. 

A short program has been conducted recently under Federal Aviation 
Agency sponsorship to deti'rmine if combination-tone noise is developed 
in a narrow annular inh>t region (ref. IG). By inserting a sleeve spaced 
concentrically in the inh't of the 28-in. -diameter rig (figure 9), a narrow 
annulus was fornu'd within which the outboard blade shock field could 
travel. Confined between the closely spaced (I-5 in.) walls, shock struc- 
ture in the very near ficdd of the rotor evolved into the characteristic form 
of combination-tone noise as the pattern spiraled forward. Figure 95 
shows typical combination-tone results obtained several inches from the 
rotor in the annulus. 
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These tests confirmed that combination-tone studies could indeed be 
made on a two-dimensional basis and that no essential features are lost by 
ignoring radial complications. Accordingly, consideration is currently 
being given to possible fabrication and use of a special narrow annulus rig 
or rotating annular cascade (figure 10) in future studies. 

COMBINATION-TONE CHARACTERISTICS 

The essential features of combination-tone noise, based on the work 
reported by J. D. Kester (ref. 10) and on additional programs, are sum- 
marized below, prior to an aerodynamic (explanation of the shock-wave 
evolution responsible for this noise. 

At sup('rsonic tip spec'ds, shock waves form at the rotor blade tips. 
Because of small blade-to-blade irregularities, tin; shocks display slight 
nonuniformit}’ of amplitude and spacing. Probe microphone measure- 
m(‘nts taken very close to the leading edge plane of the rotor reveal that 
these irregularities are small compared to their average values. Typical 
data for the very near fic'ld (figure lln) show the essc'utial uniformity of 
pn'ssure signature, rt'jietitive at blade-passage frcapiency. The corre- 
sponding spectrum confirms the visual imprc'ssioii, extra harmonics of 
shaft rotational rate being at least 20 dB below blade-passage levels. 
Parentlu'tically, these small trace's of extra orders are also present in the 
subsonic spectra of actual fans. 

Only when the pressure' sensor is drawn farthe'r away from the rotor do 
the characteristics of combination-tone phenomena appe'ar. The rotor 
signature' exhibits re'latively more blad('-to-blade irre'gularity. At this 
distance the shock patte-rn, locke'd to and spinning with the rotor, assumes 



a . — Sketch of rotating annular cascade. 


b . — Blade for rotating annular 
cascade. 


Figcue 10 . — Rotating annular cascade rig. 
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a. — Uniform very near field. b. — Combination-tone field. 

Figure 11. — Waveforim and spectra in combination-tone development. 


different features around its perimeter. Correspondingly, the extra fre- 
quencies present in the spectrum hav(> levels that are no longer lU'gligible 
relative to blade-passage harmonics. At stations still farther from the 
rotor plane (figure life), the rotating pressure field has lost most if not all 
of its original repetitive blade imprint, and its spectrum is overwhelmingly 
multiple pure tone. This sequence portrays the complete evolution of the 
combination-tone pattern; further probe travel discloses no essential 
novelty. 

The earliest studies of combination-tone structure inside a fan inlet 
drew heavily on instrumentation systems and conci>pts that had pre- 
viously proved successful in explaining the nature of compressor noise at 
subsonic rotor speeds. In that field it is expedient to work with such con- 
cepts of linear analysis as spectral parameters (e.g., amplitude and phase 
of blade-passage frequency) and duct characteristic functions (circum- 
ferential and radial modes). These techniques have limited value for 
examining combination-tone behavior. Examination of the unfiltered 
pressure signature in the course of axial traversing shows the complex 
evolving progression of the train of unequal shocks. Filtering techniques 
in frequency and resolution into modal components actually obscun; the 
clear information in the pressure-time signature. No amount of spectral 
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information can substitute for witnessing the overtaking and merging of 
shocks when si'cking understanding of combination-tone generation. 

In supersonic rotors having subsonic i‘xit flow relative to the blades, the 
shock structure jiroducing combination-tone noise is restricted to the 
regions ahead of the rotor. The effects of inlet guide vanes noted to date 
are largely predictable; Pri'swirl lowers the resultant flow speed entering 
the fan and defers the onset of shock behavior. Guide vanes may affect 
the transmis.sion of the combination-tone wave field as they do blade- 
passage noise, in a manner dc'seribed by iNIani, Horvay, and others (ref. 

17) . However, guide vanes reintroduce the jirime source of blade-vane 
interaction noise. 

Combination-tone noise has been successfulh- reduced Iw sound- 
absorbing liners (figuri' 12). Because the .shock-wave fi(4d is confined to 
the vicinity of the inlet wall rather than distributed radially inward to the 
rotor hub, a .short treatmimt length is more effective for the attenuation 
of combination-tone noise than it would be for interaction noise. 

AERODYNAMIC THEORY— IDEAL, UNIFORM FANS 

Having illustrated the e.ssential features of combination-tone noise with 
examples from several rigs and (‘iigines, we will investigate in more detail 
that region ahead of the rotor called the transition zone, when* sound 
power is transferrc'd from blade-passing freciuimcy into other harmonics of 
engine rotation fri'quency. We shall first consider the shock-wave be- 
havior ahead of an ideal, .symmetrical fan and then extend thi' results 
to actual fans. 

A thi'oretical investigation using shock-wave theory is somewhat com- 
plicated by the low supm-sonic regime in which most fans ojierate and the 
three-dimensional nature of thi' flow. It is possible, however, using the 
methods of finite-ami)litud(' wave' theory as develojied by Whitham (ref. 

18) and Lighthill (ref. 19), and ext (aided by Blackstock (ref. 20), Morhw 
(ref. 21), and I'ink (ref. 22), to obtain the asymptotic behavior of two- 
dimensional steady .shock waves from cascades. 

Applying finite-amplitude wave theory to an isolated airfoil in super- 
sonic flow, the leading-c'dge shock wave decays (wentually as the inverse 
square root of distance from th(> airfoil and i.s of parabolic locus (ref. 19 
sec. 9). The distance' from th(' airfoil for which this solution is valid varies 
with the fn'c-stream Mach number and the leading-f'dge thickness for the 
flow re'gime considere'd. If this airfoil is now assembh'd in a two-dimen- 
sional cascade, it can be seen from figure 13 that the shock wave from that 
airfoil will be intt'rsected by or will eventually meet the expansion-wave 
n'gion of the prec('ding blade'. The' fields are illustrated for straight- and 
curved-blade entrance profiles in figures 13a and 136. 
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Fi(iUKE 13. — Shock patterns for uniform blade cascades. 
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Sliock waves that an' both })reced('d and followed by expansion waves 
were first investigated by Whitham (ref. 18); he found that the shock 
strength at large distances varied as the inverse first power of distance, 
converging to a line jiarallel with the free-stream INIach lines. Subse- 
(juent investigation by Blackstock (ref. 20) and Alorfey (ref. 21) con- 
firmed these ri'sults. Spc'cifically, the shock strength at large distances, 
X, was shown to be 


AP 


— - - (sin y-il/x) 
7 + 1 X 


( 1 ) 


where X is the gap between shocks, Po is the ambient pressure, d/'x is the 
axial Mach number, the angh' betwec'u the free-strc'am Mach wave 
and the axial direction, and y is the ratio of spc'cific lu'ats. Notice that 
eejuation (1) is indejicndf'iit of the initial amplitudi' of th(' shocks and 
that it does not contain any dissipative terms. This latter consideration is 
a restriction of tlu' validity of ('quation (1) for very larger distances when 
the shock stri'iigth is so small as to make dissipative' terms comparable 
with nonlinear, steepening effects. 

It can be concludi'd that the shock waves ahead of an ideal fan will 
initially advance on the expansion rc'gions of preceding blades and their 
strength will dt'cay as the inverse; sciuare reeot eef distance freem the fan. 
At distances eef the order e>f eene blade' gap, wlu're; the e'xpansions pre- 
ce'ding and feelleewing the sheecks are ceemparabh',^ the' sheecks will nee leenger 
advance on the e'xpansieen re'gions of the' pre'ce'ding blade's, and their 
amjelitude will decay meere' like the inve'rse' first jeeewe'r of distance. 

The conclusieens we're validate'd in the twee-eiimeaisieenal field of the 
narrow-annulus te'st mentieene'd e'arlie'r in the paper. The' annulus was 
probed with a |-in. B&K micreepheene' see that the stre'iigth eef the average^ 
shock wave ceeuld be' measure'd as a functieen eef distance ahead eef the fan. 
The re'sults feer thre'e operating jeeeints eef the' compre'ssor are presente'd in 
figure 14. The pressure rise acreess the average shock is normalize'd by its 
value at the first measuring ixeiiit aheael of the roteer, and line's with slopes 
of and -1, corre'speending to inverse' square'-roeet and inverse first-power 
de'cay respectively, are' suieerimpeesed upeen the measure'd data with 
evident fit. The change from l/\/er tei Xjx decay is seen to occur around 
2.5 in., which is slightly less than one blade gap. 


- That is to say, the areas preceeeling anel following the shock on a pressure-time 
curve are comparable. Lighthill (ref. 19) illustrates .similar .situations in his treatment 
of plane shock-wave formation (sec. 7) that can be extended to include the develop- 
ment of nonplane shock waves (sec. 9). 

® The data, taken on an actual fan, naturally reflect blade-to-blade inequalities. It 
was necessary to jirocess these data so that the behavior of the corre.sponding uniform, 
ideal case could be inferred. 
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Figt re 14 . — Changing rale of shock-wave decay. 


Figure 15 shows tho dovolopmont of llie waveform from an ideal, sym- 
metrical fan at distances of and 1-J ti)) chords ala-ad of the' rotor. At 
the J- and ^-chord locations, it can be seen that the shock fronts have not 
caught up with the expansion regions of the preci'ding blades and thus 
still decay as ll\/x. At the 1-^-chord position, the expansion regions 
preceding and following thi' shocks are comiiarable, and subsequent 
shock decay varies as 1 /x. 

It is now possible to infer some of the details of the evolution of the 
shocks ahead of real fans containing nonuniformities and to explain how 
the sound power at bladi'-passing fri'quencies is transformed into har- 
monics of engine rotation frequency. 

AERODYNAMIC TIIEORA— REAL FANS 

In all real fans, small nonuniformities within manufacturing tolerances 
are present or are created by routine wear in service. These blade-to-blade 
nonuniformities are reflected in supersonic operation by variations in 
shock strengths and associated expansion regions. Very close to the blades, 
however, the nature of the nonuniformity closely preserves regularity of 
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COMPARABLE PRECEDING AND FOLLOWING 
EXPANSION REGIONS 


DISTANCE 
FORWARD 
OF BLADE 
LEADING EDGE 



EXPANSION REGION 



SHOCK DECAY 


^ UL SHOCK DECAY 


REGION OF LITTLE OR NO EXPANSION 
PRESSURE SIGNATURES 



FiciriiK 1"), — Shock-wave pattern from a uniform fan. 

interval bctwccTi sliocks. A Fourier analysis of wavi'forms jiroduei'd by 
sueli rotating shock-wave patterns has b(>(>n investigatc'd as a particular 
case of a general analysis of firm'- and amplitiuh'-modulated wavi's (ref. 
22). An important ri'sult of this investigation is that th(' (‘X]iected power 
s]iectrum depends critically upon variations of the intervals betwi'cn 
•shocks and oidy slightly uj)on variations in shock strength. Therefore, 
since tlu' variance in interval between shocks is small close to the fan, most 
of the sound jiowcr will be concentrated at blade-passing freciucncy even if 
then' an' apjireciable variations in shock strength. Probe data taken very 
close to a variety of fans confirms this spectral characteristic, th(' power 
at blade-pa.s.sing frecpienc}' being as much as 20 dB greater than the jiower 
in other ('iigine harmonies. 

Now, this picture' changes as the shock waves spiral up.stream in the 
inlet. Because there are variations in shock stn'iigth, the strongi'r shocks 
advance on the weaker ones and the' inti'rvals bi'tween them become 
noticeably irregular, causing the combination tones to emerge. In this 
region of tlu' duct, thi' shocks from each bladi' will behave more like 
isolated shocks, being infliu'iiced only slightly by the other blades, and 
will deca\- in amjilitude as the inverse sipian' root of distance. The irregu- 
larities are enhanced when each shock ('ncroaches on the expansion region 
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of the pn'ceding blade, and begins to decay more nearly as the inverse 
first ])o\ver of distance. Because' of the existing irregularities, this change 
in decay will occur at diffen'ut points in the inlet for each shock. Thus, 
until all the shocks arc decaying as the inverse first power, there is a 
region in the inlet where essentially two diffen'nt types of decay mecha- 
nism are present. The intervals between the shocks will change apjireciabl.y 
in this region since some .shocks will be advancing upon the expansion 
regions of the preci'ding blades while others will already be converging 
toward their respective asymptotes. A.s all the shocks approach tlieir 
asymptotes, there will bo no further changes in shock intervals. When 
dissipative forces have produced acoustic wavi's, noise radiates to the far 
field with no further exchange' of power among the tones. Figure IG 
illu.strates, for a cascade, the various stages of .shock-wave evolution. It 
may be seen how the e.ssentially uniform pattc'rn very close to the rotor is 
transformed into one containing marked irrc'gularities. 

Figures 17, 18, and 19, showing the inlet-duct pr('.ssure signatures of 
three different fans, illustrate various aspects of shock-wave decay con- 
sidered in this section. High-frcquency-resjionsc pressure transducers, 
flush-mounted in the inh't of an experimental JT9D engine, produced the 
waveforms in figure 17. It is clear that tlu' shock waves close to the fan are 
not preceded by expansions until about the f-tip-chord position forward 
of the rotor. At this point, an irregular sawtooth waveform has developed. 

Figure 18 displays waveforms obtained by probing the inlet of a 52-in. - 
diameter fan rig. An arrow draws attention to the evolution of a jiarticular 
shock at various axial positions. It is both prcci'dcd and followed by 
stronger shocks, the following one overtaking the refi'n'iice shock 8 in. 
ahead of the fan. The combined .shock is then ind'catc'd by the arrow and 
its subsequent decaj’ proceeds a.s the inverse first power of distance. This 
latter decay is consistent with theory since at 8 in. the combined shock 
has comparable preceding and following expansion ri'gions. 



Figi're If). — Shock-wave pallern from an actual fan. 
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AXIAL POSITION AHEAD OF ROTOR 





1 CHORD 




11/2 CHORD 


Fidure 17 . — Blade-pressure signatures — experimental JT9D. 

Tlie development of the tliree shocks ahead of the arrow is of interest 
also because thew combine after IG in. to produce a single shock that is 
seen to be approaching an acoustic waveform after 28 in. At 32 in., a 
typical shock-free, acoustic waveform can bo seen, and it may be assumed 
that little or no subsi'quent transfer of sound power between the com- 
bination tones will take place. 

Extensive data have been acquired on the 28-in. -diameter rig, which 
has been referred to frequently here. Sample waveform patterns for a 
blade configuration in this rig are shown in figure 19. One region of wave- 
form is called to attention by an arrow, showing the behavior of a weaker 
shock decaying between two stronger shocks. Here again may be seen 
examples of how the nonlinear aerodynamic behavior of shock waves 
accounts for combination-tone noise. 

SUMMARY 

It has been shown theoretically and experimentally how finite-amplitude 
wave theory can account for the transfer of sound power from blade- 
passage harmonics into harmonics of engine rotation frequency. This 
transfer, occurring in the inlet forward of a supersonic rotor, produces 
noise with a multiple-tone spectrum and a deep, distinctive sound, char- 
acteristic of combination-tone noise. 
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Figure 18. — Blade-pressure signaliires — dd-inch-diameler fan. 


Tho work reported lierc and recent appearances of otlier accovints in the 
literature (refs. 24, 25) provide interesting examples of significant pro- 
gress in aircraft noise reduction. Combination-tone noise is neither a new 
phenomenon nor has it suddenly become more severe. However, a new 
generation of high-bjpass-ratio engines is appearing with important 
improvements in jet e.xhaust roar and fan interaction discrete noise. These 
reduced levels of previou.sly dominant engine sources have unmasked 
combination-tone noise as a target of renewed noise reduction efforts. 
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Figure 19. — Blade-pressure signatures — 28-in.ch-diameter fan. 
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DISCUSSION 


J. K. l'']'X)\\('S ^^ILLIA?i[S (Imperial Colli'p;!', London, England); 
I comjiletely agree that the shock formation and st('e])(>ning is a nonlinear 
jirocess and I find your model eom|iletely consist (>nt. Howiwi'r, there’s one 
point that I would liki' to make and that is tliat I would argue that it is 
jiossilile to get buzz saw even if you were to diwise a sujiersonie fan with 
very small perturbations in jiressure across the blades. And I would just 
take you up on the ])oint you made at the beginning of your talk where 
you said, “\\ e surely don’t make fans that chaotic in spacing.” Hut what 
is the; mi'asure of whether the error is large or small? It isn’t on any 
absolute geomidric scale. 

Th(' point I am stres.sing is that for a small I'rror in blade ])ositioning, it 
wouldn’t matter at all, as long as the ])re,ssure signature was slowly varying 
on that scale. Hut if th(> signature' is varying rapidly on that scale it would 
matter. In this case, if you’ve' geit supe-rseinic fleiw, the' pre'.ssure' would rise 
abrujitly. The're' will be' a seirt eif a .step wave', and, if yem wenild misposition 
that step by any e'rreir, henve'ver small, the re'sult weeuld iiu'vitably give 
rise to some buzz-saw noise. 

I agree that your situatiem is entirely nonline'ar. Se> for yeni to epiote yeiur 
exjieriments as evide'iicc em my hypothetical linear supersonic fan preeble'm 
isn’t re'ally tei the peiint. 

C. Ij. iMORFEY (Southampton University); Re'fe'rring te> figure 11 
where yeiu show the' very near field ceunpare'd with the' far fie'ld after the 
sheecks are' ele've'leepe'el, the' first epie'stion is whe’tlu'r the' base' line's are' the' 
same' een the'se' twee figure's. Se'e'emel, 1 weeiiele'r if yem e'eeulel give' us any 
guielaiu'e' as fee why it is we' eeffe'ii se'e' a ]ie'ak in the' e'live'leipe' eef tlu'se' 
pleets at reeughly half the' blaele'-])a.ssing fre'epU'ne'y? This se'e'ins tee be' a 
e'eiinmon fe'ature' eif seeme' e>f yemr spe'e'treegrajihs. If the' base'line' is the' 
same' in figure' llet and figure' 115, thi'ii it sheiws your levels at about one- 
half blade'-jiassing freciuene'y have' incre'ased. 

R. D. WELLIVER (The Heieing Ce>.); In all this discussiem, there’s 
just erne' peiint that I think ge'ts leist a little' bit that I weiuld like' tei make;. 
We’ve done' a number of fan e'xperime'iits in fans that run at su])e'rsonic 
tip spec'ds and whe'ii we think of the' buzz saw be'ing created by the non- 
uniformity of the blade or things of this nature, one thing comes tei mind 
that’s become very cle'ar in manj- eif our I'xperiments, and that is that the 
magnitude of the buzz-saw levels as combination tones varies ceinsiderably 
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with the blade loading. If wo con.sider a fan running at a con.stant speed 
across the fan operating map from the maximum air flow to the surge line 
for a given speed, the Mach number really doesn’t change too much since 
the inlet relative Mach number of tlii' fan varies vi'ry little. If you look 
at the vi'ctor diagrams, obviously the absolute Alach number as well as 
the inlet ri'lative iMach number for a high-siieed fan doesn’t vary too 
much, and yet if we measure the noise and look at the spectrum, across the 
sjieed line, we find that the buzz-saw noise could vary as much as 20 dB 
for a high-speed fan. It sometimes goes from disapiiearing iierhajis at some 
lower loading to be very dominant. Now, 1 didn’t change th(' speed, I 
didn’t really changi' the Mach number, and I didn’t change the blading 
obviously as I moved across th(> sliced line, and so this is a (pie.stion which 
I’ve ci'rtaiidy had and I think some' explanation of this phenomenon 
is required. 

SOFRIN AND PKRxKTT (authors) ; In reply to Professor Ffowes 
Williams, W(> agree that combination-toiu' noise would be giaierated for 
the hypothetical linear supersonic fan jiroblcm. It would differ, howiwer, 
from combination-toiK' noise produci'd from actual fans in two important 
ways: Firstly, the powia- at the harmonics of engine' rotation frequency 
would not be comparable to blade passage' harmeinics and alsei tlu're' would 
be no transfe'r of peiwe'r among the' harmonics as a functiem of distance' 
feirward of the fan. Tlu'se characte'ristie's eif e'ombination-teine'-imise 
geiu'ratiein can be' e'xjilaine'd einly by using a neinliiu'ar meide'l. 

With re'fe'ri'uce to Dr. .Meirfey’s epie'stieins, figure' 11 sheiws the' diffi'r- 
e'lice's in spectrum shajics at twei axial leie'ations in the' inle't and was not 
preipare'd to compare: the- siie-ctra at thi> two locations on a eieiantitative 
basis. He ob.serves ceirre'ctly that the* e'nve'lojie' eif the teine's see'ms tei peak 
at roughly half of blade'-jiassiug fre'ipu'ue'y. The reasons for the typical 
envelope shapes are discu.ssed in re'fere'nce' 23. 

C’eincerning the (pu'stion eif effe'ct eif blaele loading em combination-tone 
noise as raised by i\Ir. Welliver, a re'oxaminatiein eif enir results has ceiu- 
firme'd that, eive'r the> eipe'rating range' available ein the rigs and e'ligines 
reported in our pape'r, the' spe'ctra shajie can eifte'u change', but the total 
energy contained in the' tones re'mains e'ffectively the same. 


Broadband Sound Radiated from Subsonic Rotors' 
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Recent theoretical work on sound sources in subsonic tnrl)oniacliin- 
ery is a])plied to the correlation of axial-flow fan and comi>ressor 
noise measurements. Correlations are ]>resented for directivity and 
sound-power s]>ectra as.sociated with broadband noise. A simple ex- 
planation is given to account for the relative amounts of .sound jiower 
transmitted n])stream and downstream from a single-stage fan. 


Tho mechanisms of sound generation in subsonic turbomachinery are 
understood in principle and have been documented in a recent paper by 
the author (ref. 1). Current fundamental research is now aimed at 
describing the unsteady flow within the machine with sufficient accuracy 
that the relative importance of the various mechanisms can bo assessed. 

Existing noise measurements are unfortunately not matchc'd by the 
necessary unsteady aerodynamic measuremcaits; in this situation, positive 
identification of mechanisms is clearly not possible'. Any correlation of 
data with mean-flow measurements will remain of doubtful generality 
until the gap is closed. 

If a particular noise-generation mechanism is put forward as a hypoth- 
esis, however, theory can provide' conside-rable guidance in the correlation 
of me'asurements. liven though only mean-fleew aerodynamic measure- 
ments are available, the re'levant unsteady-flow components can be related 
te) the steady flenv by similarity arguments. Considerable success has been 
achieved in this way in jet noise correlation, following the initial work of 
Lighthill (ref. 2) ; the same approach is adopted in this paper for broad- 
band fan noise. 


* The eoo])eratiou of Rolls-Royee Limited in supplying data is gratefully acknowl- 
edged. The initial calculations were carried out by R. Snow, B.A.C. .tcou.stics Labora- 
tory, Weybridge, while at I.S.V.R., Southampton University. 
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Following the studii'S by Smith and House (ref. 3) and Morfey and 
Dawson (ref. 4) on aircraft-iaigine fan and compressor noise, further data 
on broadband noise hav(‘ bc'conie available covc'ring a range of axial-flow 
machines (table I). Tlu'se are reportc'd by Snow in reference 5, which 
gives details of measun'ment and analysis techniiiues and forms the basis 
of the pre.sent study. 

In the sections that follow, various aspects of tlui noisi' measurements — 
sound-power spectrum shapes and levc'ls, diri'ctivity ])atterns and the 
ratio of downstrc'am to ujistream radiated power — are discassed and 
corndati'd with mean-flow data. The theory on which the correlations are 
based has bis'ii developed where neci'ssary in the apiiendixes. 


CORRELATION OF RROADRANI) I*0\S ER SPECTRU.M SHAPES 

The correlation of broadband sound-jiower spectra is aj)])roached in two 
stages. I’irst, a frcapiency pararnidiu is sought that brings the difb'n'iit 
spectra into line horizontally; then, for a fixed value of tlu' frcHjiU'ucy 
paramc'ti'r, normalizi'd values of sound-power spectral density are jilotted 
versus Mach numb('r. This is the same gc'iieral procedure as was followed 
by Smith and House (red'. 3), although the details differ. 


Noiidimeiisioiial FrtNjiiciicy Parameter 

Given a characteristic length scale L, a nondimensional fnaiuency 
parameter can be fornu'd (‘itlu'r as a Strouhal number /L/fh wIktc U is 
a characteristic vi'locity, or as the ratio /L/c ( = />/X). Tlu'se are relati'd 
by the Mach number G/c. 

We start by choosing a h'ligth scale, leaving till later the choice betwi'cn 
U and c as velocity scab's. It is expi'cfi'd that tlu' .spectrum of broadband 
sound radiated from a rotor-.stator stage' will di'pend on the scale of 
turbuh'iice in the rotor wake. This in turn is related to the rotor wake- 
monu'utum thickness, as Xlugridge has shown (ri'f. 6). 

A pos.sible length scab' is th('refore bi{Ci> (('qual to twice the momc'ntum 
thickne.ss) , wlu're bn is the first-rotor chord and Cd is the jirofile drag 
coefficient. This may conveniently be estimatc'd in terms of the imwersible 
temperature rise ATirr through th(' first rotor (ref. 7) : 


buCD = 


(AT)i 

7hi 


2 (Ir cos (32 


( 1)2 


In equation (1), (Ir cos P2 represents the rotor wake spacing and Mr is 
the relative Mach number at the rotor exit. 


^ (AT)i„ is a.s.sumed .sm.'ill coinpared with the stagnation teni])erature I'm at exit 
from the first rotor. 



Tahlk I . — Summarized Compres^ior Information 
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For the engines test(‘d, information was available on the overall 
isentropie ('ftieiency -q,, and h(>nee on the irrevc-rsibh' temperature rise 
{l—q„)(i\TQ)„ over all >i stages. Neglecting stator losses and appor- 
tioning the irreversible temperature ri.sc ('qually between the n rotors 
gives as a rough estimate 

(AT)irr = - il-Vn)i^To)n ( 2 ) 

n 


Combining equations (1) and (2) gives a length scale L, defined as 


2(l-),„)(ATo)„ 

n(7-l)‘T’oidV 


■(Ir cos 02 


(3) 


which because of its link with the wake-momentum thickness should 
reveal any variations in the eddy scale leaving the first rotor. 

This length scale is used below to obtain an (>mpirical collapse of broad- 
band spectrum shapes, with one modification: The rotor relative Alach 
number is taken for convenience as the inlet (rather than the exit) value. 
-Midradius values are used throughout. 


Collapse of Spectrum Shapes 

Figure 1 shows, for each engine .sej)arately, the collapse of inlet sound- 
power spt'ctra obtained with L, \ = F as frequency paramc'ter. Somewhat 
surprisingly, this is a good deal better than the collapse obtained with the 
Strouhal-type parameter F/Mr. Note that the spc'ctra are plotted in 
constant-perccmtage-bandwidth form (i.e., the vertical scale is propor- 
tional to fidW/df) ) ; the peak occurs around F = 0.1 to 0.2 in each case. 
No correction has been made for atmospheric attenuation; the greatest 
measuring distance was 32 feet. 

In figure 2 the mean spectrum .shapes from the diff('rent engines are 
superimposed; the broken line for engine II indicates that the horizontal 
po.sitioning of the spectrum is uncertain sinc(> the efficiency had to be 
estimated from other data. For comparison, figure 2 also shows the mean 
spectrum shape obtained by Smith and House (ref. 3) for broadband com- 
pressor noise at the position of maximum sideline OASPL; the peak has 
been placed at F = 0.16 to line up with the present data.^ 

A mean line based on figure 2 lies within 5 dB of most of the data points. 
Some of the scatter is doubtless due to errors both in sound-power meas- 
urement and in the aerodynamic data used for forming the frequency 
parameter; but the present scheme cannot account for genuine variations 
in spectrum shape. 


^ This implies a value of Cj) between 0.1 and 0.2 for the compressors plotted in 
figure 12 of reference 3 
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Figure 1. — Spectrum shape correlation — broadband sound power radiated from inlet. 
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F 

Fua'iiK 2 . — Mean Kperinim xhapes for all enginex {ronxlanl-percenlage hamlwidlh). 


CORRELATION OF ARSOLLTE LEVELS 

The next stage in tlic data corndation process is to collapse the sound- 
power spectrum levels for a given value of the fn'quency parameter. This 
will bo done with the aid of a sim])lified analytical model that jiredicts the 
sound-power variation with INIach number, blade area, and other prin- 
cipal factors. A nondimensional sound-power jiarameter is obtained in 
which these factors are normalized out; it is found to be con.stant within 
±5 dB for all the engines measurc'd, up to a rotor inlet INIacli number 
of 0.6. 

Nontlimcnsional Sound-Power Parameter 

The broadband sound-power spectrum generated by a single rotor- 
stator stage is relatc'd in Apjiendix I to the characti'H.stics of the rotor 
wake turbulence. The analysis is highly simiilified, its purpose being to 
predict the main trends so that these can be normalized out from the data. 
The analysis is based on the following a.ssumptions : 

(1) Broadband noise is generated by turbulence from one blade row, 
entering the row immediately dowirstream and setting up lift fluctuations 
on the downstream blades. Only tlu' axial component of the lift fluc- 
tuations is taken into account in calculating the sound output (this point 
will be mentioned again below) . 

(2) Blade profiles are assumc'd acoustically compact. (This is a rather 
crude assumption since the ratio of axial chord to wavelength is of order 
1 at the peak of the spectra in figure 1. The effect of noncompact blade 
profiles on sound radiation rciiuires investigation.) 

(3) The axisymmetric rotor-stator geometry is replaced by a two- 
dimensional model based on mean-radius conditions, and the spanwise 
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extent of the model is taken as being large compared with the sound 
wavelength. 

(4) The flow is subsonic with 

The results of the analysis are summarized in equations (15) and (16) 
of Appendix I. These involve the unknown quantities (spanwise integral 
length scale of turbulence) and Co (rotor-blade drag coefficient) , besides 
the turbulence intensity parameter a. However, if we assume h ^ bnCo, as 
Mugridge’s experiments (ref. 6) indicate, and replace hRCo by L as in the 
previous section, we get the following relationship between the sound- 
power spectrum and aerodynamic parameters ; 

«/(*■“■) -“Q (■'> 

The left-hand side of equation (4) is itself a nondimensional form of 
the sound-power spectrum; it will be divided by the first four factors on 
the right-hand side to produce a normalized power parameter. 

For this preliminary study, it was considered an advantage to base the 
normalization solely on rotor parameters; as is therefore replaced by the 
rotor solidity au, and cn is rc'placed by /32- Furthermore the Cl term in 
/ {132, ai) is neglected. The resulting nondimensional sound-power parameter 
is 


dlF ^«2_csc^ d2 , , 

dj' pCSr'mJ ^ 

Here Sn' = aiiSn denotes the rotor blade area (span X chord X number of 
blades). All the (juantities that make up G, apart from the sound-power 
spectrum itself, are generally known at the design stage of a fan or com- 
pressor. 

As in the previous section, the correlation that follows is based on the 
relative Mach number at the rotor inlet. ^ 

Sound Power Data Correlation 

Values of G for F = 0.16 — corresponding approximately to the peak of 
the constant-percentage-bandwidth spectra in figure 1 — are plotted versus 
the rotor inlet relative IMach number in figure 3. The data points represent 
inlet-radiated broadband sound from the six different engines in table I, 
each run over a range of speeds. 


* Note that for a given F value, (! ^ Mr so the value of C is not very sensitive to 
the exact definition of Mr, provided the same definition is used in both F and G. 
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Fku hk 3 . — Soimil-pon'cr parnmder haxed on peak of xpeetrum, verxiix firxl-ro'or inlet 

reintive Maeh number. 


Iclrally tlie sound power from each stage would lie correlated separately 
will'll dealing with a multistage' machine. However, there is no way in 
which the broadband sound output from si'parate stage's can be dis- 
tinguished when only the teital sound outiiut has be'e'ii me'asured, as has 
been done here. The inle-t sound-power measureme'nts from the multistage 
machines (A, B, C, D) have thcre'fore been combine'd with first-stage 
rotor parameters to give a value of (1. Such a normalization jirocedure 
leaves the number of stage's unaccemnte'd for, sei it is interesting that the 
single-stage fan tends to fall at the bottemi of the- scatter band in figure 3 
(i.e., about o dB below most of the multistage points) . 

Ih'low d//, = 0.0, almost all the jieiints lie within ±5 dB eif the constant 
value f/' = 0.03; this ceillapse is I'liceniraging in vie'w of the small number of 
variables included in the' de'finition of (1. Fnrthe'rmore, the teneli'iiey tei 
remain constant ov('r this range' eif Alacli numbe'r suppeirts the' theorc'tically 
predicte'd variation (.sc'e' ('(piation (4)).' 


® \e)te theit if the freeieieiie'v spe'e'trum scaled on relative veloe'ity, rather than the 
.sonnel speeel as inelicate'il in liffniv 1 , the rijjht-hand side of eeieiatiem (4) for fc«X would 
lee proportieenal to .IAk' rather them .lA«s. .AltheenRh Stroidieil numlier scaliiif; - and 
lieiu'e an eleepenelenee for e'oniieeu't seiurivs — is connnonlv eissnined for sonnel radiei- 
tion from fluctuating fore'es of eiereHlynennie' ejrigin, we heive shown ('‘Corre'hition of 
Hroadhand Power .Spectrnin Shajies”) theit it does not fit the pre.sent delta. 
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Above Mit = Q.{S, figure 3 shows a falloff in G with increasing Mu] this 
amounts to roughly 10 dB at d/ft = 0.7 and is similar to the flow effect 
found by Smith and House (ref. 3) . 

DIRECTIVITY OF INLET-RADIATED SOUND 

The directivity of broadband inlet-radiated sound is discu.ssed in 
reference 8; the opportunity is taken here to present an updated correla- 
tion due to Snow (ref. f)). In the light of these results, a hypothesis is 
jnit forward to account for the directional radiation of broadband sound 
at high frequencies. 

Multistage Data Correlation 

Figure's 4a and 4b show the directivity index, “ jilotted versus angle' freem 
the' inle't axis, tor five diffe're'iit multistage' fans iind e'emqire'sseirs hi = 2 tee 
8). The' pararne'te'r is ka, whe're* a is the' rms first-reiteer raelius; e'aeh ka curve' 
is based on a number of engine spee'ds. 

At a nondimemsional frequency of A'n = 4, the curves for the various 
engine's collapse' within dB. They also agree fairly closely (up to 60°) 
with the theore*tical curve in figure ii. The latte>r is take'ii from reference 
8 and rcprc'se'nts a spatially random source distribution; the departure 
from a uniform field shape is due to duct cutoff effects. 

At ka= 16, the same theore'tical mode'l predicts a fairly flat directivity 
curve, with a slight dip at 90° (fig. 5) ; but the measured curves fall off a 
good deal more sharpl.y away from the axis. Th(' departure from the 
random-source model is still more pronounci'd at Aa = 6.3. In fact, the 
model predicts hemispherically uniform radiation in the high-freijuency 
limit {ka = « ) , whih; the measured radiation patterns become progres- 
sivi'ly mon; directional with increasing frequency above ka = i and 
apparently tend toward a cos- tp directional distribution.’ 

Optical VIoilel for High-Frequency Directivity 

A clue to the observed directivity along the axis at high frequt'iicies 
{ka = 16 and above) is providt'd by closc'r ('xamination of figure 4. There 
is a significant trend at 90° for the din'ctivity index to vary according to 
the numbi'r of stages: The higher the numbi'r, the larger the dip at 90°. 
An optical model, outlined below, sugge.sts that reflection of sound by 
upstrc'am blade rows could account for the ob.servc'd diri'ctivity jiatterns. 


® Bused on the uiistreani hemisphere (i/' = ()° to n0°); thus omnidirectional radiation 
has a directivity index of 3 dB. 

’ It is interesting that this is the (listril)ution which corres|ionds to fluctuating force's 
orienteel in the axial directiem. 
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Ficukk 4a. — Sarrowhand diredivitij index menauremenia for inlet radiation from multi- 
stage fans and compressors {frequency hand width: o percent). 


In a multistagft machino, sound gcnerati'd l>y the second and subsequent 
stage's must travel througli the' first stage before it can escape from the 
inlet. The transmission jirocess is rc])resent('d in figure' G by rays that are 
re'flected from the blade surface's in the same way as light from a mirror; 
this optical meedel becomes valid at high freeiuencies, where the sound 
wave'length is short compare'd with the blade chord and spacing. 

Referring to figure C, rays incident on the stator within the shaded band 
will be rc'flecte'd back in the downstream direction. The same applies to 
the rotor, so in this twei-dimensional picture the radiation transmitted 




FitiUUE 41). — Xnrrou'hand direciivity index mcasure/nerds for inlet radiation from multi- 
stage fans and comjmcssors (frequency bandwidth: 5 percerd). 


upstream is confined to a wedge of included angle tt — 2(a2'+d2') •* Return- 
ing to the three-dimensional geometry of the actual rotor-stator stage, 
the optical model clearly predicts a reduction of transmitted intensity at 
90° (compared with the axial direction) due to upstream blade rows. 

This effect probably accounts for at least part of the observed direc- 
tivity of inlet-radiated noise at ka= 16 and above. The similarity in figure 
4 between the fans A (two-stage) and B (four-stage) may be connected 
with the absence of IGV’s in the latter. 


* An iiitere.sting point is that, if the rotor and .stator blade angle.s add u]) to more 
than 90° (which i.s unusual in aircraft-engine fan.s and compressors), the model pre- 
dicts zero sound transmission through this stage. 


E 
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FiLriiK 5. — 'J'liporclicdl (lircclirili/ huh‘.r hiixrd on rondom xonrcc model, for kn =0 lo x, 
li(ind,'< indirole liidi-lii) ratio range O.S-O.d. 


^2 



ROTOR ST A TOR 

Fl(a UK 0, — II i(ili-frc(ineneii round tranrniirrion llirouyh blade rmer. 


EFFECTS OF SOI KCF :\IOTIO\ AM) MEAN FEOVi 

4’h(‘ ri'lativp amounts of liroadband sound power escaping from llie 
exhausti and inl(>t of a single-stage' fan liave hei'ii studii'd Ip- Smith and 
House' (re'f. 3) ; the.v sheew an empirie'al ceerre'latiem with the> relative Mach 
numbe'r through the reetejr. The' same me'asure'me'iits have' be'e'ii reanalyzed 
for this study te> give the' elownstream upstre'am jieewer ratio in narreew 
freque'iicy bands. The' te'iuieiK'y re'porte'd in re'fe're'iice 3 fe>r more' sound 
power to trave'l downstre'am is verifie'd, but it appe'ars te> be' re'stricted to 
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high froquencios (above 2 kHz). The high-freciuency data are compared 
below with tlie prediction.s of a theoretical model that accounts for .source 
motion and mean flow. 

Theoretical Prediction of Downstreani/Lpstream Energy Split 

The single blade-row modc'l of Appendix III giv('S an estimate of the 
sound-power spectrum radiated downstream and u]wtream due to broad- 
band blade forces. Provided the blades are iR)t highly .staggf'red (mean 
relative flow angle less than 30°), the downstream/upstream j)ower ratio 
can be approximated to first order in Mach number by 


1 + fd/i 


(6) 


The total sound-power spectrum (iidet-f exhaust) is unaffected by flow 
to this ap])roximation. 

The eiu'rgy split pr(>dict(>d by Appendix III actually depcaids on the 
shape of the radiated ])ower spectrum, and eejuation (G) is strictly valid 
only for a flat spectrum of sound powt'r in constant-percentage bands. 
Furthermore, the analysis is based on the assumption that many modes 
contribute to the sound-power spectrum at tin; frecpiency concerned. 
These considerations limit th(> application of eciuation (6) to frequencies 
around the peak of the con.stant-percentage-bandwidth spectrum. 


Conijjarison of Theory with Experimental Data 

Figur(> 7 shows the downstream/upstream power ratio for engine K, 
measured at three different frequencies (3.8, 7, and 11.5 kHz) over a 
range of axial Mach numbers. The constant-perc(>ntage broadband spec- 
trum peaks at around 4 to 7 kHz at all speeds. 

Although the data are scattered, there is a d(>finite trcaid toward in- 
CH'asing power ratios with incrc-asing axial Mach number, a finding which 
agrees fairly well with equation (G) (.shown on fig. 7 as a solid line). 


CONCLUSIONS 

(1) [Measurements of inlet-radiated broadband power spectra from a 
range of fans and comimessors show a collapse of spectrum shape based on 
the estimated first-rotor wake-momentum thickness (figs. 1 and 2). 

(2) A simplified model of broadbaiul sound-power generation has ueen 
used to e.stablish the main factors det(>rmining the radiated power, leading 
to the definition of a nondimensional sound-power jiarameter in which 
these factors are normalized out. 
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FniritK 7 . — Hatin of exhauxt lo inlet sound power in narrow frequmcii bands — single- 

stage fan. 

(3) Plotting; tho jx'ak (constant-percc'ntagc) power spectrum Ic'vt'ls 
in normalized form collapses the data within 5 clB (fig. 3). B(‘low a rotor 
relative Mach number of 0.0, the nondimensional power paramcdc-r is 
approximately inch'pendent of Mach number; above 0.0 there is a notice- 
able falloff, similar to the flow effect found by Smith and House (ref. 3). 

(4) The single-stage fan levels tend to fall at the bottom of the scatter 
band; i.e., about 5 dB below most of the multistage points. This may "'('11 
be a stage-numbt'r effect; figure 14 of refen'iice 3 prc'dicts diffc'rences of 
this order between single'- and multi-stage' machine's ove'r the re'lative 
Afach number range conceriu'd (0.2 to O.fi). The difference largely dis- 
appears if the exhaust-radiate'd power is included in the single'-stage data. 

(5) Inlet directivity measure'me'nts in narrow frecpiency bands show a 
consistent tre'nd toward more directional radiation at higher freeiuencies 
(fig. 4), which becomes more marked the large'r the number of fan or 
compressor stages. T.he high-fre'epie'ncy beaming along the axis is, if any- 
thing, more pronoimce'd at low engine spe'e'ds (jet noise obscures the 
pattc'rn at the highest spe'('ds) and thus cannot be e'xplained in terms of 
refraction. Transmission through upstream blade rows provides a qualita- 
tive explanation. 
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(6) For a single-stage fan, the ratio of exhaust to inlet sound power 
has been measured in narrow frequency bands. Around the peak of the 
constant-pcTcentage broadband power spectrum, the tnuid of the measure- 
ments agrees with the ratio [1+ (fd/j) ]/[l — (fil/x) J theoretically 
predicted for low-stagger blade rows (fig. 7). 
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a, ao 
h 

Cd, Cl 

d 
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Su, Su' 
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a, a 

d, d' 

7 

t 

Vn 

X 
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rms radius, outer radius of annulus 
blade chord 

blade drag, lift coefficients 
tangential spacing of blades 
frequency parameter (T/X) 
frequency 

defined in equation (9) 
sound-power parameter, equation (5) 
frequency exponent, equation (23) 
acoustic intensity 
acoustic wavenumber (w/c) 

turbulence wavenumber componcMits (tangential, spanwise) 
length scale, equation (3) 
axial blade force per unit span 

spanwisc' correlation length of turbulence, equation (11) 

rotor dlach numbers (relative, tangcmtial) 

flow XIach numbers (axial, peri|)heral) 

annulus mode numbers (circumferential, radial) 

number of stages in machiiu’ 

area of duct cross section 

rotor disk area, bladi; area 

absolute! temperature', stagnation value; 

overall stagnatiem temperature' rise 

sound peiwer, spectral density 

define'd in equation ( 19) 

turbulence inte'iisity parame'ter, eciuatiein (13); axial wave- 
number parameter. Appendix III 
stator flow angle, blade angle 
rotor re'l alive flow angle, blade angle 
specific-heat ratio 

ratio of tangential to axial force at outer wall of duct 

overall isentropic efficiency 

sound wavelength 

fluid density 

blade-row solidity 


476 UNSTEADY FLOW AND NOISE 


\p angle from duct axis 

CO radian frequency (relative to swirl in Appendix IV) 

co(i, co' radian frequiuicy in fixed, rotor reference frames 

Subscripts 

R, S rotor, stator 

1, 2 inlet, exit values for blade row 

( ) denotes time averagi! 

APPENDIX I 

Generation of Broadband Acoustic Energy 

Broadband noise gi'iu'ration is hen' attributed to the interaction be- 
tween flow turbulence and the fan or compressor bladi's. More specifically, 
the {irocess of sound generation at subsonic speeds is viewed in two stages: 
Turbuh'iit flow produces lift fluctuations on a row of blades, and the lift 
fluctuations give rise to sound radiation. We shall considi'r the particular 
case where the turbulence is produced by the row of bladi's immediately 
upstream, although this is not the only possibility. The following analj'sis 
is designed to give guidelines for data correlation and is by no means a 
complete description of the complex processes involvi'd. 

Periodic Interaction Theory 

A n'lativi'ly simple ease of rotor-stator inti'raction is that associated 
with the mean rotor-wake profile. Reference 1 gives the sound inti'iisity, 
at any multiple of bladi'-passing frequency, due to a uniform axial force 
Lx per unit span on each stator bladi? at that frequency: 

I = (single mode, well above cutoff) (7) 

4pc (Is- 

Equation (7) is basi'd on a two-dimensional model and assumc's low- 
Mach-mimb('r flow. With the' same assumptions, the mi'an-square har- 
monic force is given by an extension of the Ivemp-Sears analysis (refs. 
1 and 9) as 

{Lx^} = I A'„ (d2, ai) (8) 

Z CO 

where Ky, is a factor allowing for the downstream decay of the rotor 
wakes and 

cos 8« [Cl 

f(8^,ai) = tan- sin- (d^+ai) • 1 cot (d 2 +ai) 

cos ai L ic 





(9) 
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Note that the drag coefficient Co refers to the rotor blades, and the lift 
coefficient Cl to the downstream stator blades. The blade-row geometrj^ 
is shown in figure 8. 

Application to Broadband Turbulence 

The single-mode, single-freiiiienc.y results given above correspond to a 
rotor-wake patti-rn that is sinusoidal in the tangi'iitial direction (i.e., 
single ky wave number), uniform in the spanwise direction (A-^==0), and 
carried round with the rotor. To deal with incident turbulence that has a 
continuous range of wave numbers and freipR'iicii's, wi; use the wave- 
number-frequency spectrum E{ky,k,,u) of the fluctuating velocity 
entering th(> stator. Only velocity components paralhd to the rotor wakes 
(i.e., streamwise relative to the rotor) are considered here. 

Tiguri' 9 shows which regions of the turbulence spectrum give ris(' to 
propagating acoustic modes. The criterion for propagation is that for a 
given radian frequency co the interaction wave number — whose com- 
ponents are (A-„-f-27r.s'/ds, k^), where s = ± 1, ±2, etc. — .should be less than 
the acoustic wave number k = u/c. The contributing regions in the (Av, kz) 




Figure 8. — Geomelnj of rolor-slalor stage. 
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Figure 9. — Regions of (ky,kj) wave-number spectrum of turbulence which contribute to 
sound radiation at frequency to. 


plane are therefore circles of radius k] these overlap if the stator blades 
are spaced further apart than the acoustic wavelength, and are distinct 
regions if ds<\/2. 

In either case, the equivalent of the mean-square harmonic wake velocity 
in the previous section is an integral of the wave-number spectrum over 
all the contributing regions. However, exact correspondence occurs only 
in the center of each circle; departure from two-dimensionality and 
proximity to cutoff introduce a weighting factor for points away from the 
center proportional to the axial wave number of the radiated sound® and, 
hence, proportional to the height of the hemisphere with the circle as base. 

We make the following assumptions in order to estimate the wave- 
number integral: (1) The variation of E{ky,kz,oi) is small over an interval 
2rr/ds in ky] (2) the variation with kz is small over the contributing region 
(i kz\<k). Thus 

E{ky,kz,w) =E{ky,0,w) 


This implies that the integral length scale k (see below) is small com- 
pared with X. 

With these approximations, and taking account of the weighting factor 
mentioned above, the contributing region of the (ky,kz) turbulence 
spectrum is estimated as 


2 

3 




E{ky,0,lo) dky 


( 10 ) 


(Note factor 2 for -f and — frequencies.) 


* This is an acoustic coupling factor for axial forces (see ref. 10, sec. 6.4). The 
aerodynamic effect of finite i, on the fluctuating lift is shown in Appendix II to be 
unimportant. 
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If the integral length scale k in the spanwise direction is defined by 


lc==2irE {ky,0,w) 


E (ky, k zjCo') dk 2 


( 11 ) 


and the dependence of k on ky is neglected, expression ( 10) may be written 
as 


— dslcG(o)) 

bir 


(12) 


In the above expression 


G{o>) =2 


/ eo ^00 

dky / 

-00 *^ — 00 


dk zE (^k y jk z 


is the single-sided co-spectral density of the velocity fluctuations entering 
the stator. A nondimensional measure of G{u) is provided by the ratio a 
of a)G'(o)) to the mean-square fundamentafl“ component of the rotor-wake 
velocity defect : 


a (o)) = uG(cc) • 


2 


(13) 


It follows from equations (12) and (13) that, in order to apply the 
periodic-wake analysis to the present problem, it is simply necessary to 
replace Ky, in equation (8) by 

^k^dslc-- (14) 

OTT O) 


This, with equation (7), gives the acoustic intensity per unit bandwidth 
due to axial lift forces on the stator blades as 


do) 



pcHcasaR^CD^Mn^f (02, «i) 


(15) 


with 

The opposite extreme to equation (15) is obtained when the spanwise 
integral length scale is greater than X ; a similar analysis then gives 

^ = ^ ape^-- as<TR'^CoWfiM (16) 

dco o2 oj 


with lc>\. 


“ i.e., with period equal to the rotor blade space. 
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Radiation from Turbulent Boiimlary-Layer Pressure 
Fluetuations 

In the jirceeding analysis, bladi' lift fluctuations are attributc'd to 
incident tnrbnl(>nc(>. An alternative cans(> of lift fluctuations is the un- 
steady jin'ssnre fii'ld set nj) by the blade’s own tnrbnh'ut boundary layer 
and wak('. This mechanism was recognizi'd by Kramer (ref. 11), and a 
(inantitative e.stimate of tlu' .sound radiation was made' by Sharland (ri'f. 
12) using th('or(‘tical ideas jint forward by Lille\- (ref. b'l). In fact thc' 
sim])lified .sound power jiarameter, e(iuation (d), used to correlate the 
data does not distinguish between the two mechanisms. The (|uestion, 
whether the rotor-geiK'rated turbulenci' radiates by interaction with the 
rotor or the downstream stator, is therefore left open. 


APPENDIX II 

Three-Dimonsional Efforts on Fluoliiating Lift 

Mugridge (ref. 0 ) has (-.stimati'd the fluctuating lift per unit span on a 
two-dimensional airfoil in a three-dimensional convected gust pattern by 
considc'ring a single radian freciuency and spanwisi' wavenumbcT k,. 
The case A '2 = 0 corresponds to Sears’ two-dimensional analysis (ref. 9). 

Th(‘ mean-squan' fluctuating lift is aiijiroximatelv (‘(pial to the two- 
dimensional mean-s(iuar(' lift multiplii'd by a correadion factor 

with ]}- + n-<4, where n = ub/2V (i.e., the reduced frequency) and 

V = 

Since ])/n = k^V/u, and we are interested only in values of A^ less than 
k for sound radiation, it follows that over this range p<Mn with 3/= U/c. 
This limits the correction factor above to between 5 and 1 for subsonic 
flow. 

For high gust wavenumbers, a more accurate value of the correction 
factor is available from an indeiK'udent analy.sis by Filotas (nd. 14) ; it is 

— ( 1 + p - n -)->/2 
irp 

with p->4, /; > 1. 

Large values of p will be a.ssociatc'd in the iiresent problem with acoustic 
wavelengths that are small compared with the blade chord (i.e., high fre- 
quencies). However, the acoustic ri'presentation of the blade as a liin' 
forc(' breaks down in this region. 
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APPENDIX III 


Downstream/Upstream Energy Split from an Isolated Blade Row 

Apart from any reflecting surfaces upstream or downstream, a rotating 
blade row is expected to radiate diffi'rent amounts of sound power in the 
upstream and downstream directions. Both the source motion and mean 
flow contribute to this effect, which applies both to discrete-frequency" 
and broadband radiation. The following analysis deals with the broad- 
band case. 

For this purpose the blade row is modeled by a force distribution at one 
cross section of a uniform axisymmetric duct. The local force per unit area 
has components i" the axial, tangcuitial, and radial directions, 

and we assume for simplicity that 

= ( 17 ) 


with/r = 0. («o is the outer radius of tlu' annular cro.ss section.) A swirling 
mean flow in the duct is modeled by a uniform axial Mach number Mx 
together ivith a solid-body rotation. 

The analysis starts from the result derived in reference 16, section 4, 
for single-frequency excitation in a single (?r,r) duct mode. This gives 
the downstream (IF-i ) and upstream (IF-) sound power in terms of the 
axial-force modal amplitude Fx, as 


W±{7H,n) 


1 I Fx \^S ^ 

^ — A 

8 u ape 


and 




±a — Mx+ (wo/w) (7nf/w) (1—71//) 
l^aMx 


(18) 


Here a is the axial wavenumber parameter, defined in equation (24) 
below; wo = wc/ao is the fixed-frame radian frequency, and w is the corre- 
sponding frequency relative to the swirl. Eejuation (18) is valid over the 
whole frequency range above mode cutoff. 


Frequency Relationships 

If the swirl angular velocity is in the 6 direction, w is related to uo by 
<j} = iOQ — mU (to = circumferential mode number) 


" The discrete-frequency case has Ijeen studied theoretically and checked ag.ainst 
experimental data by Maui (ref. 1.5). 
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Thus 


— = 1 Mg 

030 W 


(19) 


where 


11 )==—- (based on fixed-frame frequency) 

c 


and 



is the peripheral swirl Mach number. 

Similarly the radian frequency w' in the rotor frame of reference is 
related to ojo by 



- Mt 


Wo w 


(20) 


where Mt is the rotor tip Alach number. 


Broadband Excitation 


Since wo and w' arc relatc'd by a constant factor for a given ni value, the 
single-frequency sound-power result (eq. (18)) can be generalized to 
broadband excitation by the substitutions 


Thus 


i I f\ p-.w'G.(w') 


W^{m,n)—*o3o 


dW±{7n,7i) 

do3n 


dn ±{7n, 71) \ h 03 

= - Ox(w ) -A- 

awo 4 apc 03 


( 21 ) 


( 22 ) 


If the force spectral density Gi(w') varies as (w')“, equation (22) can be 
written as 


dW ±{t71,7i) 

do3o 



Gx{o3o) 'Aj. 


(23) 
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Cutoflf Condition 


We consider only (w,0) modes, for which 


i-a-AT,2) 



Cutoff occurs when 


(24) 





i.e., from equation (19), 



w 


2 


Thus the propagation range is given by 

-Me- {l-M^ -Me+(i 

1-M2 ~w~ 1-M- 


(25) 


with = ]\Iodes within this range will propagate along the 

duct; modes outside the range make no contribution to the sound power 
in the present model. 

The substitution 


m 

w 


-Me 

1-AP 


sin 


(26) 


gives the propagation range in terms of 4> as — 57r<(/)<^7r. Also, a is 
given by 

a = - (l-ilP)>«(l-M.2)>«C0S(> (27) 

O) 


Summation over Propagating Modes 

The total sound power per unit bandwidth dW±/du>n, radiated in either 
direction, is found by summing the contributions given by equation (22) 
for all propagating modes. Two simplifying assumptions are introduced at 
this point. 

(1) The excitation spectral density Gx is taken as the same for all 
(w,0) modes and as zero for all higher order radial modes. Although it 
would probably be more realistic to assign equal excitation to all modes 
regardless of radial order, the exclusion of higher order modes is not 
expected to alter the downstream/upstream energy split significantly. 
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(2) The iirojiagatioii rango is assumed to contain a largi' enough 
numlier of (nt,0) mode's that the discrete' summation oveT integer m 
value's can lie re'place'd by inte'gration over a continuous range. The multi- 
mode sound powe'r in either direction is the'ii 


dTT± 

dcx>o 



dWj.(?n,0) 


dcoo 


dm 


1— d/- j-t/2 diCi) 


I 

[ 

cos cj>'d4> I 

J 


(28) 


The integral over 0 in e'fiuation (28) is a function of c, Me, and d/,; 
it can be evaluated using eejuations ( 18) , (23) , (2G) , anel (27) . A particu- 
larly simple re'sult, valid for low Mae'h numbe'rs, is obtaine'd by ne'glecting 
squares and higher jiowers of the various dlach numbers; to this accuracy, 


e/o)o 


7 — iC b'x(wo) 
4 pc 


^TT (1 + e-) T - [(1 — «■) d/i d- e d/^ + (g + 1 ) ed/(] ^ (29) 


Special Case: Force' Perpendicular lo Helative Mean Flow 

If the fluctuating blade forces act in the lift direction (i.i'., per])endicular 
to the relative flow), then 

d/ 

e=COtf)„ = — ^ (30) 

M t~ Me 

whore dm is the mean relative flow angle referred to the axis. C’ombining 
this relation with eiiuation (29), and taking the ex])onent g as —2, gives 

dir+/(/oo_^ 1+ (8/37r)d/x cos- dm . 

dwZjduie ~ W cofi- dm 

The assumption g = — 2 corre.sponds, according to eiiuation (29), to a flat 
spectrum of sound power in constant-]i('rcentage bands. 

A noteworthy h'ature of ('(luafion (31) is that, jirovidi'd dm is not more 
than 30°, the downstream/upstream sound power ratio is almost in- 
dependent of dm and can be approximated by 

1 + 1^ 

l-fd/x 


( 32 ) 
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In other words, the energy split is determined solely by the axial Mach 
number and is the same for both rotating and stationary blades, provided 
the relative flow angles are not too large. 
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DISCUSSION 


M. V. LOWSOX (Loughborough University, England) ; This inter- 
esting paper by Dr. Morfey raises a number of points which deserve 
further di.scussion. It is a.ssumed in the paper that shed turbulence is the 
principal source of broadband noise radiation. While this is certainly an 
important contributor, other sources can also give rise to broadband 
noise. The turbulence in the inlet boundary layer of a jet engine is prob- 
ably much larger, in both scale and h'vel, than that of the standard 
equilibrium boundary layer, and also interacts with the highest speed 
part of the rotor near thi; tip. Indei'd the tip itself can be ri'garded as 
running in a stalk'd condition, and the direct self-induced radiation at the 
tip could well be large. Definitive measurements of inlet turbidence 
levels and spectra are badly nei'ded to illuminate? thi.s problem. 

The empirical correlation on momentum thickness dc'monstrated by 
Morft'y offers some evidence in favor of tlu' dominance of shed turbulence 
effects, but it should b(> pointed out that, because all engines ari' designc'd 
to similar rules, ('mpirical paranu'ters tend to move togetlu'r. Thus there 
is some danger in inferring source mechanisms from the success of (>m- 
pirical collap.ses. 

The measured high-freciuency beaming of the broadband noi.se is an 
interesting efh'ct, particularly since it is more pronouncc'd than pre- 
dicted by the theory. A possible rea.son for this is that th(' thi'oretical 
estimates ascribe too high a level to the higher ordc'r circumferential and 
radial modes. The actual source strength must fall off smoothly toward 
the tip and this would cau.se a lower k'vel of the higher order radial modes 
than the rectangular distribution assumi-d. Since it is these highe'r order 
modes which cause the radiation normal to the axis, a somc'what lower 
level of sideline radiation than that of the pri'sent theorj' can bo an- 
ticipated. 

As a final point, I wonder if Dr. iUorfey would care to indicate his 
present thoughts on the likely relativ'o significance of the dipole and 
quadrupole source mechanisms for broadband noise radiation. 

i\f. PI. HOUSE (Southampton Uiuversitj ) ; Dr. iMorfey is well recog- 
nized for his theoretical contribution to the problems of turbomachinery 
noise, and indeed his paper presented at the 1969 Winter Annual Meeting 
of ASiME held at Los Angeles, Califonua (ref. 1), contains a very full 
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treatmoiit of subsonic rotor-stator interaction noise in terms of steady- 
state parameters. I must confess, however, to being a little disappointed 
that that paper offered no experimental verification. 

His present paper extends the concepts to the case of random or broad- 
band sound, and here I am pleased to note that experimental data are 
included. 

I have little or no comment to make on the derivations in tin' paper or 
the appendixes since they follow logically from the basis and assumptions 
stated by Dr. Morfey. iMy main concern lii-s within th(>se assumptions. 

First, I would like to comment on sound-power normalization. As for 
discrete tones, there are numerous mechanisms which one can postulate 
as giving rise to random noise from compre.ssors. While I, myself, and 
others, have pointed to the likely dominances of one or another mechanism 
for a particular class of machine operating in particular circumstances, it 
is unlikely that this will hold universally. Rather thcae will be transition 
ri'gimes in which a given mc'chanism gives way to a stronger ome Evidence 
of this is well known in the case of transonic compressor discrcti; tone noise 
when conditions are reached where rotor-associated force fields may 
propagate and dominate the conventional rotor-stator interaction tones. 
Dr. Morfey has elected to inspect the broadband noise from a wide range 
of compressors (table I of his paper) in terms of frecpiency scaling using a 
length scale associated with the rotor blade momentum thickness. The 
sound-power level normalizing technique he uses is also heavily de- 
pendent upon the mechanism of lift fluctuations over blade surfaces 
caused by turbulence wakes from upstream rows. 

While this approach might be realistic for multistage comjiressors (say 
three stages and above), work done over the last 2 to 3 years at Rolls- 
Royce (ref. D-1) indicates that for subsonic single-stage fans, at least, 
other mechanisms can and do strongly influence the radiated sound char- 
acteristics. These include blade interactions with the turbuhmee structure 
of the intake flow. I would not, tlu'refon', expect Dr. Morfey’s normalizing 
functions to cope with both multi- and single-stage machines, and perhaps 
this is another reason for the tendency of the engine E data to fall at the 
lower scatter band. 

Another subjc'ct I wish to discuss is frequency resolution of data. 
The data in figure 2 of reference 5 usc'd by IMorfey were frequency-analyzed 
using 100-Hz Spectral Dynamics ('(piipment with approximately 2-second 
averaging (from the 15 ips ri'cordc'd data on a 30-in. tape loop). 

It is interesting to inspc'ct such data with ('ven greater n'solution and 
averaging. An example is the Rolls-Royce Conway compressor noise for a 
well-subsonic operating condition, as shown in figure D-1, where 20-Hz 
Spectral Dynamics equipment was used with 7-second averaging. Besides 
the “sum-and-diffcrence” tones of the type noted by Crigler, et al. (ref. 
D-2), the signal clcarlj- contains a large range of tones at compressor 
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shaft orders. Most of these protrude less than 5 dB and hence would 
appear much as the data of Snow (ref. 5) when resolved to only 100 Hz. 

The data for engines — A, B, C, and D being of 5-percent bandwidth — 
would also fail to resolve adequately the compressor shaft order signals. 

Although I do not agree that the sound-power level data collapse 
obtained by ^lorfey is a significant improvement on past attempts, his 
correlation does, however, seem reasonable. Nevertheless I f('el that in 
view of my comments above this can only be fortuitous. The directivity 
data collapse, is, however, surprisingly good and I wonder whether Dr. 
Morfey would agree that this could be due to a much closer association 
with discrete tone characteri.stics than he had assumed. 

Finally, I would like to comment on Dr. Morfey’s optical model for 
high-frequency directivity. A marked difference not(>d in directivity 
between the single-stage data and the remaining (>ngines is interesting. 
Dr. jMorfey has developed a simple optical modtd to explain this, but I 
wonder if he has attempted to use the aiiproaches of Kaji and Mani 
(refs. 15, D-3). The neglect of flow-associatc'd effc'cts on the propagation 
of sound through blade rows seems unwarranted and I feel that one 
needs an integral approach to the problems of Dr. hlorfey’s sections 
entitled “Optical Model for High-Frequency Directivity” and “Effects 
of Source hlotion and Mean Flow.” I also feel that the effect of blade 
spanwisc twist cannot be ignored since conditions may not be such as to 
prevent transmission over the entire compressor annulus. 

R. MANI (University of hlassachusetts) : The paper is an elegant con- 
tribution to the broadband noise problem in turbomachincs. It should 
prove particularly useful as a guide to experimental work. In contrast to 
earlier works on the subject, while the author uses similarity arguments as 
the need arises, there is a welcome emphasis on use of first principles in 
computing the sound power, directivity, energy split, etc. The following 
are some more specific comments: 

(1) In the theoretical development the effect of longitudinal (chord- 
wise) velocity fluctuation is included resulting in a Cl term in/(/32, ai)- 
In computing the sound-power parameter G, the Cl term was dropped. 
Now in the Smith-House paper, the authors explain the higher normalized 
sound power at part spet'd as due to the cascade operating at lower 
incidence angle and hence in regimes of higher lift-curve slope. The Smith 
and House argument is based on quasi-steady, real fluid effects and I 
wonder if the retention of the Cl term in /(d 2 , ai) does not provide a 
more natural explanation, based on unsteady airfoil theory, of the trends 
observed by Smith and House. 

(2) With regard to the optical model for transmission through blade 
rows, the mechanism by which a blade row produces reflected and trans- 
mitted waves is different from the one suggi'sted by figure 6. The blade 
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row behaves like a pair of line diffraction gratings coupled by parallel- 
plate waveguides. The reflected and transmitted waves have orientations 
given by the Tyler-Sofrin formula that the tangential wave number ky 
of these waves differs from that of the incident wave by an integer multiple 
of {2v/d), being the tangential spacing of the blade row. Thus blade rows 
of completely different stagger angles but of the same tangential spacing 
would give the same orientations of reflected and transmitted waves. 
Actually, at high frequencies the effects are more complex than at low 
frequencies since several higher order transmitted and reflected waves are 
produced. Based on some calculations that I have done on this problem, 
I did conclude that the author’s surmise, to wit that the acoustic energy 
transmission coeflicients are low in the incidence regions shown shaded 
in figure 0, is probably correct. I believe, however, that the mechanism 
involved here is that the degradation of acoustic energy to wake kinetic 
energy (always present in such a problem whem moving medium effects 
are involved) is high in these incidence regimes at high frequencies. 

(3) To students of the theoretical aspects of the subject, attention is 
specially directed to the appendixes, where considerations involved in the 
transition from the discrete-frequency to the continuous-spectrum case 
are comprehensively dealt with. 

(4) I agree with the author’s approach of gradually building the 
refinements into the analysis. Examples are extension of the Kemp-Sears 
work to include chordwisc' velocity fluctuations and the effc'ct of the cutoff 
weighting factor on tlu^ acoustic efficiency of axial fluctuating forces, etc. 
Perhaps tlu; author will agree that there are further reliiu'ments not 
mentioiu'd here which could b(; significant. Two examples with ri'gard to 
sound-power estimation are that tangraitial fluctuating forces would make 
a contribution near cutoff and, secondly, work on estimation of unsteady 
blade forces suggevsts that Kemp-Sears type estimati's are rather in- 
adequate near cutoff. 

MORFEY (author) ; The discussers raise a number of interesting 
points and I am grateful for their commemts. Since the (piestions mainly 
fall in the three categories used by klr. House, I have grouped my replies 
under these headings. 

I will first address the subject of sound-power normalization. The fact 
that the single-stage fan (E) falls on the lower edge of the scatter band 
(fig. 3) might well be accounted for by a difference in source mechanisms, 
as Mr. House suggests. Eiguri' 2 shows that, compared with the multi- 
stage machines, the mean spectrum .shape for engine E is deficient at 
high frequencies. 

Dr. Mani’s point about the Cl effect in/(d 2 ,ai) deserves further study. 
Retention of the Cl term would raise the normalized level of engine E at 
maximum speed by around 5 dB. Because this machine is a single-stage 
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fan, however, the correction may not be much different over the whole 
speed range. Probably a more important reason for the failure to follow 
a y® speed variation (as noted in ref. 3) is the breakdown of Strouhal 
number scaling in the frequency spectrum. 

Dr. Lowson’s final que.stion is also relevant to the normalization pro- 
cedure. A comparison of the dipole and quadrupole mechanisms — with 
a number of simplifying assumptions — has been made for the related 
problem of an ksolated rotor in nonuniform flow (sec I’aper D3, Lough- 
borough Symposium on Aerodynamic Noise, September 1970). If one 
adopts the Kemp-Sears method (ref. 9) of calculating the unsteady blade 
forces, the comparison shows that dipole noist' is likely to pn'dominate 
unless the rotor pressure ratio exceeds 1.1. However, this conclusion may 
have to be modified as theory and experiment yield more data on the 
interaction of blade rows with turbulent flow.'- 

The second subject I will reply to is fretiuency resolution of the data. 
This is a key question which has not been satisfactorily resolved in 
published data, and the danger of even 100-Hz bandwidth analysis is well 
illu.strated by the Conway .spectrum. In fact the engiu(> K data used in the 
paper were anal.yzed initially at 20 Hz, and no shaft order tones were 
detectable at this bandwidth. Ni'vertheh'ss, the possibility remains that 
the spectra consist of overlapping peaks ccTiten'd at multiples of shaft 
rotation frequency. These peaks would arise, of course, from irregularities 
in blade geometry or spacing round the rotor disk. 

Mr. House suggests that such “semiordered” noise would show a bettcT 
dirc'ctivity collapse than true broadband noise; but tin' evidence' from tone 
radiation patterns (ref. 8) indicate's that the more orden'd the source the 
less correlation there is between engines. 

Finally, I wish to reply to comments made; conce'rning the optical model 
for high-frequenc}' directivity. It would b(' interc'sting to take' Dr. Maui’s 
theory on sound transmission through blade rows and apply it at very high 
frequencies. I would expect, as he suggests, that the wave theory would 
support the trend pre'dicted by the optical meedel. If this is the case, it 
might be worth extending the optical meidel to include; the effects of flow 
and blade twist, as indicated by Mr. House. 


(Note aeided in proof) Sedi.st.antial advances heive been made, sine'e this paper was 
presented, in understanding the radiatiein of sound fremi bhides in turbulent flow. 
Reference D-4 gives an updated review of the situation; it is arguable that the spec- 
trum collapse on L/X should be replaced by a collapse on rotor chord/wavelength. 
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Sound Radiation from a Subsonic Rotor 
Subjected to Turbulence 

M. Sevik 


The Pennsylvania State Vniversity 


The broadband sound radiated by a sulrsonic rotor sulrjected to 
turbulence in the approach stream has been analyzed. The power 
spectral density of the sound intensity has been found to depend on a 
characteristic time scale — namely, the integral scale of the turbulence 
divided by the axial flow velocity — as well as several length-scale 
ratios. These consist of the ratio of the integral scale to the acoustic 
wavelength, rotor radius, and blade chord. Due to the simplified 
model chosen, only a limited number of cascade parameters appear. 
Limited comparisons with experimental data indicate good agree- 
ment with predicted values. 


The noise radiated by rotating machinery is known to consist of a 
broadband, random signal on which arc siiperim])os('d a number of dis- 
crete peaks. These characteristics of the radiated noise spectrum have 
been observed on a wide range of turbomachinery such as aircraft com- 
pressors (refs. 1, 2, 3), turbines (ref. 4), fans (ref. 5), and marine pro- 
pulsors. 

The discrete peaks, which are due to mutual interference effects between 
blade rows, were of greatest concern as a cause of public annoyance and 
were the first to be investigated (refs. G, 7, 8) . This source of sound is now 
well understood and its reduction has met with a certain measure of 
success (ref. 10). 

Broadband radiation has received relatively little attention in aircraft 
applications. The vibratory forces generated by turbulence, however, 
were of considerable interest in certain naval applications since marine 
propellers operate well within the boundary layer of a ship’s hull. In this 
case, the length scales of the turbulence and the propeller are of com- 
parable magnitudes, and, hence, strong thrust and torque fluctuations 
can arise (ref. 11). 

The random pressure fluctuations within a turbomachine which give 
rise to broadband radiation are due to the following phenomena: 
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(1) Turbulence in the approach stream generated, for instance, by 
upstream blade rows or by the combustion system. 

(2) Boundar}' layer turbulence at the duct walls. 

(3) Vortex shedding from the blade trailing edges. 

(4) Random variations of the tip vortex strength. 

Sharland (ref. 5), Smith and House (ref. 3), and Smith and Bushell (ref. 
4) conclude from their measurements that the major source of broadband, 
random noise in compressors and turbines is turbulence in the approach 
stream. This has also been found to be the case in marine propulsors 
(ref. 11), although vortex shedding from the blade trailing edges can — 
under certain conditions — become the dominant source over a range of 
frequencies. 

In this paper, the sound radiated from a rotor subjected to turbulence 
in the approach stream, at subsonic speeds, will be considered. 

CORRELATION OF PRESSLRE FLUCTUATIONS 

Curie (ref. 12) and Doak (ref. 13) have shown that the dipole radiation 
from a turbulent flow containing rigid surfaces can be; cxprc'ssc'd in terms 
of the distribution of fluctuating pressures acting ov('r tlu^ surfaces. In 
order to calculate the characteristics of these pressures, imagine the rotor 
blades to be subdivided into an arbitrarily large number of surface 
elements. The fluid velocity is measured with respect to a coordinate 
system a' (a' = 1', 2', 3') that is fixed in space (fig. 1). An unprimed 
system a (a= 1, 2, 3) is fix(>d to the rotor and is so oriented that one of 
its axes coincides with the centerline of the rotor shaft. 

The time-dependent pressures acting on the various surface elements 
are related by virtue of spatial and temporal correlation of the velocity 
fluctuations in the approach stream as well as by virtue of induction 
effects that take place between adjacent blade elements. The acoustic 
radiation depends on the correlation arc-a for the pressure-difference 
fluctuations; because of induction effects this area may differ considerably 
from the correlation area of the turbuh'iice. 

Since the ph.ysieal quantities involved in this problem are tensors, the 
index notation — including the summation convention in the case of 
repeated indices — constitutes the most convenient choice. Superscripts 
are used to denote the direction along one of the coordinate axes, whereas 
subscripts are used to denote the rotor blade eh>ment involved. For 
example, Mt®(r') denotes the component of the fluctuating velocity at time 
r' in the direction /3 of the rotating reference' frame at the blade element k. 
Similarly, Fik°^{t,T') denotes the aerodynamic force acting on the fth 
blade element in the direction a at the instant of time t caused by a 
velocity fluctuation of unit magnitude in the direction 0 to which the A:th 
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Figure 1. — Coordinate system. 


blade olemont was subjected at the instant of time t . Finally, ft“(0 
indicates the aerodynamic force acting on th(> fth blade' I'li'inent at time t 
in the direction a. In terms of thes(> quantities, and lU'glecting higher order 
terms, the lift force is given by 




f dr' 


( 1 ) 


where 


with 


a, 13 = 1 , 2 , 3 

t, k= 1, 2, . . . n 

r'<t 


In most cases, the aerodynamic force tensor is timi'-invariant, and 
equation (1) can bo written as a convolution integral: 


v)=r 

n 


Fiy{t)Uk^{t — T) dr 


( 2 ) 


where 


= <- r '>0 


Since the aerodynamic forces (Fit) are random functions, they are deter- 
mined statistically by the complete system of joint-probability dis- 
tributions of the values of the functions at any n values of t, where n ma}' 
take any integral value. From an ('ngineering standpoint, the correlation 
tensor + ) and its Fourier transform are the most significant 

quantities. In forming average values of the forces and fluid velocities. 
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we assume that the random processes are stationary and ergodic. The 
mathematical expectation 

1 

Z?[/.“(0^/(< + r)]= lim- / A“(0f/(/ + r) dt , 

r-=o ^ •'o ( 

= <(r) J (3) 


can be expressed in terms of the aerodynamic force functions and the 
velocity fluctuations in the form 


'w(r) = r dr, r dr, 

•'o •'o 

1 /■” 

X hm - / — r)Ur*(i + r — ra) dt 

^ *^o 

= f Fik^'^in) dri [ Fjr^’’{T-l) dTllhr'’’’ { t) 

n •' n 


( 4 ) 


Ukr^^ir) is the velocity comdation tensor for the iioints located at 
yk and vv, respectively. Tlu* spectrum tensor of tlw' force' fluctuations can 
now be found by taking the Fourier transform of the correlation tensor: 


f'“fy('w)=- f <I’,j“^(7-)[exp dr 

7T •'—X 

= f /’,»;“i(ri)[exp /ojTi] dn f Fyr®*(ro) [exp( — foJTa)] (/t'2 

n •'ft 


( 3 ) 


X 


j 7 fArr'’'*(r)[exp( — 70 )t )3 dr 




where II (co) represents the aerodynamic frequc'ncy response function, 
Gkr^^io)) is the spectrum tcn.sor of the turbulence, and i= \/— 1. 


APPLIC.\TION TO A ROTOR 

As an illustration, consider a rotor placed in a flow containing homoge- 
neous and isotropic turbulence. In this ca.se, the velocity correlation 
tensor can be expressed in terms of the distance r between two points in 
the flow field and the mean square value of the vc'locity fluctuations as 
follows : 
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=u- 


. 

2r 


dr 


+ /+ 


1,^A 

2 dr) 




(6) 


where 5"^ is the Krocnccker delta. The coefficient of longitudinal correla- 
tion/ can be approximated by an exponential function; namely 


/(;•)= exp 



(7) 


where A/ is the integral scale of the turbulence. Furthermore, the velocity 
correlation tensor is approximated by 





/ftt“®(c,r) 


( 8 ) 


where 9 = 1 y* — yr | is the distance between blade elements k and r. 

We now calculate the spectrum tensor of the force fluctuations normal 
to the plane of the rotor. In equation (5), a and 0 are both assigned the 
value 1, which corresponds to the direction normal to the rotor disk. The 
indices y and d take the values 1 and 2 only, since axis 3 coincides with 
the spanwise axis of a blade. From (‘quation (8) the velocity correlation 
tensor has the components 




whi'ri' Cx is the axial velocity, as shown in figure 2. 


(9) 



u 



Figure 2. — Velocity diagram for 
an axial flow pump or com- 
pressor stage. 
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The Fourier transforms of these correlation functions can readily be 
calculated: 



The spectrum tensor of the force fluctuations therefore ri'duces to 
= [//«" (co) ]*[//,>" (co) ((.) 

+ [Ha'"- M ]*[//.>■- (co) ]r;A. “ (c.) (11) 


The simplest expression for the aerodynamic response function is that 
of Sears (ref. 14). This expression is based on two-dimensional, incom- 
pressible, thin-airfoil aerodynamics and ignon's mutual interfenmee 
between blade elements. The task of establishing ai'rodynamic response 
functions for cascades is yet to be accomplished. Rt'ccmt experiments that 
have been pc'rformed at Penn.sylvania State University, however, show 
that strip theory givi'S satisfactory predictions providing the value of the 
local lift slope is appropriately corrected. This correction consists in 
replacing the value of the lift slope — which is eciual to 2ir in Sears’ equa- 
tion — by the steady-state local value. In terms of Sears function, the 
values of //(cj) are given by 


where 


7/.d‘(co) =//.(..) siiF/3.- 
//ii'-(w) =U/,(c}) sin 2di 


(12) 


//(co) 2Trpwb8rK(K) 
K{k) Sears function 

0)6 


K 


w 
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2b blade chord 

8r spanwise distance along the blade 

w relative fluid velocity 

d angle between the flow relative to the blade and the axial 

direction, as shown in figure 2. 

We can further simplify our final expression if //(co) is chosen as the 
mean value for the entire blade span. In this case 

(1+27TK) 

(13) 

The spectrum of the total normal force driving the rotor can now be 
found from equation (11), using equations (10), (12), and (13). It has 
the form 


G{T)=n(pcJ^ir~) 



(14) 


where 4> = Cx/U is the flow coefficient, B is the numbcT of rotor blades, and 
u/cx is the turbulence level in the ajiproach stream. 

The function S{K/ A/) represents a “correlation area” and is given by 




— (Iridrj; 


r.- 


(bV; 


I'he integration is performed from the hub radius Tr to the tip radius 
R. This function has been plotti'd in figure 3 for rotors having various 
numbers of blades and hub-to-tip ratios. 

The frequency dependence of the total force driving the rotor is given 
by /( r) , which has the form 


/(r) = 



(16) 


where 


coAf 

Cx 


2b 

e=ir — cos 

A/ 




C = 2 
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Fku’kk 3 . — “Correlation area” in the spectrum function of the axial force. 


EXPERIMENTAL INVESTIGATIONS 

To verif}’ the theory, an experiment was condueti'd in the water tunnel 
of the Ordnance Ifesearch Laboratory at P(>nnsylvania State University 
(ref. 11). This tunnel has a te.st .section that is 4 ft in dianietiT and 14 ft in 
length. Velocitii's as high as 80 fps can be achieved, and the static pn'ssure 
can be varic'd from 3 to 00 p.sia. The settling section of the tunnel contains 
a honeycomb of large length-to-diamet('r ratio that reduces the turbulence 
level in tlu; test section to about 0.1 pc'rcent. 

A propeller was used for this investigation. The propc'ller had 10 blades 
with a constant chord length of 1 in. and a radius of 4 in. The design 
static thrust coefficient based on propeller disc area is 0.183, and the 
advance ratio at the de.sign thrust coefficient is 1.17. The propeller and 
its installation in the water tunnel ar<‘ .shown in figure 4. 

A special balance was dcsignc'd for measuring the un.steady thrust force 
of the propeller. The arrangi'ment used is shown in figure 5. A piezo- 
electric crystal is mount(>d in a steel cup at the end of the propeller shaft. 
After assembly, the cup is po.sitionc'd by means of set screws until the 
hemispherical ball bonded to the cry.stal lies on the exact center line of the 
shaft, thus minimizing the crystal’s respons(> to bending distortions of the 
shaft caused by hydrodynamic moments acting on the propeller. The 
frequency response and the linearity of the balance are shown in figure 6. 

During the tests, turbulence was generated by means of grids mounted 
20 mesh sizes upstream of the propeller. Two grids were used with mesh 
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2110 FORCE GAGE 



ELECTROMAGNETIC 

EXCITER 


Figure 6. — Frequency response and linearity of balance. 


sizes of 4 in. and 6 in., respectively. The first had a solidity of 0.34 and 
was fabricated with f-in. -diameter rods. The second had a solidity of 
0.27 and consisted of |-in. -diameter rods. Figure 7 shows a view of the 
propeller taken from a position upstream of the 4-in. grid in the water 
tunnel. 

The measurements are compared in figure 8 with theoretical predictions. 
The “humps” in the measured spectrum occur at blade passage frequency. 
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Figure 7, — Downstream view of propeller through the 4-inrh grid. 


SOUND RADIATION FROM A ROTOR 

The statistical measure of greatest engineering interest is the power 
spectral density of the sound pressure fluctuations. This is related to the 
power spectral density of the force fluctuations by a Green’s function 
g{x,y;w) as follows: 

^(x;w)= (17) 

i=i 

If the rotor is housed in a duct, the radiation into the free field M ill be 
affected by the characteristics of sound propagation in the duct and by 
its intake geometry. These effects have been considered by Tyler and 
Sofrin (ref. 6), as well as by Morfey (ref. 15), for pure tone radiation. 

In order to simplify the present problem, the Green’s function chosen 
will be that of a dipole whose axis is normal to the rotor plane. Comparison 
of predicted acoustic power with experimental measurements on ducted 
fans will still be possible in cases where the dimension of the duct is com- 
parable with, or greater than, the quarter wavelength of the sound 
generated. The appropriate Green’s function for the far field is given by 

'ik COS0 

g(x,y,;oj)= ^ {expiVcrj {cxp[-fATj cos{<pj-g>) sin(9]) (18) 

4irr 



dB re I lb in a l-Hz bandwidth <’8 ''e 1 lb in a 1-Hz bandwidth 
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TEST No. 5531, RUN No. 2 

DISTANCE BETWEEN GRID AND PROPELLER ■ 80 INCHES 
WATER-TUNNEL TURBULENCE LEVELWITHOUT GRID ■ 0.0011 U 
TURBULENCE LEVEL AT PROPELLER DUE TO THE GRID ■ 0.03 U 
TUNNEL VELOCITY = 15 d fUsec 
PROPELLER ADVANCE RATIO ■ 1. 22 



0 100 200 300 400 500 600 


FREQUENCY (Hzl 
a. — ,'i-inch grid mesh. 


TEST No. 5530, RUN No. 2 

DISTANCE BETWEEN GRID AND PROPELLER = 120 INCHES 
WATER-TUNNEL TURBULENCE LEVEL W ITHOUT GRID ■ 0.001 U 
TURBULENCE LEVEL AT PROPELLER DUE TO THE GRID ■ 0 03 U 
TUNNEL VELOCITY = 15. 1 fUsec 
PROPELLER ADVANCE RATIO ■ 1. 22 



FREQUENCY IHzl 


I). — 8-inch grid mesh. 


Figukk 8 . — Power spectral density of the propeller response. 
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M’here k = u/c. The polar coordinates used in tliis equation are defined 
in figure 9. 

A further restriction is imposed by the requirement that the eddies be 
compact on a wavelength scale so that retarded time changes will be 
negligible. This implies that the acoustic wave length X must be much 
larger than the integral scale A/. 

The spectral density of the sound intensity at x follows from equations 
(17) and (18) : 



(19) 

where M = Cx/c is the axial flow Alach number and g{T) = T~f(T). 

In deriving the function F, it is as.sumed that the solidity of the rotor 
is such that it can be treated acoustically as a disk. This implies that the 
acoustic wavelength must be much larger than the blade chord and the 
blade spacing. Under these conditions F has the form 



X [Jo(A'7?Q sin 6) -\-Ja{hRZ sin 6) ]r,- dr,- dtpi r, drj d^pj 

( 20 ) 

where Jo denotes Bessel functions and r* denotes the hub radius. The 
quantities Q and Z are measured on the rotor disk and are given by 

Q = ^ (r.- cos <pi-rj cos pj) 



z 


Figure 9. — Polar coordinate system. 
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z= 


R 


(r.- sin ipi — Tj sin <pj) 


Finally, the intensity can be integrated over a large spherical surface 
to yield the spectral density of the sound power : 


(M 

dV 




( 21 ) 


where 




sin 0 cos^0 dd 


The function Fi has been calculated numerically and is plotted in 
figure 10 for a range of values of kR and R/Af. 

As an example, the theory has been applied to the following case: 


Rotor hub-to-tip radius ratio 


n 

R 


= 0.5 



Figure 10.— Radiation fundion in the spectral density of the sound power. 
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Flow coefficient 
Axial flow !Macli number 


i^ = 0.64 
M = 0.25 

Ratio of integral scale to tip radius — = 0.5 

R 

This choice of A/ corresponds to the span of the blades. The resulting 
spectrum is shown in figure 11. The vortical scale is proportional to 
T{dW/dV)-, i.e., a constant-percentage bandwidth, and the horizontal 
scale consists of the ratio of the integral scale A/ to the sound wavelength 
X. The peak of the spectrum occurs at a value of A//X = 0.16. The pre- 
dicted spectrum level becomes inaccurate at values of A//X>0.25 since 
the integral scale of the turbulence and the wavelength of the sound 
become of comparable magnitude. A much more rapid, exponential 
decrease in the value of T{dW/dV) than indicated in figure 11 ivould 
be expected. 

The directivity of the sound pressure is illustrated in figure 12, which 
shows that the sound becomes progressively less directional as the integral 
scale A/ decreases. 

Af/X 

0 0.008 0.016 0.032 0063 0.125 0250 0500 

dr 

-10 
db 

-20 

Figure 11 . — Broadband sound-power spectrum. 


db 




R/Af = 0 

R/A, = 4 0 


Figure 12, — Directivity of sound 
radiation. 
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SUMMARY AND CONCLUSIONS 

Broadband sound radiation from turbomachincry appears to bo mainly 
due to turbulence in the ajijiroach stream. This turbulence may be gen- 
erated b}' one of several nu'chanisms such as upstream blade rows or, 
in the case of turbines, the combustion system. 

As a preliminary step in the calculation of the power spectral density of 
the radiated sound jires.sim', the spectrum tensor of the axial force fluc- 
tuations acting on a rotor have been found. These hav(> been expre.ssed in 
terms of aerodynamic res])on.se functions and the correlation tensor of the 
turbulence. At tin; jiresent time, there is little information concerning the 
characteristics of the turbulence in turbomachinery. Also, ('xpressions for 
the aiTodynamic response functions are limited to two-dimensional, 
incompressible, thin-airfoil theory. Research in both areas is d(>sirable. 
In order to make further jirogress and ('stablish the general characteristics 
of the radiated sound, a simple case was considered. The turbulence in 
the approach stream was chosen to be isotrojiic and homogeneous, and 
the spectrum of the total force; normal to a rotor disk was calculated. The 
predictc'd spectrum lev(‘ls were comparc'd with experimental results 
obtained on a 10-bladed propi'ller subj('ct('d to grid turbulence. Good 
agree'ment was observed. 

The power spectral di'iisity of the sound intensity and of the sound 
powi'r were next calculated. The .spectrum depends on a number of 
parameters, such as the turbulence levc'l, a characti'ri.stic time scale con- 
sisting of the ratio of the intc'gral scale of the turbulence divided by the 
axial flow vi'locity, and characteristic h'ligth scales such as the ratio of 
the integral scale of the; turbulence to the acoustic wavelength, the radius 
of the rotor, and the blade chord. 

Due to the simjilieity of the model used, only a limited number of 
cascade parameters entiT tlu' ('quations. In a more complete d(‘Scription, 
additional cascadi' parameters — such as the solidity and stagger angle — 
would also ajipear. As an exam])le, the broadband sound-power spectrum 
for a turbomachinery rotor was calculati'd and plotted in figure 11. A 
flow coefficient of 0.()4, a hub-to-tip ratio of 0..50, and an axial flow Mach 
number of 0.2.5 were chosen. The broadband sound power radiated has 
been estimatc'd at 140 dB re 10“'“ watts for a turbulence h'vel of .5 per- 
cent of the axial velocity. 

LIST OF SYMBOLS 

B number of blad('s on rotor 

2b blade chord 

C cascade parameter defined in equation (16) 
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c speed of sound 

Cl axial floiv velocity 

e cascade parameter defined in equation (16) 

F aerodynamic force function, defined in (‘quation (1) 

/ coefficient of longitudinal correlation of the turbulence 

G{bi) spectrum function 

H {o>) aerodynamic frequency response function 

K{k) Sears function 

k acoustic wave number 

( local lift force 

M Mach number of axial flow 

n number of blade elements 

Q,Z projections of q on the x and y axes, respectively 
q distance between blade eh'ments 

R tip radius of rotor 

r distance, as variously defined 

Th hub radius of rotor 

t,T time 

U tangi'iitial velocity of rotor 

u fluid velocity 

W sound power 

w floiv velocity relative to the blades 

x,y position vectors 

Greek Letters 

/3 angle between the flow ndativi' to tlu‘ blade and the axial direction 

r frequency parameter, defined in equation (IG) 

$ correlation function 

4> floM' coefficient, defined in equation (14) 

K n'duced frequency parameter in Sears function 

A/ integral length scale of the turbulence 
X wavelength of the acoustic radiation 

r time 

6,(f position angles in polar coefficient 

CO angular frequency 



APPENDIX: TABLE OF RADIATION FUNCTION^ 
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This table applies to a hub/tip ratio of 0.50. 
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DISCUSSION 


R. ATANI (University of iMassacluisetts) : It would seem from your 
deseriiitiou of tlie (wpi-rimental apparatus that you have turbulence seah's 
which an' quiti' large compared to the jiropulsor size. It has bei'ii shown 
that you should get a pn'dominancp of blade-passagi' tones. If the eddies 
are really of substantial size, I do not really see how you would only get a 
broadband spectrum. 

SKVIK (author) : I believe' that you are n'ferring to a papi'r by Ffowes 
Williams and Hawkings in which tlu'y show that bhuh'-passage tones will 
also occur when the inflow is turbulent. Thi'y indicate that the bandwidth 
of the spt'ctrum will b(' invi'r.si'ly jiroportional to the number of blades 
which are subject to the distortion field of a single I'ddy. Our test results 
do indi'cd show a “bump” around blade-passage' frequency, which corre- 
sponds to their pn'diction. The bandwidth of the bump is about 40 cps, 
in agreement with their expression. Unfortunately, wi' also discovcri'd 
after the tests that wi' had a blade resonance in the sami' frc'qucncy range 
and hi'iice that tlu'ri' W('re two jiossible contributors to the' e'lie'rgy. I 
agre'e that my theoretical ap])roach does not pre'dict the tone's, but einly 
the broadband energy. 



Compressibility Effects in the Keinp-Sears Problem* 


I 


I Ramam Mam 

1 

j University of Massachusetts 

I 

1 

' The effects of including compressibility in the Kemp-Sears 

problem of aerodynamic interference between moving blade rows are 
examined. Methods of linearized, subsonic, plane, unsteady flow are 
adopted. The major new effect is that a resonance appears at certain 
combinations of flow Mach number, tip Mach number, and blade 
vane ratios. The resonance is at exactly the Tyler-Sofrin cutolT condi- 
tion for rotor-stator interaction. At such conditions the unsteady lift 
on a blade row due to externally imposed nonstationary upwash 
vanishes. However, the resonance appears to be very sharp and 
seems to be more significant as an indication that annind this condi- 
tion the unsteady lift changes very rapidly. 


This paper is concerned with unsteady blade forces developed on an 
axial compressor blade row due to unsteady periodic wave disturbances. 
The applications discussed pertain to unsteady disturbances produced 
on a blad(^ row due to steady-state lifts of adjacent rows moving past the 
row of interest and due to viscous wakes sht'd by upstream rows. 

The framework for the analytical approach to the solution of this com- 
plex problem is contained in two pioneering papers by Kemp and Sears 
(refs. 1, 2). Kemp and Sears adopt the n-presentation of blade wheels as 
infinite cascades of two-dimensional airfoils. They consider a typical 
airfoil in the blade row on which unsteady forces are to be calculated as 
an isolated airfoil in linearized, unsteady, incompressible flow. This 
isolated airfoil is subject to unsteady disturbances from various sources. 
Reference 1 considers nonstationary upwash due to translation of steady- 
state design fields of an adjacent row. In this case the effect of a row upon 
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I. H. Edelfelt of the General Electric Research and Development Center. The work 
was supported financially by the asse.ssed funds program of the G.E. Research and 
Development Center. 
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an adjac(‘nt row downstream of it and the nonstationary upwash due to 
the “inviscid” wakes is included, lleference 2 considers nonstationary 
upwash due to viscous wakc's shed by an upstream row. In tliis paper two 
refinements are considered, k'irst, a typical airfoil of the row on which we 
wish to calculate the unsteady blade forces is regarded as a member of an 
isolated, infinite cascade of airfoils rather than as an isolated airfoil. 
Second, in calculating botli the nonstationary upwa.sh and the un.steady 
forces we include compressibility effects. INIethods for linearized, subsonic, 
plane', compre'ssible un.stc'ady flow are' adeejite'd. For the jire'sent, we have 
not included neinstationary upwashes due tee “inviscid” wakes. The 
motivatiein feir ince)r])e)rating the'see refinements is simply that in meest 
present-day applications whe're' unsteady blade force's in fans and com- 
jeresseers ;ire‘ eif inte're'st, the Mae'h numbe'rs e>f the' flow are too high for 
ceempressibility effects to be' negligible'. 

('onside'r an isolate'd, infinite flat-plate cascade' of ide'iitical airfoils 
space'd s ajiart wheese cheerd lengths havee tie'e'ii normalize'd tee unity and 
with flow at Mach numbe'r M through the cascaele. M is restricted te> 
M <\ (subsonic flow through the- blade' ])a.ssage'.s). d'lu' {irobh'm i.s to 
calculate the un.ste'ady lift on a typical blade' e>f such a e'ascade due to a 
known nonstatieuiary upwa.sh een it whe're' the' tiine'-eh'penele'nce' e>f the 
neeiYStationary upwash is e>f simiih' harmeenic ty]>e'. The' nem.statieinary 
upwash will later be re'late'el tei the' transliitie)ii e>f aeljace'ut ste'ady-state' 
de'sign fie'lels anel to vise'eeus wake's she'd by an ujistre'emi reew. Due to the 
symmetry eif the cascaele' the' neenstatieenary u])wash een the' ath blade is 
esse'utially the' same' as ein the' zeroth blaele, e'xe'ept feer a ]fliase differe'uce 
facteir of exp {jay)', wlu'ree we; will late'r re'late' y to the aerodynamic 
parame'ters. 

The me'thoel e>f seelution adeeptc'el is the me'theed of distributed singulari- 
tie's and singular inte'gral e'eiuatieens. An x — y ceeeerdinate system is use'd 
as sheewn in figure' 1. Le't ^ de'nefle' the' running coeerdinate on the' zereeth 
blade that runs from —5 to Le't the' unste'ady lift di.stribution on the 
zeroth cheerd be de'iieite'd by Le't A',.(x,^) deneite a kerne'l functieen 

that gives the nemsteitieenary upwash at the' peiint (a",0) een the' ze'roth 
blade due tee an infinite' row e)f e'e[ual oscillating feerces e>f unit .strength with 
phase shift y located at | and its corre'sponding points; i.e., at 

^+ 7 is sin (os), as cos {a,) 

whe're m = 0 , ±1, ±2, . . . , e'te'. is known since it is merely the 

sum (>{ upwash contributiems due tej unit force's of kneewn phase and 
locatiein. Led Vd(x)e^‘^‘ be the kneiwn nonstatiemary upwash due to the 
adjacent rows. Then the boundary ceendition that the ve'locity normal to 
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the blade chords hi' zero leads to the integral e(|iiation: 


f 

J _i /o 




(1) 


where K^{x,^) and i\i{x) are known. Only F{^) is unknown, and, after 
solving equation (I), the total unsteady lift is found from 


(total lift) 


An 

= / 

*'- 1/2 


(?) 


( 2 ) 


A',.(x,^) has a singularity; i.e., a term as \ /{x — ^) \ hence, equation (I) 
constituti's a singular integral eiiuation for the forc(' distribution. There 
are two other reciuinanents on F(^) \ first, that it vanish at the trailing 
edge ^=5 (the Kutta-Joukowski condition), and, second, that it have a 
square-root singularity at the leading edge; i.e., the force distribution 
tends to =» as 5 as l/\/ 


CALCULATION OF KERNEL FUNCTION 

The physical significance of the kernel function K,,{x,^) is repeated: 
It is the upwa.sh at point (x,0) on the zeroth blade due to an infinite row 
of unit forces located at 

^-\-ns sin (as), ns cos (as) 

with n = 0, ±1, ±2, . . . , etc., where the jihase of the oscillating force 
on the /ith blade is related to that on the zeroth blade by a factor 
exp ( jny) . 
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In the derivation of the kernel function we have relied heavily on a 
recent paper by Kaji and Okazaki, who treat an analogous problem 
(ref. 3) . We are espi'cially indebti'd to their repeated and ingenious use of 
the Poisson summation formula to switch from infinite series of Hankel 
functions to infinite series of exponential functions. In view of their paper, 
we omit manj^ of the details of the derivation of the kernel function and 
follow Kaji’s notation. 

The first stc'p is to note that the nonstationary upwash Vn{x,0,t) at 
(x,0) due to a force of comph'x strength exp ( jny) located at 
Kf+?is sin (as), ns cos (as)] is as follows. 

Let k = u/a, ^ = \/ l~M-, p = density of uniformly flowing medium, 
a = speed of sound, a;,. = x — ^— ns sin (as), ?/„= — ns cos (a»), and 

Xn' = x' — ns cos (a,). Then 


F„(a;,0,0 I 


kH 


V l-M- 


. kMx„ 


X 




^ Vxn^+^-y,A 
^ j 

] 


X 


L/3-a 


//o«) 


k^ exp { ~j — Xn 




and 


/ ^n 

exp 


■ . 

71/(l-il/-’) 


— y/xn'^ + ^hjn- dx 
fi-a 


(3)'^ 


Kv{x,^)= X Vn{x,0,t) 


( 4 ) 


The above expression for V„ may be dt'duced from ecpiations (8) and (11), 
section 14.3, of Y. C. Fung’s “An Introduction to the Theory of Aero- 
elasticity.” Thus, 


and are Ilankel functions of the second kind of orders 0 and 1, 

respectively. 
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Kr(X ,0 = 


jk 


4^7rpfi-Ma 

({x -0 


exp 


kM{x-k) 


-P5 


X 


2 w 


2it-\-sP sin {as)h 


fs sin ( 


2 w 


2 = 1 ;,) 


Mhore 


and 


and 

and 


^ d /2 


irMh 



p _ -2{x-0 sin (a,)7T 
s[l — d/2 cos2 (a,)] 

1 r ksM sin (a^) 
k 

^“\/r=d /2 

- _ -27rsin (g.) 

s[l — d/2 cos2 (a«)] 


_ ks \/l — d/2 cos2 (a,) 

~ 2^ (T-T/^ " “ 

27T \/l— d/2 cos (a.) 
^ s [1 — d/2 cos2 (as)] 

V = V I X — ^ I 



TTO^T) 




[wV( 2 Tm+P)^+r] 

[( 27 m + /^)2 + ,, 2 ] l / 2 “ 


exp [ j(27rn+P)5] 


( 5 ) 


(5a) 


7 = y (2i m+P)/ //2) 
'“i V(2«i+P)^+r 


[tc-s/ (27m+P)2+r;2] exp [j(2im+P)5] 


(5b) 


h= S Po®[wV (27m+P)2+)j2] exp [](27m+P)5] 


— X 


(5c) 
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li represents the contribution from the integral term in equation (3) ; 
we give below the transformed form of it after application of the Poisson 
summation formula; 


h = iY, 


exp \_jnP — t )\/ (5 — «)- — 


-\/ (5 — /i)-— w- 


j{n-b)P+j 


k 


M(l-JP) 




for (x — ^) < 0 . 


(5d) 




{5 — n)- — iv- 


exp [_jnP — r ]\/ {8 — n)- — w-^ 
j{n-5)P+j 1/(^1 IP) 


2 r] exp 




k{x-0 


(n — S)Pd 


k 

.1/(1 -dP) 


+ jj-[( (5 — — iP] 


for {x~i) >0. 

For X 9 ^^, the expressions for I\, 1 2 , and 1 3 may be transformed l)v 
Poisson’s summation formula as under 

7i = -^ X exp — — tP] (5«) 

Tll'T] 

h = — £ CjnP-vV(S-fi)'^-P-J (5b) 

TTlC V (5— 

J «= I 

/3 = - 2] - 7-= - exp [jhP-jj (5c) 

The expressions for P, P, and I 3 diverge as x~^^ in equations (5a), (55), 
and (5c) , or as P, ij— ^0, which is merely the indication of the 1/| x — ^ \ and 
log ] x — ^ I types of singulariti(\s in K,.{x,^). To locate these singularities, 
we examine the small value expansions of the Hankel functions as follows. 

1-— (70- log 2)1 


//o®(^) ~ — “ log (a;) + 

7T 


where 70 = 0.5772 = Euler’s constant and (x) ^2j/Trx. With the aid 
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of the above it is easily shown that 


K,{x,^) ■ 


jk 


2j/3* 


4TTp(3-Ma \_k{x~ M 
is regular as x-^^. This motivates writing 


log (I x~^ I) 


= Kr{x,^) ( 6 ) 


/3 k log (I x — ^ 

K,.{x,0 = K Ax, - i-Tp- 

2TTpMa (x* — ZTTpfiM-^a 


Finally, let 


-2pMa 

fix) = i’d{x) 


( 7 ) 


( 8 ) 


Equation (1) noiv reads as 

F(^) 


•'-m ^ 


jTlog (1 i) 1 


2pM (ITT 

^ ' M ( f- AT) ^ “ Jx^ 


(IA-=f(x) (9) 


CALCULATION OF UPWASH DUE TO TRANSLATION OF 
ADJACENT STEADY-STATE FIELDS 


Potential Interaction 

The probk'm of potential interaction (see fig. 2) is to calculate the 
nonstationary upwash on line AB due to steady-state design lifts on a 
blade row on the right-hand side, which translates downward at a ei'rtain 
speed corresponding to a tip Mach numlxT M,. In a linearizi'd tri'atment, 
clearly the stagger {a^ and Alach number Mr of flow through the ad- 
jacent row are related to M,, M, and as by 



row. 
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«r= tan ' 


Mt + M sin {a,) 
M cos («s) 


and 

Mr= Vd/r+dr- + 2d/,d/ sin (a.) 


Let Trr = rtd/r. W(‘ first find the solution for velocity comjioiH'iits u' and 
v' , parallel to the x'-y' coonlinate system of figure 2, du(‘ to ecpially sjiaced 
concentrated unit force's at the origin and its corresponding jioints as 
shown in figure 2. (Note' that tlu' blade exe-rts a force' een the' fluid e'epial 
and eipposite' fee the' lorce' e'xe'rte'd by the' fluid een the' blaele'.) We' use a 
frame' eif re'fe're'uce' fixe'el with re'spe'ct te) tlie> translating blaele' reew se> that 
we' have' a ste'ady-state' preebh'in. We' heive' te> e'eenside'r the' effe'ct eef a 
sum e)f force's; 


1 X) 

X \ 


where 1 denotes a unit feerce' vector anel 5 stanels fe>r the' Dirac ele'lta 
function. By using a re'sult eai page (i8 eef re'fe're'tice' 4 ceince'rning the sum 
of an infinite renv of eepially sjeace'd de'lta functions, we' finel that the 
above is clearly equal to 



1 + 2 X''XP 

7i = l 


270 )?/^ 


since our use e>f comph'x Ibrms always im])lie's that re'al jiiirts are' te> be 
taken. The linearize'd eeiuatiems eef meetieen and ceentinuity are' 


P 


/d^ 

\dx''^ dy') 


+ Hb 


ce)s (m) — + Rill («r) — 
dx dy _ 
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(lOee) 


du' . dll' 

COS (ar) — ; + Sin (ar) - 
dx dij 


and 


1 (9// sin (ar) S(x') 

pll r dx' pe/ll r 


00 


1+2 X 

1 



(106) 


cos («r) 


dv' . , ^ 

sm (ar) 
dx 


dv' 

Sy’ 


pWr dy' 


cos (ar)S(x') 


1+2 X f'l^P 


2Trmj'\ 

d / 


pdW, 


(10c) 
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In what follows wc omit the %j' indepemdont t(>rm in the force since it gives 
a stationary upwash (cf. p. 591 of ref. 1). In equations (12a), (126), and 
(12c), p' and p' stand for small perturbations of the demsity and pressure. 
Eliminating // from equations (106) and (10c) we derive 


cos (or) 


-- + sin (a,) 
dx 



'du' 

Jy' 


dv' 

dx' 


2b{x') 
pll rd 


00 


Z <'xp 



= 0 


Since u' , v', and the d(dta function term vanish far from the blade row. 


dll' dv' 25 {x') 


dy' dx' pW4 1 


Z 


. 2irny' 


( 11 ) 


(E utta-Joukowski Law). 

Next we eliminate the force terms in equations (126) and (12c); 
assuming an isentropic relation between p' and p', we obtain: 

[1-dE^ cos= («r)]+~ [l-3E^si.P (a.)] 

dx dy 


= d/r-sin («r) cos {Ur) 


'dll' 

Jy' 


d_i^' 

dx' 


(12) 


(modifu'd continuity equation). 

Using equations (11) and (12), single equations for u' and v' may be 
obtained that may be solved by recpiiring that u' and v' vanish as oo . 

We omit the details and give the result. 


u' for x'^0 = 


1 [ i V sin (ar) c os (or)] 

I- Mr- COS2 {ar) 


00 

X Z c^P 
1 



X exp 


J27T?(a:'[,;d/r‘ sin («r) cos («r) -\/l — 


Similarly : 


=F1 


v' for x'^0 = - V Z (“XP ( J 

r „=i 


d(l— il/r^) COS^ (or) 

. 2Trny'\ 


(13a) 


2Trnx' 


d ) P V[l-.WcosMar)] 


X[jd/r“COS (Or) sin {ur)^ \/l—Mr^~\ 


( 136 ) 


The upwash normal to line AB (fig. 2) is 
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Vd = v' cos (as) —u' sin (as) (13c) 

Thus I'd for x' ^ 0 is 

=F1 r sin (ar) cos jar) sin (as) j sin (as) — 

prffi'r 1 — jT/r- COS^ (ar) ^ 1 — COS^ (or) 


00 

xX exp 
1 



2 irnx' sin (a,) cos (ar) =F -\/l — jl/r^ 
d 1— 3/r^ cos- (ar) 


(13d) 

The effect of distributed loading on a finite chord may be estimated by 
integrating the results of equation (13d) over the finite chord. We again 
omit the details since the derivation is very similar to that outlined on 
pages 589 through 590 of reference 1. Noting that these upwash fields 
translate with respect to the adjacent rows, om? readily obtains the non- 
stationary upwash on the adjacent rows. 


Viscous \\ ake Interaction 

The form of the nonstationary upwa.sh contributi'd by the viscous 
wake intraction mechanism was assumed to be the .sam(> as in ri'ferenci'- 
2. The pertinent eiiuation giving the upwash is ecpiation (28) of nderenco 
2 . 


FINAL FOR.MLLATION OF INTEGRAL EQUATION (9) AND 
METHOD OF SOLUTION 

From figure 3, clearly the frequency co of unsteady lift is {2vn/d)M, a 
and thus k = u/a= {2wn/d)M In what follows we consider (>ach harmonic 
n separately. The phase lag y is discussed on pag(> 592 of reference 1. It 
is easily shown that 

Assume for F{^) the form 

© N 

+ 2] sin (n0) 

1 

where ^ = — 5 cos (^, 0 = 0 at the leading edge, and </> = tt at the trailing edge. 

All the above terms are zero at the trailing edge (Kutta condition) , and 
the series has the usual square-root singularity at the leading edge. 
Ao, Ai, A 2 . . . A„ are, of course, unknown. We let x = — 5 cos 6 so that 
6 = 0 corresponds to x = — | and d = ir corresponds to x = | and denote by 
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UPSTREAM 

ROW 


DOWNSTREAM 

ROW 



MfO 


SOLIDITY CTu, 
STEADY-STATE 
LIFT Fu 


SOLIDITY CTji, 
STEADY-STATE 
LIFT Fd 


Figukk 3 . — Sketch for potential interaction due to two adjacent rows. 


G(n,d)= I COS {n<t>)Kr{x,^) (Itj) 


whore ?i. = 0, 1, . . . , A' + l. 

The G(n,d) will he evaluated numerically by Simpson’s rule and will 
pn'sc'iit no difficultic'S since Kr{x,i,) is houndc'd. Then it is easily shown by 
using th(> nvsults of equations (16), (17), and (18) of the appendix that 
equation (9) may be written as 


^0 


i[(7(O,0) +(7(1,0)] 


— _jk (log 2 + ^ cos d ) 
2pMa 2p/3d/2a 


+di s J[(?(O,0) — (7(2,0)]-f 


i0 cos 6 jk 


2pMa 4pfiAPa [_ 


log 2 - 


cos (20) 


+ S cl„ 


n=2 


|]:[6'(n— 1,0) — (?(n+l,0)]-| 


d cos (n0) 
2pMa 


jk fcos (a — 1) 0 cos (n+1) 0 
SpfiAPa _ n — 1 ?i+l 


=/(^) 
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The above equation holds for O<0<7 t, and the method of collocation of 
points involves satisfying the above equation exactly for (A’ + l) equally 
spaced values of 6 between 0 and tt and thus deriving (A’ + l) simul- 
taneous equations for Ao, Ai, , A.v, which may be solved by matrix 
inversion. 

The net lift is 



and the magnitude of unsteady lift is the amplitude of Tr/2[Ao-|- (Ai/2)]. 


NUAIERICAL DETAILS AND TYPICAL RESULTS 

The unsteady lift distribution was assumed to havc^ the form of an 
term series. I'lic check on whether the chosen 4/ is satisfactory 
is whether the terms Ao, Ai, . . . , resulting from the solution of the 
simultaneous equations (14) converge rapidly enough. Judging from the 
calculations performed in this papc'r, the value of M to be used increases 
with the Alach number of the flow through the blade passages. Up to a 
Alach numb(>r of about 0.5, M = 7 suffices. Between Mach numbers of 0.5 
and 0.8, J/ = 11 sufficivs. Beyond a Mach number of 0.8 it seems necc'ssary 
to use M= 15 to get good convergence. The use of the present analy.sis for 
Mach numbers close to unity is not very valid anyway because for such 
high IMach numbers the convected wave equation (from which eq. (3) is 
derived) is not a valid linearized equation for describing the nonsteady 
flow. 

In figure 4 we have plotted results for potential interaction'* on a row 
with flow at a IMach number of 0.1 due to a row downstream. This case 
should be analogous (owing to the low IMach numbers) to a case cal- 
culated in figure 5 of reference 1. The Kemp-Sears results and results of 
this paper compare reasonably well. 

A similar check with the Kemp-Sears results is obviou.sly de.sirable for 
viscous wake interaction. In reference 2, in the interest of obtaining a 
closed-form solution, the upwash used to calculate the unsteady lift is 
taken at selected points on the airfoil. Two sets of results pertaining to a 
stator rotor sequence as sketched in figure 5, one corresponding to the 
upwash at quarter chord from the k'ading edge and another corn'sponding 
to the upwash at quarter chord from the trailing edge, are presented in 
table 1 of reference 2. The methods used in this paper make such an 


'■For all potential interaction calculations reported in this paper (Figs. 4, Go, 7h) 
the steady lift distribution is assumed to be of the flat-plate tj'pe (see p. .')94 of ref. 1). 
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Figure 4. — Potential interaction due to downstream row. Comparison with Kemp-Sears 

(reference 1). 



Figurk o. — Stator rotor sequence ttsed to compare 
results for viscous wake interaction with Kemp- 
Sears (reference 2). 


approximation uiiiipcossary ; our results are compared with the Kemp- 
Sears results in table I below. The calculations in this paper are again for a 
row with flow at a Mach number of 0.1. 

From table I it is seen that the first harmonic results compare well if 
Kemp-Sears results corresponding to an upwash at a quarter chord from 
the leading edge are used. 
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In figure 6a we have plotted results for unstcadj' lift assuming the 
velocity triangles of figure 4 to be linearly scaled up in i\Iach number. 
This could be repre.sentative of changes in unsteady lift as one runs up a 
fan or compressor on a constant loadline. 

The forms for 1^, I 3 , and /j obtaiiu'd b 3 ’ the use of the Poisson summa- 
tion formula (cqs. 56, 5c, and 5d) indicate that if, for anj' integer m, 

(6-m)2-o)2 = 0 . . . (14) 

then h, h, and /j— ^= 0 . Since in equation (1) involves h, h, and 

li, this means that if ecjuation ( 14) is .satisfied then X,.(x,?)— > 00 . The only 
way in which one can obtain a bounded v,i{x) under the condition that 
A'v(x,^)— >03 in (>quation (1) is to have F{^)—*0. Thus the resonance 
condition denoted by ('quation (14) is one for which the unsteady blade 
forces vanish. Physically this condition ari.ses when purely transverse 
waves are produced in the blade jia.ssages (i.e., waves traveling only in the 
tangential direction). At this resonance condition, waves emitted from 
one surface, say the upper surface of a blade, travel transversely and 
arrive at the lower surface of an adjacent blade with the time of travel 
being such that the incident wave phase is exactlj' antiphase (i.e., with a 
phase difference of some odd intc'ger multiple of 180°) with the phase of 


Tahle I. — Viscous Wake Interaction' 


Keinp-Sears results 


Results of jiresent pajicr 


Harmonic 

number 

Co 

X^p\va.sh 
evaluated at 

Co 

Harmonic 

number 

Cd 







1 

0.01 

Q.C. from 
L.E 

0.029 

1 

0.01 

Q.C. from 

T.E 

0.023 


0.02 

Q.C. from 

L.E 

0.0.')" 


0.02 

Q.C. from 

T.E 

0.04.5 


Q.C. = quarter chord, ('n = profile drag coefficient, L.E. = leadiiis edse, T.E. = 
trailing edge, C/. = coefficient of unsteady lift. 


> Comparison with Kemp-Sears results for case sketched in figure 5. 
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Figure (ia. — Potential interaction for di/namicalli/ similar velocity triangles. Effect of 

Mach number. 


the sources on the lower surface of this adjacent blade. This phase can- 
cellation prevents development of any unsteady lift. 

The resonance condition of ecjuation (14) may be rewritten in terms of 
tip !Mach numbers and flow Mach numbers as 


M,= 



co.s^ (a») — fl/ sin (cis)] 


(15) 


For velocity triangles of the type shown in figure 4, ilf < = M \/2, a* = — 45°, 
and the solution of (15) yii'lds resonant Alach numbers of 


M = 


(?w-l ) 
\/ wF-fl 


where w is a positive integer. The first significant resonant ^ilach number 
M is thus 


M = —7= = 0.447 
V5 


and the second is 
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These two ordinate lines (corn'spoiidinj;; to il/ = 0.447 and 0.G32) are 
shown ill figure' (ie as first and se'cond re'sonanee' jioints. As can bo noted, 
th(' resonanci' is oxtri'mely shar]) in that tlie ajijiroach of the unsti'ady lift 
to zero as 4/— ^1/^/5 is extremi'ly sharp, being ri'pn'si'nted by an almost 
vi'i'tical droj) in figure G«. 

The results of figure (in suggi'st that the re'sonanci', while undoubtedly 
denoting a point of zero unsti'ady lift, is much too sharp to have practical 
significance as a condition of low unsteady lift. Jlowever, the resonance 
points do have' ceinside'rabh' significaiu'e' (as may be- eibse'rve'd from fig. (in) 
as de'liiH'ating rathe'r diffe're'iit familie's of variations of unsie'ady lift with 
■Mach number. 

A similar result is shown by Kaji and Okazaki in refere'iice 3. They 
ceinside'r in refeTe'ne'i' 3 (he effe'e'f of a flat-j)late' cascade' with flow on an 
incide'iit sounel wave' as sheiwn in figure' (ih. An unste'ady force' distributiem 
on the blades tei cance'l the vi'leie'itie's ineluce'd by the' incide'iit sound wave' 
is sought as the solution tei an inte'gral ('epiation eif the same type as 
equatiein (1). Late'r the' e'ffect of the' unste'ady force' di.stributions is 
integrated tei eibtain far-fie'ld pressure (sound) waves in the transmitted 
and reflected re'gions. The- cascade in figure' Gh behaves as a diffraction 
grating with respect tei the incieh'iit senind wave. One iireipagating rc'flected 
and one preijiagating transmitted wave arc always produce'd by the- inte'r- 
action of the incide'iit sound wave and the'iilade row. The' reflected wave 
corresponds to a specular reflection of the incident wave by the blade row. 



Fku'HF, (il). — Configuration of cascade iciiosc results arc shown in figure 6c, of 

reference 3. 



COMPRESSnsiLITY EFFECTS IN THE KEMP-SEARS PROBLEM 529 


and the transmitted wave has the same orientation as the incident wave. 
The basic transmitted wave, produced under all circumstances, is denoted 
by the authors of riderence 3 as a r = 0 mode^ in figure 5 of their paper (the 
upper half of which is reproduced as fig. 6c in this paper). Higher order 
modes arc also produced if, for the interaction of the incident wave and 
the blade row, more than one resulting mode is above “cutoff." In figure 
6c, for a less than about 40°, a basic transmitted mode (labeled r = 0) 
and a higher order mode (labeled i/=— 1) are produced. For a greater 
than 40°, the basic transmitted mode and a higher order mode (labeled 
r=+l) are produced. The pressure transmi.s.sion coefficient is the ratio 
of amplitude of transmitted wave to the amplitude of incident wave. The 
ordinate around a = 40° in figure 6c represemts a resonant condition of the 
type of equation (14). In the example of figure 6c, the orientation of the 
higher ordiT transmitted wave undergoes an abrupt change* as one passes 
across the resonant incidence angle. Note how the pressure transmission 


PRESSURE TRANSMISSION COEFFICIENT FOR 
CURVE I:V =0 MODE 
CURVE n- F = I MODE 
CURVE ED- F =-l MODE 



® Corresponds to m — 1 = 0 in this paper. 
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coefficient associated with the basic transmitted wave ((/ = 0 mode) under- 
goes an abrupt change as one crosses over the resonant incidence angle. 

This type of resonance' effect was apparently first observed by Runyan, 
Woolston, and Rainey (ref. 5). Their concern was with the effect of wind- 
tunnel walls on the lift forces developed by an oscillating wing in two- 
dimensional subsonic compressible flow. The resonance phenomenon was 
experimentally confirmed by these authors. 

In view of the very rapid change of events just around resonance, it 
might appear worthwhile to attempt an analytical solution of equation 
(1) close to resonance. However, McCune, in a different context, has 
examined the merits of replacing cylindrical wave functions (which should 
be employed in a proper three-dimensional analysis) by two-dimensional 
approximation in such problem.s (ref. G). He .shows dearly tliat such an 
approximation breaks down precisely at these resonance frequencies. 
Thus, it seems of dubious advantage to pur.sue the cascade jdane analysis 
any further near rc'sonance. Finally, one may easily show that the reso- 
nance conditions are precisely the conditions at which succe.ssive rotor- 
stator interaction modes of the classical Tyler-Sofrin analysis (ref. G) 
are cut off. Thus the cutoff frequencies introduced by Tyler and Sofrin 
as delineating regimes of acoustic propagation or decaj’ of successive 
interaction modes are sec'n to play an important role in the estimation of 
the unsteady blade force problem. 

From equation (13d), one notices that the; exponential decay rate of 
the potential flow field of an adjacent row is altered from its incomprc'ssible 
value by the factor 

yr^M? 

1—M/ COS^ (ttr) 

To show the effect of this factor, we have' jilottcd the decay of unsteady 
lift with spacing for o:r = 0, 45°, and 60° in hgure 7. 



UNSTEADY LIFT, 1st HARMONIC 
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ALL DOWNSTREAM ROWS, STEADY-STATE LIFT=I.OO 



( I ) DOWNSTREAM ROW 
STAGGER = 0° 


( i i ) DOWNSTREAM ROW 
STAGGER = 45° 


(iii) DOWNSTREAM 
ROW STAGGER 


Ficcuk 7a. — Effects of stagger angle on decay of potential flow fields — configurations 

considered. 



Fioure 7b. — Effects of stagger angle on de- 
cay of potential flow fields — results for 
unsteady lift for configurations of figure 
7a. 


0.01 
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APPENDIX 


Two well-known principal value integrals are 


and 


1 r 

COS (?((/)) dip 

T Jo 

_cos (0) — cos (6) _ 


1 /■’" sin {ii4>) sin f</>) (l4> 
IT 2|) cos (9) — c((s (4>) 


sin {n9) 
sin 9 


cos {u9) . . . 


( 16 ) 


(17) 


An expansion ofjk (log | x — ^ |)/2.1/( I — .1/-) convergc'iit ior 97^4>\a 


-J k 

M(l-M-) 


^ cos {ti9) cos 

iog(2)+i: - — 


(18) 
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DISCUSSION 


A. AHDELHAMID (Carleton University); I would like to eommiTit 
on the effi'ct of the blade being in a row or being isolati'd and on whether 
it’s a first- or a second-order effect. I believe it’s a si'cond-order effect 
because the steady vorticity on the blades of the same row as the blade 
that you are considering will not contribute to the contour it imposes. 

J. E. FFOWCS WILLIAMS (Imperial C'ollege of Science): It seems to 
me that when you have this guaranteed repetitive .system you must 
gimerate a re.sonance. You’ve got to pick them up .somehow. My point of 
concern is the way in which the boundary conditions are put in. There are 
difficulties concerned in judgments, and these turn up when the re.sonant 
wave fronts are going at a parallel, one normally observes. Now if thiw’re 
going parallel to the surface, the procedure to adopt is one to control the 
velocity on the surface. If one asks what pressure is reipiired on that 
surface to bring about a control on the velocity, it turns out to be infinite 
by the way his blade is set, so a more realistic boundary condition for 
any practical system would be a jiressure-releasc' condition. 

MANI (author) : Two points have been raised in the discu.ssion period. 
The first concerns the proper boundary condition to be usial near the 
resonant (cutoff) frequency. The author agrc(>s that if very large pres- 
sun's result the assumption of perfectly rigid blades is not a suitable one 
and should be replaced pi-rhaps by an impedance condition. It is worth 
reiterating, however, that from the point of view of the isolated two- 
dimensional cascade model’s n'presentativeness of the actual situation 
in the turbomachine, it would not be worthwhile to pursue matters much 
further in the cascade plane near cutoff. The effect of adjacent blade 
rows, open-end terminations, and three-dimensional effects become all- 
important at this condition. 

The second pertains to the effect of adjacent blade rows. It should 
be noted that estimates of effect of adjacent rows as carried out in the 
original Kemp-Sears papers is not entirely sufficient. Kemp and Sears 
assumed the fluid to be incompressible and, with this assumption, all 
iionaxisymmetric flow patterns exhibit exponential axial decay. When 
the fluid is regarded as compressible, some of these flow patterns (those 
above cutoff) exhibit no axial decay and hence the treatment of the 
problem on the ba.sis of isolated blade rows subject to given external 
upwash becomes questionable. 
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Centrifugal Compressors 

Willem Jansen and Andreas M. Kirsciiner 

Northern Research and Engineering Corporation 


The design of a centrifugal impeller must yield blades that are aero- 
dynamically efficient, easy to manufacture, and mechanically sound. 
The blade design method described here satisfies the first t wo criteria 
and with a judicious choice of certain variables will also satisfy stre.ss 
considerations. The blade shape is generated by specifying surface 
velocity distributions and consists of straight-line elements that con- 
nect points at hub and shroud. The method may be used to design 
radially elemented and backward-swept blades. The background, a 
brief account of the theory, and a sample design are described in this 
paper. 


The design of impeller blades is a difficult task due to the fact that, 
ideally, three separate and equally important requirements must be 
satisfied. The first requirement is that the impelltT provide acceptable 
distributions of relative velocity on both driving and trailing surfaces of 
the blades in order to minimize the possibility of flow separation and the 
accompanying loss in performance. In addition, the selected blade shape 
must be such that it can be manufactun'd accurately and economically 
by moans of automated fabrication procedures. Finally, the blades should 
be designed so as to keep the stresses at a safe level, eliminating the 
possibility of excessive distortion or fracture occurring during operation. 

For many applications, these three requirements are somewhat in- 
compatible. For example, it is possible to define a blade shape which 
theoretically would give ideal velocit}' distributions throughout. How- 
ever, it is often the case that such a shape is virtually impossible to fabri- 
cate in any reasonable manner. Therefore, any practical design method 
must involve some reasonable compromises with regard to the conflicting 
requirements. The method described in this paper, the prescribed loading 
method, is intended specifically to produce impeller designs which satisfy 
the aerodynamic and manufacturing requirements mentioned above. 


537 
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Although the mi'thod dni'S not include .stress considerations explicitly, an 
intelligent choice of in]nits to tin- method and a careful examination of the 
results obtained will enable' safe de.signs to be produced with a moderate 
amount of effort. 


AERODYN AMIC CON SI DER ATION S 

Lossi's in a centrifugal comjin's.sor are generally caused by boundary- 
layer and S(‘parated flow developments in th(' impc'lh'r and tlu'ir sub- 
seepient effects in the diffuser. Th(' development of the' boundary layers 
and separated flows is directly a result of the velocity distributions along 
the blade, hub, and shroud surfaces. Tfw're are four imjiortant jiarameters 
associated with th(> velocity distribution that affect the boundary-layer 
behavior. They are 

(1) The streamwise velocity reduction. This velocity gradient is 
also recognizc'd as being tlu' main variable that affects boundary-layer 
behavior in two-dimensional flows. 

(2) The ri'duction and increa.se in turbuh'nce intensity along the' 
suction and prc'.ssun' blade' surface's, re'Sjie'ctively. This e'nhiine'es fleiw 
se'jiaratiem alemg the' suctieni surface due' te> jiartial laminariziition. Thee 
e'hange in turbuh'nce inte'nsitv is direectly re'late'd fee the' eliffe're'nce's in 
suctieen and pre'ssure' surface' ve'leecitie'S or leiaeling (re'f. 1). 

(3) The influx of fh)w along the- blade surface's from eene' stre'amtube' 
(a thin annular channe'l ceentaining the; jirimary fleew) tei the' ne'xt cause'd 
by se'condary fleiw. This fleiw usuidly cem.sists e»f leew-meeme'utum fluid; 
the' beeundary laye'rs are' meere' su.sceptible te> se'paratiein whe'u the'y contain 
a large amount eef leiw-meeme'ntum fleiw. The difi’e're'iitial leiading e>f enu' 
stre'amtube' ceunpare'd te> the' ne'xt is dire'ctly rclate'd te> the devcleipment 
e)f secondary fleiws (re'f. 2). 

(4) The highe'r fleew leesse's of the shreeud stre'amtube caused by 
clearance' e'ffe'cts. The'se' le>.sse's cau.se> a pre'.ssure dreep which leads te> fleiw 
separatiem. Incre'ased weerk ininit will offse't the rise' in pressure hisses 
(rc'f.3). 

hi.xtensive expe'rime'iital re'se'arch is curre'utly be'ing carried em to measure 
these effe'cts and re'fine reh'vant theeirie'S. 

The' method .shemld the're'feire' be' cajiable of ge'iie'rating a blade surface 
feir which the following ite'ms are spe'e'ifie'd: 

(1) The streamwise vehicity di.stributiem. This quantity is contreilled 
by both the hub and shremd ceintours and the' blade loading. 

(2) The differe'iice in suctiein and pressure surface ve'hicity (eir load- 
ing) to minimize the turbuh'nce attenuation at the suctiein surface. 
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(3) The difference between the work addition to a streamtube near 
the hub and that near the shroud to minimize the transport of low- 
momentum flow by the secondary flow phenonK'Hon. 

(4) The higher work input into the flow in the shroud streamtube to 
offset the clearance losses. 

From an aerodynamic point of view, it is thus desirable to specify a 
velocity distribution along the pressure and suction surfaces of the blade 
such that the generation of .separated flows is kejit to a minimum. This 
gc'iieral principle would lead to a blade defined by a set of streamlines 
whose individual loading schedule is controlled by the designer. 


MANUFACTURING AND GEOMETRICAL CONSIDERATIONS 


The ideal blade which would be composed of an arbitrary number of 
individually loaded streamlines repri'si'iits a very gimeral three-dimen- 
sional blade surface. It is questionabh' wlu'ther such a blade could be 
economically produced with the nviuin'd accuracy. Impeller casting 
patterns are very difficult to manufacture, particularly when the surface 
of the blade has an arbitrary shapi', when close tolerances have to be 
maintaiiu'd, or when the impi'ller size is small. A more de.sirable blade 
shape is om; defined by .straight-line elements; such a shape; facilitates 
setting up the pattern and allows close- teele-rance-s te> be maintaine-d. 

The machining of an arbitrary blade surface would generally be im- 
])ossibIe be-cause e>f the extre-me- loced curvature of the blade surface. At 
best, the- tool would have peiint ceaitact endy and teee) much time weiuld be; 
reejuire-d tei machine away all the fille-r material. A more aiipropriatc 
machining metheid is eene wlie-re the cutte-r has line ceentact and hence large 
cutting rate. However, the blade shape must still be; ri-stricted to moderate 
inclinations against normals to the hub surface; to avoid tool interferences. 

In summary, from manufacturing considerations, a blade shape con- 
sisting of straight-line elements on both surfaces is preff-rred. The thick- 
ness distribution of the blades is then neces.sarily restricted to a constant 
taper between hub and shroud, and the camber line surface of the blades 
will also consist of straight-line elements. 

Since the camber-line surface is defined by a set of streamlines with 
controlh'd individual loading, the number of streamlines for which loading 
can be controlled and still yield a straight-line element camber surface is 
limitc'd. In general, the individual streamlines form curves in space and a 
straight line can only connect a maximum of three curves in space. Con- 
seciuently, a straight-line element blade can be constructed when the 
loading of three streamlines is specified. These streamlines are assumed to 
be those adjacent to the shroud and the hub and an intermediate one. 
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This specification is considered adequate aerodynamicall}', and the ruled 
blade surface is accepted as a balanced compromise. 

There are three general categories of blades which can be defined by 
straight-line elements. These are termed radial, axial, and arbitrary 
blades. The first two blade types are characterized by the fact that the 
angular orientations of the line elements defining their camber surfaces 
are fixed by the nature of the blades; that is, in the radial direction and 
axial direction, respectively. As a result, the angular orientation (6) can 
be prescribed along only one streamline; the obvious choice is the shroud 
streamline where tlie flow conditions are critical. 

The arbitrary type of blade is characterized by the general and usually 
unspecified orientations of the line elements (excc'pt those at the leading 
and trailing edges which are usually radial elements) defining the camber 
surface. The procedure followed in designing an arbitrary blade involves, 
in general, the loading of the three streamlines in an appropriate manner. 
The orientation of each blade element is then determined by requiring 
that the straight line pass through each of the three space curves defined 
by the loaded streamlines. 

In some cases when for an arbitrary blade the loading is specified at 
three streamlines, the resulting blades may still exhibit a large variation 
in circumferential angle between the hub and shroud streamlines which 
would be unsatisfactory from manufacturing or stress considerations; 
that is, the blade would have excessive lean throughout its length. This 
difficulty was recognized during the development of the procedure and 
special provi.sions were introduced in the procedure to circumvent this 
by specifying at the outset the desired distribution of line element orienta- 
tion and by prescribing the loading along the shroud streamline onh'. 


REQUIRED AND GENERATED INFORMATION 

The prescribed loading method can be utilized to design an impeller 
when its rotative sjK'ed, flow, avi'rage efficiency, overall geometry (that 
is, hub and shroud coordinates, distribution of blade thickness along hub 
and shroud, location of leading and trailing ('dgc, number of blades, and 
exit blade angles) , desired swirl distribution at inlet, and angular momen- 
tum distribution at discharge arc given. The designer must also specify 
any one of four possible types of loading distribution: 

(1) Linear loading from inlet to discharge (fig. la). 

(2) Double linear loading from inlet to discharge (fig. 16). 

(3) Double linear loading from inlet to discharge, maximum loading 
near leading or trailing edge (fig. Ic) . 

(4) General loading distribution (fig. Id). 
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a— Linear loading. h.— Double linear loading. 




('. — Inverse double linear loading. d . — General loading. 

Figure 1. — Available options of loading distributions. 


The choice of a preferable loading is difficult to make, since practically 
no systematic experiments have been performed to determine the relative 
merits of possible loadings. It is suggested that in mo.st applications either 
a constant linear loading distribution, thereby minimizing secondary 
flows (ref. 4), or a double linear loading, minimizing the streamwise 
velocity reduction, will be quite satisfactorj-. Figure 2 shows these two 
loadings superposed. 

The results of the calculation are a full description of the blade surface 
in cylindrical coordinates and the associated thickness distribution. 


LIMITATION OF THE BLADE DESIGN METHOD 


The prescribed loading method can be used to design radial, axial, and 
“arbitrary” blade shapes whose surfaces are defined by straight-line 
elements. However, there are a number of limitations incorporated in 
this approach. These limitations arc discussed briefly below. In some cases 
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Fkhire 2 . — Linear and double linear 
loading superposed. 



tlicse limitations arc' not serious; in others some additional effort is 
necessary before the generated blading can be produced. 

Thickness Distribution 

The gc'uerated blade sliajies an' restricted to having trapi'zoidal thick- 
ness distributions; i.c'., con.stant taper along any liiu' element between 
hub and shroud. An exponential thiekni'ss distribution may lie preferred 
when blade strc'sses arc an imjiortant design considc'ration. This alteration 
may bo made by adding or subtracting thickne.ss from the generated 
surface; no appreciable change in ac'rodynamic variables is expected when 
thickness changes are kept moderate. 

Blade Shape Restrictions 

One fairly important limitation of the pn'.scribi'd loading method as 
applied to arbitrary blades is that it is possible' to obtain unusual shape's 
which may be' difficult to manufacture or which weeuld not be' e'xpecte'd to 
be capable of withstanding the operating stre'sses. Sucli a blade shape may 
result from different heading requirements at the hub and .shroud stream- 
tube'. This blade' can be re'designe'd by spe'cifying a new and more desirable 
straight-line eerientatieen. Feer this case' the' blade heading at the shroud is 
still specified as be'feere, but now the blade' loading at the' hub and the 
interme'diate stre'amline can no longer be' .spe'e'ifie'd. The sample case is an 
illustration of this jerocedure. 

Leading Edge Geometry 

The method gene'rate's the blade .shape' near the h'ading e'dge such 
that the flow ente'rs at zeuee ineide'uee'. Heeweve'r, whe-n the' re'lative inlet 
Mach number is high, this may neet re'sult in an eejitimum blade shape. 
Therefore', se'parate' ])roee'dures are necessary to de'sign a blade h'ading 
e'dge capable of efficiently handling supe'r.soiiic flows. 

Hub and Shroud Contours 

A comph'te aerodynamic impelh'r passage de'sign me'thod would include 
a provision for automatically adjusting the hub and shreiud contours to 
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give a linear or any other prescribed distribution of average relative 
velocity. Due to the phiTiomenon of slip, the average relative velocity 
near the trailing edge decreases and then rises. In order to straighten out 
this distribution, the blade height of the imiieller near the tip becomes 
larger at higher radii, which is usually unacceptable. Considerable effort 
has been expended to incorporate this design feature, but it was found that 
hub and shroud contours which yield a linear relative velocity distribution 
are in general not acceptable, and this hub-shroud contour generation 
procedure was abandoned. 

Trailing Edge Flow 

The spi'cified blade loading does not vanish near the trailing edge as is 
required from the Kutta or “slip” conditions. However, apjiropriate steps 
are taken in the analysis to satisfy the Kutta condition, thereby over- 
riding the .specified blade loading over the last 10 percent of the blade 
chord. In addition, the procedure adjusts the loading such that the 
specified amount of work will still be imparted to the flow. 

GENERAL THEROY OF PRESCRIBED LOADING METHOD 

The overall procedure used in designing an impeller by the method of 
prescribed loading involves the following four basic steps: 

(1) An initial estimate is made of the meridional velocities in the 
impeller passage as describi'd below. 

(2) The meridional velocities are then used in loading the required 
number of streamlines in the prescribed manner. 

(3) A blade surface the shape of which conforms to loaded stream- 
lines is developed. 

(4) A detailed analysis of the flow field in the impeller with the 
devi'loped blade surface is performed. 

Th(> procedure, starting with th(> loading of the streamlines, is repi^ated 
with the new estimates of the flow field obtained in the detailed analysis. 
Experience has shown that two repetitions of the procedure are sufficient 
to ensure convergence. This is defined as occurring when the estimated 
flow fli'ld used in loading the streamlines and defining the blade shape is 
approximately the same as that obtained in the .subsequent detailed 
analysis. The various steps involved in the design procedure are discussed 
below in more detail. 

INITIAL VELOCITY ESTIMATE 

The di.stributions of meridional velocity along the shroud, hub, and 
intermediate streamlines arc required for use in the loading procedure. 
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Initial estimates of these distributions are obtained by means of the one- 
dimensional analysis. First, a number of normals are constructed which 
are normal to both the hub and shroud at the points of intersection. These 
normals to the hub and shroud are circular arcs. 

Neglecting curvature effects, the mean meridional velocity at a normal 
is given by the continuitj’ equation 


C 

^ m,m 


m 


( 1 ) 


The density p„ is a function of the mean meridional velocity, C^.m, and 
equation (1) is solved by an iterative proce>dure u.sing ce)inpre.s.sible; flenv 
equations to relate static density to total temperatures anel pressures. 
The values of C„,„, calculated in this manner are taken as the initial 
estimate's eif the meridional veleicities along the interme'diato streamline. 

If it is a.ssumed that zerei circulation exists in an are-a beninded by two 
adjacent normals and the hub and shroud streamlines, the following 
expression relating (\,, and can be derived. 

Cm.h dmh = Cn,.s dnis (2) 

If the additional assumption is made that the quantity pmCmf varies 
linearly with normal le-ngth be'tween hub and shroud, the'ii feir ceenstant 
density 

^ m ,mPm 2 m m (H) 

A rearrangeme'iit and simultaneeous seilution eef e'quatieins (2) and (3) 
results in the folleiwing e'xplicit relations for r„,„, and 


(r,/ri,) + {dms/dmh) 

(4) 

r 

^ m ,h , ^ m , s 

dnih 

(5) 


The derivatives dm^/dnii, are obtained from thc' ratio of mi'ridional length 
between two normals at hub and shroud. The initial e.stimatc's of the 
meridional velocities at the calculation stations along the hub and shroud 
are then obtained from the latter two eipiations along with the inter- 
mediate values, Cm,m- 


STREAMLINE LOADING PROCEDLRE 

At the outset of the proct'dure for loading a streamline, the mi'ridional 
coordinates (r,z), figure 3, of a number of points or calculation stations 
along the streamline and the values of meridional velocity (Cm) at these 



IMPELLER HLADE DESIGN’ METHOD FOR CENTRIFUGAL COMPRESSORS 545 



MERIDIONAL PLANE 

P’loiiKE 3. — Xomenclaiure of relative flow and hladc-elemeni geometry in a centrifugal 

compressor. 


jioilits are known from thn n'sults of the previous steps in tlie design 
method. First, the distribution of angular momentum is calculated from 
the given loading distribution IF,— 11’^ from 


d{rCe) 

ds 


Z 


(Tr,-ir,) 


(6) 


where s is the camber-line length and Z the number of blades. 

Assuming for the moment that the blade camber-line distance from 
the leading edge is also known at each point, then the swirl can be dis- 
tributed in the specified manner and a value of rCe can be computed anj’- 
wherc along the streamline'. Combiiu'd with the meridional velocity dis- 
tribution, sufficient information is then available to construct the velocity 
triangle and evaluate the flow angle (/3) at each calculation station from 

/ Ce~rui\ . 

(“ct) 

In the above description of the loading procedure, it was assumed that 
the blade camber-line distance from th(> leading edge was known at each 
calculation station. In actual fact, this is not the ca.se at the outset of the 
proci'dure. Therefon', this (juantity mu.st be determined iteralively. The 
initial estimate of the blade camb('r-line distance is taken as the meridional 
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arc length from the loading edge. The streamline is then loaded in the 
manner described to obtain values of /3 along the streamline. The angular 
coordinate (6) of the blade at each station is obtained b\' integrating the 
calculated /^-distribution as follows; 

/•'"tan/3 , 

6= / dm (8) 

T7i 1 ^ 

In this iiit('gration, 0 is arbitrarily initializc'd to be zero at the trailing 
edge point on tlu' shroud. Finally, the three-dimensional coordinates 
(r,z,6) of the blade cambc'r line are u.s(>d to eomi)ut(' the camber-line 
distance at each point. Th(> procedure is rc'peated using th<' calculated 
values of camber-line distance as the new estimates. This is done until 
tlie estimated and calculated values of 1h(‘ total blade camb('r-line distance 
from leading edge to trailing edge are tlu> same. An additional iteration 
on the distribution of angular momentum is neces.sarj- when geometrical 
constraints require the relative streamline to pass through a given angular 
interval. Such conditions arise whenever the blade surface is to be deter- 
mined from th(' loading specification on more than oiu' streamline. The 
requirement follows from the stipulation that all streamlines int(>rsect 
with an initial and final straight-line blade (‘lernent. 

The relative strc'amlinc' coordinates that r(>sult from a specific'd loading 
distribution and the meridional velocity distribution defiiH' the blade 
cambc'r line for an infinite number of blades. A modification of this camber 
line is introduced to account for flow deviation associat('d with a finite 
number of impellcT blades (i.e., slip). For the major ]iart of the blade 
passage, the average flow direction is a.ssumed to coincide with that of the 
blade camber line. In th(‘ latter third of the blade i)assage, a progressive 
degree of deviation is assumed to occur. At the impeller discharge the 
amount of deviation is efpiivalent to the slip. 


BLADE COA STKUCTIOA 

The third major st(‘p in tlu' procedure is the synthesis of a mean blade 
surface from the thr(‘e camber lines that hav(‘ been gcaierated iii the 
pr(‘vious st(‘p and the two line elements at the leading and trailing (>dge. 

The g('ueral procedure' for constructing a line' eh'ment is illu.strated in 
figure 4 which shows thre'c gem'ral space' curves and an initial element 
intersecting each e>f them. The' incre'me'iital arc h'ngtli. As,-, aleeng the first 
curve freem the initial line ('lernent is cheise'n arbitrarily to provide the 
origin of the adjacent e'lement v hich is to be ceenstructed. The incremental 
arc le'iigths, As; and A.s'a-, rejirese'iit the distance's from the' initial eh'ment 
to the points of interse'ction of the adjace'iit e'le'ment with the re'maining 
two curve's. It can be shown that the' distance' ratios de'fining the adjacent 
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line element are given by the following expressions: 



These relations are based on the property of ruled surfaces by which the 
infinitesimal displacement of a straight-line element is related to vectors 
which are tangent to the surface at different points on the line element. 

In the above equations, the unit vector, 1 , represents the direction of 
the initial line element from the first curve, and t is the unit tangential 
vector of each curve at the point of intersection as shown in figure 4. The 
value of t is found from differentiation of the previously defined camber 
line with respect to the distance s measured along it. 

The ])roc('dure for defining the camber surface* of the blade: is begun by 
ge'uerating em the* loaded shroud streamline be-tween the leading and 
trailing e*dge a numbe>r of eciually spaced pehnts representing the origins 
of the line; elements te> be constructed. Starting from the leading e>dge 
eleme'iit, the points e>f intersection of the next line with the intermediate 
and hub streamlines are determined by computing the incremental arc 
lengths along tlu'.se curves with (‘(piations (9a) and (9b) . The construction 
procedure is performed in a .stepwise fashion with the generation of each 
line element being the basis for the gi'iieration of the next one until the 
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trailing (‘dge is reached. This process is neces.sarili’ an iterative one, .since 
initially the exact values of t and 1 are not known. 

As has been point('d out bc'fore, the method for constructing a blade 
surface from thrc'e streamlines in space ma\' lead to undesirable geometries. 
If this occurs, the ca.se may be rede.signed by specifying the orientation 
of the straight-line ehmients in advance in t(>rms of two angles, «« and a,, 
in addition to the loading distribution along the shroud line. 

The straight line and its normal projection on the meridional plane 
include' an angle of lean or dihedral (ae) as shown in figure 3. The angle 
between the projection and the impeller axis defin<>s the slope (angle a^) 
of the straight-line oleme'nt. The describe'd definition of blade element 
orientation leads naturally to the following oftc'ii used s])ecial blade 
surfaci's: 

(1) The radial ('lenient blade surface is determim'd by a camber line 
through which radial line' elements are drawn to define the surface. The 
elenn'iits an' slojicd v('rtically without h'an (a 9 = 0, a^ = 90°). 

(2) The axial ('lenient blade surface is determim'd by axial liiu' 
elements originating from a camber liiK'. These eh'iiK'nts are slopc'd 
horizontally without lean (as = 0, q!z = 0). 

(3) The arbitrary blade surfac(' is defined by straight-line (‘lenn'iits 

('iiianating with arbitrary ori('iitation from a camber line. TIk' (‘lenients 
may have slope and h'an az9^0). 

The camber surfac(' and the given distribution of normal blade thick- 
iK'SS along th(' hub and shroud contour (h'termiin' the suction and pn'ssure 
surface of th(' blad('. At ('ach point of inters('ction of cambc'r line and 
straight-liiK' eh'ment, the normal thickness is inter])olat('d from the giv('ii 
data and one-half of this value is appli('d in each direction of the local 
normal to the mean blaih' .surface to (h'fine points on the' outer blade 
surfaces. The remainder of thes(' out('r surfaces is again described by 
straight-liiu' ('h'ments joining corresponding hub and shroud points. For 
purpos('S of the following flow analysis, th(' blade geoiiK'try is defim'd by 
a matrix of discrete point c()ordinat('s and tang('ntial blade thickiu'.sses 
on the straight-line ('lements of the mean black' surface. The interpolation 
of blade thickn('.s.s(‘s and subsc'ciuent conversion to tangential thickiK'.ss 
recpiirc's the determination of th(' local normal to the mean blade surface. 
On straight-liiK' eh'mc'nts this normal vc'ctor is a liiu'ar combination of 
the known normal vectors at the hub and .shroud points of the elemc'nt. 
During the flow analysis, ])lanar interpolation of the black' geometry is 
used for any blade' point not ('X]ilicitly locate'd on a S])('cifi('d straight- 
line element. 
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DETAILED FLOW ANALYSIS 

The final sti'p in the blade design procedure is an analysis of the flow 
field that corresponds to the di'signed impeller blade passages. The 
analysis serves to reevaluate the meridional flow field from which the 
blade shape has evolved, by means of prescribed loading distributions on 
one or more streamlines. Three cycle iterations of the blade design are 
usually sufficient to achiiwe convergence on the meridional velocity 
distribution. 

The most conveniimt way of expressing the governing equations is in 
so-called streamline coordinates. These coordinates lie in a meridional 
plane (see fig. 3). A set of fictitious streamlines is defiiK'd as the inter- 
sections of annular stream surfaces and the meridional plane. The stream 
surface itself is obtained by rotating the actual streamline for the infinite- 
number-of-blades solution around the axis. 

Using the distance along streamlines (the meridional distance), m, and 
the distance normal to the streamlines, n, as coordinates, the governing 
equations reduce to the following; 

(1) The normal momentum equation, a differential equation which 
primarily determines the distribution of meridional velocity along 
normals. 

(2) The continuit}’ equation, an integral equation which primarily 
determines the position of the streamlines along normals for a given 
meridional velocity distribution. 

(3) The conservation of angular momentum ec(uation (upstream and 
downstream of the wheel) or the Euler ivork equation (within the wheel), 
which is an algebraic equation applied along streamlines betiveen normals. 

(4) The energy equation, an algebraic relation between the change in 
stagnation enthalpy and the energy in]iut along streamlines. 

(5) The equivalent of the streamwise momentum equation, an 
algebraic relation which primarily determines total pressure loss along 
streamlines. 

These equations are generally expressed in two slightly different forms 
depending upon whether the flow region consideri'd is inside or outside 
the blade passage. In addition, for gases, the equation of state provides 
the necessary relationship between fluid properties. The remaining equa- 
tions, including the many useful reflations derivable from the (>quation of 
state and the di'finitions of stagnation propcrtii's, are well known and 
not presented here. Detailed discussions of this flow analysis method may 
be found in references 3, 5, and G. 

Brieflj-, the solution procedure is an iterative one which involves first 
estimating the positions of the streamlines throughout the flow field, 
solving the normal momentum equation and the continuity equation 
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simultaneously along each normal (using other ('quations to rc'late flow 
properties on each strc'amline to those of the upstream normal), revising 
th(' estimate of streamliiu' jiositions, and reiieating the process until con- 
vergence on the stn'amline jiosition is obtaiiu'd. The solution so obtained 
is based on the assumption that thi' flow is everywhere parallel to the 
blade surfaces and, in (‘ffect, accomplishes the determination of appro- 
priate streamtubc' wiiiths throughout the flow field from which the 
meridional vi'locities are di'termiiK'd by the use of (luasi-one-dimcnsional 
flow relationships. 

SAINIPLE mPELLER DESIGN 

The blade design method is illustrated by a sample case with the 
following design specifications; 


Rotational speed 

27 900 rpm 

Design mass flow 

4.61 Ibm/sec 

Inl(*t total pre*.ssure 

14.7 psia 

lnle*t total tempe*raturc 

528° R 

Discharge* total te*mperature 

o 

00 

O 

Impe*ll(*r isentrojiic e*fficiency 

0.945 

Impeller discharge blade angle* 

1 

O 

Impelle*r inlet hub radius 

1.5 in. 

Impelle*r inlet shroud radius 

3.33 in. 

Impelle-r discharge radius 

5.08 in. 

Im])elle*r discharge width 

0.539 in. 

ImpelleT axdal l(*ngth 

2.75 in. 

Leading edge* e*lement orientatieni 

a. = 90° 

o?e = 0 

Trailing e*dge* e*le*me*nt orientatiem 

a, = 0 

«,= -30° 

Blaele number 

16 

Blade* thickne*ss alemg the shroud 

0.05 in. 

Ave*rage blade* thickne'.ss alemg the* hub 

0.15 in. 


The impeller hub and shroud contours arc' shown in figure 5. An ar- 
bitrary mean bladi' surface of unspecified bladi' ek'mc'nt orientation was 
selected for the initial di'sign. Th(' loading distribution along the shroud 
streamline was chosen for minimum diffusion on the blade* suction and 
pressure surfaces. This loading schedule is as .shown in figure* 15. Alemg 
the hub and an inte*rme*diate* stre*amline*, a line*ar loading sche*dulc was 
maintained as shown in figure* bi. At the* blade* in!e*t this loading was ad- 
just e*d to meet the* ge*eim(*trical coirstraint that all thre*e* .streamlines should 
pass through the* initial .straight-line* ele*me*nt at the* le*ading e*dge* and the 
final line element at the* trailing e*dge*. 
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Figure 5. Impeller contours for the datian stage {25-degree hackslope impeller). 


I'igure 6 shows the blade element orientation resulting from the initial 
design. The leading edge blade element is radial while a negative or 
forward lean, as, is indicated in the inducer region. The blade lean reverses 
its sign toward the middle of the blade and has a negative or forward lean 
of 30° at the trailing edge as prescribed. Blade element slope, Uz, varies 
uniformly from vertical at the leading edge to horizontal at the trailing 
edge. 

Several design considerations led to a revision of the blade element 
orientation. A first concern arose from blade root bending stresses at the 
inducer inlet. The subject impeller forms a basic design standard in a 
series of research compressors that represent systematic variations of 
design parameters. For this reason, a simpler variation of blade element 
orientation was selected for the impeller by specifying zero blade lean 
throughout and a variation of slope as shown in figure 6. This design 
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FuiriiK f). — lilailc-eleiimil nrienhilion for xaniple impeller design. 

modification (‘liminatcd blade root bendinp; stri'sscs in the indueca- and 
the originally calculated negative blade lean, ae, at the impeller exit. 

The final velocity di.stributions on the blade surfaces arc' shown for the 
shroud strc'amtube in figure' 7. Thc' velocity variation along the' shroud 
was not affectc'd by the rc'visc'd distribution of blade elc'ment oric'iitation, 
since the loading schedule on the shroud strc'amline was not alterc'd. 
Within tlu' numc'rical accuracy of this apjdieation, the- loading along the 
shroud strc'amtube varies in the' prc'seribc'd manner. A suitable modifica- 
tion of the hub and shroud contour would have' produced a more linear 
variation of the average relativ'c velocity and a rc'semblance to thc' 
idealized velocity di.stributions of figure 1, but the prc'sent distribution 
was considerc!d satisfactory. 

Thc final velocity variation along the hub strc'amtube as shown in 
figure 8 was not significantly affc'ctc'd by the revisc'd orientation of blade 
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Camber-Line Distance, in. 


Fkji’RK 7. — Design-point tilade-surface-velociti/ distritiiilions for soiiiplc impeller {shroud 

strcaiiduhe). 

clemoiits, altliough blad<‘ loading was inproased along tla- forward jiortion 
of tho hub camber line. Th(‘ large variation in average relative velocitj’ 
along the hub could be reduced by modification of the hub contour but 
was considen'd acceptabh' in its jircsent form. 

CONCLUSIONS AND RECOxMMENDATIONS 

The impell(>r blade design method has been utilized to geiu'rate impellers 
with 0°, 25°, 45°, and 55° backslope at the trailing edge. Some of these 
designs were cast and others machined, but due to the straight-line ele- 
ment principle the manufacturing of these designs was relatively straight- 
forward. The test results of these designs showed that their aerodynamic 
performance was very satisfactory. Dynamic and static pressure measure- 
ments have shown that the actual surface velocity distributions agree 
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FioruK 8. — Dexiyn-point bldde-Kiirfare-velocih/ diKtrihulinnn for impeller {huh rtreamlubc). 


closely with those; calculated with the prc'scribed loading ]iroc(‘dure as 
described above. 

The method involves a large and complicated set of calculation stc'ps 
which are not presented here'; the'se ste])s are ceimpute-rized so that a 
solution is readily obtainable. 

There are twee are>as whe're' future activitie's in impelk'r blade design are 
essential. Tlic first is linking the ve'locity distribution along the; blade 
surfaces at different streamlines to the impe'ller and impeller-induce'd 
diffuser lees.ses. When this link is e'stablishe'd, there is more confidence that 
a specified velocity distributie)n will achieve low impeller losses. The 
second are'a is the atte'nuatieui of impe'ller losses by various boundary-layer 
treatments such as suction, bleiwing, split blade's, tandem blades, and wall 
treatment. Both are'as are curre'iitly under investigation in various 
research establishments. 

A logical extension of the prese'iit method is to gene'rate directly from 
the computer program a paper tape to be used in a numerically con- 
trolk'd five-axi.s milling machine for manufacturing impellers which 
cannot be easily cast at present (i.e., titanium) . 
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LIST OF SYMBOLS 

A Angle bctiveen meridional velocity and impeller axis, deg 
C Absolute velocity, ft/ sec 

1 Vector tangent to line element, ft 

m IMass flow rate, Ibm/sc'c 

TO Streamline meridional distance, ft 

H Distance along normal to meridional streamline (positive in 
direction of increasing radius) , ft 
r Radius, ft 

s Camber-line distance, ft 

t Vector tangc'iit to streamline, ft 

t Blade thickness, ft 

W Relative velocity, ft/scc 

Z Number of blades 

z Axial distance, ft 

a Angle of blade surface orientation, d(‘g 

/3 Relative angle from meridional plane (positive in direction of wheel 
rotation); when overscon'd (d), signifies flow angle, deg 
d Cylindrical coordinate angle around s-axis (positive in direction 
of rotor rotation), deg 
p Density, Ibm/fV 

o) Angular velocity, rad/sec 

Subscripts 

1 Impeller inlet 

2 Impeller exit 

d Pressure surface 

h Hub 

m Meridional value 

m,m Mid-passage meridional value 

r Radial direction 

s Shroud 

t Suction surface 

z Axial direction 

6 Tangential direction 
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DISCUSSION 


F. DALLF.XBACH (Consiiltanf , U.S. Army): Th(‘ authors prcsi'iit a 
method whereby tlie l)lade sliapi' may he determined by siieeifving the 
lilade loading distribution along the floM' path. Starting with a prescribt'd 
meridional shape, the m<‘ridional velocities are computed along the 
shroud and hub 1)3- assuming that zero vorticit3' exists along the stream- 
line normals and that the quantit\- pC„,r varic's linearh' with normal 
length between hub and shroud. These' assum]itions are incorrect, since 
the vorticit\- along the normals in general is not zero but varies with the 
normal distance and the normal gradient of the (juantity pC„,r is not 
constant. The resulting meridional vi'locities must then'fore b(‘ considered 
(piite approximate and, in fact, may be in considerable error from the 
correct values. 

The relative flow angle /3 is computed bv prescribing the blade loading 
along a particular streamline as a function of the camber-line length s. 
The angular momentum rCe is then readily calculated. However, until 
the relationship between the camber-line length s and tlie meridional 
length m is established, the angle' cannot be de'termined. 

The solution of the camber-line lengtli as a function of the meridional 
length leads to the solution of a nonlinear differential equation in which 
the overall camber-line length is a variable, d'he final solution which 
ma3' be obtained b3' numerical methods must satisf3’ the given overall 
meridional length. This procedure is verv time consuming. 

If, instead of specif3’ing the blade loading distribution along the camber- 
line length, the angular momentum rCe is specifu'd along the meridional 
length, the angle /3 ma}- be directh' computed and the blade-to-blade 
velocities readil3' determined along the meridional and camber-line lengths. 
This procedure requires little time and affords a readv means of adjusting 
the blade loading in the event the first trial does not give the desired 
result. 

B3- specifying blade loading distributions along the shroud and hub 
contours, the total angular displacement between inlet and exit is de- 
termined from the distribution of the blade angle (not the flow angle). 
As pointed out b\- the authors, the total angular displacement for the 
shroud and hub should be essentiall}' the same in order that the leading 
('dge should be a straight radial line. The iiroblem of specifying blade 
loading distributions for both the shroud and hub contours for backward 
curved impellers is that the angular displacements of the shroud and 
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hub are, in gi'iieral, not (‘([ual. The authors rerognizi' tliis and point out 
that adjustments of the sliroud and liul) blade loadings ar(> required to 
satisfy (‘qual angular disiilaeenu'nt l)ut they do not trivat in any detail 
what comjiromises are lU'cessary. 

The authors’ ])roposal to generate th(> inqiellc'r tilade surfac(‘s by straight 
liiu's connecting the hub and sliroud is cjuiti' jiractical and, iiidei'd, is 
being done today where such impc'llers arc' machined on a five-axis milling 
machine. 

The authors’ discussion of the impc'ller dc'sigu philosophy is very well 
presented and they are to be commended for presenting this paper 
covering a new design approach for cc'iitrifugal impellers. 

D. G. WILSOX (Massachusetts Institute of Technology) : lliis is a 
reciuest for further information about the actual boundary-layer bc'havior 
on the tc'sted impc'llers. It is statc'd that mc'asurc'mc'nts of pressure distri- 
butions have shown good agrc'c'iuc'iit with prc'dictious, and this agrc'cmc'iit 
is very heartc'iiing for iiropcmc'nts of analytical dc'sign mc-thods. It would 
be very heljiful to be shown the mc'asuremc'nts. 

In particular, such a dc'mcmstration of success would help to (luiet a 
strong criticism of thc'oretical methods of dc'sign of cc'iitrifugal comiiressors. 
It is c'asy to show that, unless the radial velocity at outlet is made un- 
acceptably high, thc' mean vc'loc'ity through a cc'iitrifugal compressor 
with nc'ar-radial blades must undc'rgo a decc'leration which in two-dimc'n- 
sional flow would result in sc'iiaration. Conditions must tlierc'fore be worse 
for the pressure surface' than for the mean, and worse' at the hub than at 
the' shroud. Figures 7 and 8 confirm these rathc'r otivious statc'uieuts. 
But flow analj’sis by thc'sc' methods is useless once separation has taken 
place. Do the authors agrc'c? Does separation take place nc'ar (‘iiough to 
the im]ieller outlet that nc'ithc'r the work output (slip factor) nor the 
impc'ller c'fficic'ucy is grc'atly affected? Evc'n so, the prc'.ssurc' distributions 
would be strongly, if locally, affc'cted. Or do the secondary flows, instc'ad 
of causing earlier sc'iiaration as one might imagine, thin down the im- 
portant jiarts of the boundary layer and concc'iitrate all the low-momen- 
tum fluid in one noucritical location? 

I believe that the significance of these quc'stions is that, although many 
previous tests on centrifugal comprc'ssors using flow visualization of 
various types have' shown serious flow brc'akdown which has often been 
ascribed to sc'condary flows, none' of thc'se impc'llers, to my knowlc'dge, 
was designed in thc' first place' to have the kind of controllc'd velocity 
distributions which it has bc'C'ii the aim of the authors to produce. They 
are to be congratulated on a stimulating jiapc'r. 

H. D. LIXHARDT (.Mrco Cryogc'iiics) : The' authors are to be con- 
gratulated for reporting on their continuc-d c'ffort in the dc'veloiunc'nt of 
ac'rodi'namic inqicller dc'sign methods for centrifugal comprc's.sors. Since 
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flip conijilox flow field of ci'iitrifugal and, in ]iarticular, high pressure ratio 
eentrifugal eompri'ssor.s is not completely understood yet and does not 
lend itself to rigorous analytical treatment, approximate solutions and or 
analysis of assunu'd flow fields are being utiliz(>d for most compressor 
designs. Tlu' authors’ suggested loading te'chniepie, which lacks exiieri- 
mental foundation and physical understanding of the impeller flow, falls 
inte) the> latter cate'gory of appreiximate solutions. The ap]ilication to 
practice' eif the authors’ me'theid re'cjuires a large and complicati'd set e>f 
calculatiem ste'ps (the authors neglected to pre-se'iit and discuss the eejua- 
tions) which can only be handle'd by a ceimputer with a large storage 
capacity. I am sure continued experimental and analytical effeirt will 
eventually refine the preeposed technieiue, thus presiding a rea.sonable 
de'sign eif centrifugal compre'ssers e>f mode-rate e>r me'dium pressure ratio. 

Ceensidering industrial applications, erne should ned feerget e>r under- 
e.stimate the classic hydraulic appreiach as enitline'd in re'ference D~l. 
The advantage of the “Conformal Transformat ie)ii Technicpie” is that 
the designer can prescribe the blade leiading acceirding te> his jie'rsonal 
understanding ejf the anticipate'd fleiw and his ex]3e'rience with manu- 
facturing eif similar machine's. In additieen, a cle-ar picture of the impeller 
passage can be readily obtaine'd, which alleews application of basic diffusieen 
and boundary laye'r stability analysis. The ceeiiformal transfeirmatiein e>r 
geometric technique has bee'u applied succe's.sfully in the past to in- 
dustrial pumps and rocket type turbopumps and presents a good and 
rapid de'sign tool feer custom-e'iigineered industrial jiroce'ss compressors. 
As a matter of fact, the conformal tran.sformation tee'hnique has re'cently 
been computerized at Airce) and successfully applied te> medium and high 
pre.ssure ratio industrial ceimpressors. I'or this purpose the computer- 
generated blade coordinates were punched on a jiaper tape which has 
been utilized for automatic machining of impeller jiassages with a tape 
controlled machine. For exanijile, figure D-1 shows a high specific speed, 
mixed flow, 2:1 pre.ssur(‘ ratio, 5000-hor.sepower process compressor that 
achic'ved 86-percent efficiency at design point and exhibited a wide flow 
range duo to the 85° back-swept design. 

.JAXSEX AND KIRSCHXFR (authors) ; Mr. Dallenbach raised three 
points, and thi'y are discussc'd below. 

Th(' meridional velocities calculated by assuming zero vorticity are 
those used as the first values in an iterative scheme. As is ]iointed out in 
the t('xt, subsc'quent velocities in the iteration ari' determined by a de- 
taih'd flow analy.sis of the type described in references 3, 4, 5, or 6. We 
agree that the initial estimates are quite approximate, but the final 
velocities are accurate. 

W(' agree that the procedure for loading the blade along the camber 
line is very time-consuming, since again an itc'rative scheme is rciiuired. 
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FiGriiK l)-l. — r>000-horRepou'er compressor wheel. (Airro Vrijogenics) 

Howi'vcr, the vf'locity distrilnition along the blade length (and not that 
along the meridional haigth) is the item to be eontrolh'd, sinee it govi'rns 
the boundary-layer eharaeteristics and si'condary flows. Thus, a tc'eh- 
idcally superior procedure was preh'rn'd over a method which yieldi'd a 
shorter com])uter running tinu'. 

The compromise which has to be accepted when the blade orientation 
{ae and ad is siiecified is that the velocity distribution along the hub 
and an intermediate streamtube cannot be siiecified. Howi'ver, the shroud 
streamtube velocity distribution should still !)(> specified. 

Professor Wilson asks valid ([uestions about the applicability of theo- 
retical methods to eentrifugal impeller design. What the present paper 
attem])ts is to bridge the gaj) betwc'cn resi'arch and di'sign. From n'si'arch 
w(‘ know that boundary-layer separation mon* than anything else will 
geiu'rate large losses. .\lso from research we have idi'iitific'd the significant 
flow mechanisms that govern separation in im])ellers. Each of these flow 
mechanisms may be controlled by manipulation of tlu> flow field and this 
liapc'r provides a jiroci'diin' by which this may be accompli.shed and 
which yields a producible' impellt'r. It is true' that more ri'search is needed 
to associate om- flow field with a superior im])eller iierformance, but 
current work at various ('stablishments, including the authors’ own firm, 
has uncovered some dc'linite' trends in vi'locity distributions (in addition 
to those associated with limiting the irdet to discharge' re'lative ve'leicity 
ratiei) which improve impeller pe'rfeirmance'. 
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The iisofulnoss of tho proci'duro is further exi'nijilified liy considering 
the correlation between calculatc'd and mi'asun'd results. Figures D-2 
and D-d show the calculated and superposed measured velocities along 
the shroud streamtube for an iniiieller with 50° backslopi' generating a 
jiressuri' ratio of 2.4 at an rpm of 28 000. The im]iellers for figures D-2 
and D-3 are similar in all aspects, except that the exit width for the case 
of figure D-3 is 13 percent less than that for figure' D-2. The' measured 
data shown are reduced from measurements of average static pressures 
and dynamic pre.ssures taken along the shroud, tog('th('r with total pre.s- 
sure traverses at the* impeller discharge'. The agre'cment betwe'en calcu- 
late'd and measured data is rea.sonable' in the' initial 60 jierce'ut eef the' 
blade passage. Afte-r this ]ioint, the me'asured velocitie's are' higher, which 
indicate's that the' drew is separated. The' actual pas.sage flow is compared 
with the calculated flow in figure' D-4. By prescribing a more reaseenable 



FrcirKE D-2. — Coinparii^on of calculalctt ami atfasured hUide-i^urface-velonltj doilnindion 
(dong the i^hroud for oO-degree hacktdope impeller {separation starts at a cainbcr-line 
distance of 2.9 inches). 


lative Velocity, fps 
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velocity distribution, a new impeller can now be designed with the pro- 
cedure. The occurrence of separation can thus be delayed or eliminated in 
the new impeller, ensuring higher efficiencies. 

The writers appreciate Dr. Linhardt’s comments and interjiret his 
discussion as a brief outline of an alternative blade design method. 
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Calculation of Flow Distribution in Large Radius 
Ratio Stages of Axial Flow Turbines and 
Comparison of Theory and Experiment* 

JosKF IIkhzoc; 


Geiierul Electric Company 


This ]iapcr describes a inetliod of calculating stage parameters and 
flow distribution of axial turbines. The governing equations ajiply to 
space between the blade rows and are based on the assuini)tion of 
rotationally symmetrical, compressible, ailiabatic flow conditions. 
Resvdts are presented for stage design and flow analysis calculations. 
Theoretical results from the calculation system are comjiared with 
experimental data from low pressure steam turbine tests. 


Mod(‘rn steam turbines expand water vaitor in 20 to 25 stages from a 
pressing' of 3400 psia, 1050° F to about 0.80 psia, 94° F and bandit' tlieri'by 
an 1800:1 increase in volume flow. Sidrdivision of tlie steam patli into 
high pressure', intormt'diate pressure', anel leew pre'ssure' cylinders^ make's 
tlie magnitude' e>f pre'Ssure, temperattire', anel specific veelumee changes 
technically acceittable within each of the thre'c units. The large' volume 
flows at the lenv pre.ssure end are handle'd ley adding the appreepriate 
number of low pressure turbines. 

We will discuss one ste'p in the- ste'am jeath layeeut eef such a leew pressure 
turbine': the' me'theeel eef de'te'rmining blaele fleew angle-s and calculating lleew 
distributieen in a sharjely dive'rge'ut, leecallx' tran.seenie' fleiw fie'ld (ref. 1). 

C.’eempari.seeii eef analytical pre'dictieeiis with leiw pre'ssure! te'st turbine 
re'sults is the' se'ceend subject e>f this pape'r. The' cah'ulatieen met heed is bast'd 
on the' well kneewn “streamline curvature method” assuming reetationally 
symmetrical flow. The' resulting circumfe're'iitially avt'raged informatie)n 
is ust'd as a basis feer the preefile dt'sigei. 


'The autheir gratefully acknowleelges the contribution.'; of a great luimber of col- 
leagues and ex])resses appreciation to Mr. J. K, Fowler and to the General Electric 
Company for permitting this imbliceitiem. 

- A “cylinder” designates a separate housing. 
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DERIVATION OF Vk ORKING EQUATIONS AND CALCULATION 
PROCEDURE 


The equations of motion and the continuity eciuation ar(> transformed 
from a cylindrical coordinati' systcan into a system with tin; stream 
function and tlie axial distance as independent variables. The meridional 
streamlines, along which the stream function is a constant, are approxi- 
mated by polynomials. Thes<‘ transformed ecjuations and an assumed 
is(‘utropic pre.ssuri' density relationship in stream direction allow deter- 
mination of th(' axial vidocity derivative and th(> pri'ssure gradient in a 
radial diri'ction at any axinormal plane' (calk'd “station”) out.side a 
blade row. Derivation of the' equations is given and one' cycle of an 
iterative .solutieen is eliscusse'd in this se'ction. 

The Euk'r e'quations feer ste'ady state' invisceeus reetatieinally sym- 
me'trical fleiw withemt body forces in a cylindrical e'oeirelinate' syste'm. 


RMr + WWj Pr 

r p 


uv 

Ul'r + WV^-l = 0 ) 

r I 


««'r-|-M'W’z= P; 

P 


and the e'quatieen eef continuity 


(pur)r+ (pwr), = Q 


(1) 


( 2 ) 


are transfeerme'el intee the plane. P de'signate's the static pre'ssure' and 
p the fluid density. Ceieerdinate syste'in anel ve'leecity ceimpeene'iits are' sheiwn 
in figure 1. i/' is a stre'am functiem de'fine'd by the diffe-rential e'xpre'ssiem 

c/i/' = 2-irprw • dr — 2-wprit •dz = \pr'dr-\-\l/z‘dz ( 3 ) 

Setting u = wa (a being the stre'amline sleepe' in the me'ridieenal jilane) and 
11 = P/r, 2ir = k, k'ads to the feillowing set of eejuatieens in the i/',z plane: 


kr 


(aw)^ 


r- 

~U'kP 

r.=o 


, = -n 


(4) 

(5) 


Partial derivatives are iiielicated by the coemlinatc seibscripts. 
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kp-r-w-a^ + p( wr) .-|-«Tp, = 0 


( 7 ) 


luiiRitions (4), (o), and (6) combined yield the Bernoulli ('quation in 
differential form along a streamline 


1 

2 



+ -(!+-) 


+-/h=o 

P 


( 8 ) 


K(|uation (4) is used for the calculation of the radial prc'ssure dis- 
tribution by it('ration. In order to do this, (c.- is determined from ('quation 
(7) and e(iuation (8), assuming isentrojiic expansion along a stri'amline 
and known strc'amline shape. 


U', 


1 

U’-p(l-ha-) 

yP 


ic-pa 
_ ll' 


I U'a. — ] — kpru'-a^ 

\ (crV r 


(h) 


Ecpiations (4) and (9), applying to the fluid motion at any axial 
station i, (fig. 2), are supph'inc'iited by the energy ('(|Uation that is valid 
along any streamline (i/'; = con.stzint) and links up thermodynamically 
with station f — 1. 


Tr.2=(Xi)t4V.+ (A'2) 


27(-i/h-i r _ / 
(t.-i— 


+ co,Hr,= -r2,_i) (10) 

ir is the total v('locity rc'lative to the bhide row iit which (>xit station i is 
located. A'l and A’2 are the carryover ;uid nxiction coefficients, denoting 
fraction of upstrc'am kinetic ('iiergy and reaction energy accounting for 
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(DOWNSTREAM 

BOUNDARY) 



Figuhe 2. — Grid for setup of calculation. 


tlu' kinetic energy at station i, respectively, co is the whi'el spi'ed and 7 the 
specific heat ratio of the mc'dium. 


The shape of th(' stri'amlines 0 and oz is 
polynomial curve fit such that 

s a])proximat('d by pieei'wise 

a=AR+B 

( 11 ) 

<t, = CR + D 

( 12 ) 


The coefficients of matrices A and C ar<> functions of spacing of stations, 
d’hose of matrices B and 1 ) ar(> functions of spacing and streamline slopes 
at upstn'am and downstream boundari(‘s. R is the radius matrix. Only one 
matrix inversion is nc'ces.sary at the beginning of iterations. 04 , is found by 
numerical diffenaitiation. 

Plquations (4), (9), (10), (11), and (12), equation of state or steam 
tables, and relations for velocity triangles are the basic ('quations used 
in the iteration at a station. This system can be solved either in a design 
mode or in an analysis modi' for each station. 

The interchangability of modes permits steam path design to proceed 
through both new and available cascade components, besides the usual 
routine layout of all new stages or th<> analysis of an existing turbine at 
arbitrary flow conditions. 

The si'qucnce of calculations for a de.sign iteration is sketched in the 
following: 

Assume station i is to b(' iterated. Having just passed station f— 1, gas 
conditions, velocities, and streamline shape are known as functions of 
and 2 ,- 1 . Slopes v,,' and their derivative's 0 - 2 , 7 , and are determined from 
respective matrices. Reaction and carryover coefficients may be calculated 
Internally or given by input. 


CALCULATION OF FLOW DISTRIBUTION IN AXIAL-FLOW TURBINES 569 


Next follows determination of Wzn (eq. (9)) pressure derivative 
(eq. (4) ) and the pressure distribution 



Pn is the known root pressure at station i. 

From the known pressure ratio and upstream data at station f— 1, 
total velocity W a relative to blade row at station i can be determined 
from equation (10), and the static enthalpy ha can also be calculated. 
Gas specific volume is either calculated from gas law or found from com- 
puterized steam tables. An alternate simplified calculation, including the 
wet region, is possible using gas laws and variable specific heat ratio by 
numerically differentiating steam table values. 

The axial velocity component, w,,, derived from local velocity triangles 
and given r„/r,i distribution, is used to force 


To' 


-^?oot = 2 f 

J J, 




(14) 


to approach a given value of rtip — r^oot by rotating the total velocity 
vector Wn at the root such that the modified root axial velocity is given by 


^0 ^root 
' tip ' root 

and by adjusting r,i accordingly. 

A new radius distribution. 



is finally calculated using a modified axial velocity, 

w’Umo<i = Wi; + (ie.i„^-Wii)DC 


(15) 


( 16 ) 


(17) 


(DC = Damping Constant.) 

Convergence is checked by comparing radii, slopes <r, and slope deriva- 
tive based on the new radii with those computed in the previous 
iteration. Depending on these checks, the described iteration is either 
repeated or the system moves on to the next station. This process goes on 
until the downstream boundary' is reached. The system will either return 
to the upstream boundary for a new iteration loop or move to answer 
calculations, depending on an overall streamline radius convergence 
criterion. 
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NUMERICAL EXAMPLES 
Design Calculation 

In a design case, the whole low pressure turbine is calculati'd in one or 
two sections. In the latter case an overlay is made at the joining stations 
in order to ensure streamliiu' as well as thermodynamic continuity. Design 
information for one stage out of si'veral calculated is shown in figures 3 
through (). 

Figure 3 .shows sin a (a is the nozzle exit angle) versus radial height 
and the partial di'rivative of sin a with respc'ct to z at constant radius. 
Th(‘ latter information allows oiu' to account for nonradial trailing (>dges 
and other small axial adjustmcmts during tlu' course of dc'sign. Figuri* 4 
relates the relative bucket ('iitranei' angle and its derivative with respect 
to z, and figure 5 describes the sim* of th(' relative bucket exit angle 7 and 
its derivative with respect to z as a function of the radius. Finally, in 
figure (), the absolute stage exit angle versus radius is given. This in- 
formation is th(‘ basis for th(> next step in designing the blade sections. 
Additional information such as pressure, velocity, Mach number dis- 
tribution, and stri'amline shape is available, serving as a guide in th(> 
successive progress of a low pressure turbine layout. 

Analysis of Test Conditions and Comparison of Theoretical Data 
with Laboratory Measurements 

Calibration of the outliiu'd procedure* is of most interest. The cal- 
culation .system is used for this jniriiosee in its analysis mode to make* 
jiri'dictions of pre'ssure distributions, flow distributions, and flow angles 
at any station basi-d on given turbine geometry, estimated efficiency, root 



Figi're 3. — Design information: sine of nozzle exit angle and its derivative versus radius. 
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Ficuhf. 4. — Design information: rclalirc hnrket entrance angle anil its derivatire versus 

radius. 



Fua KF, 5. — Design information: sine of relalire bucket exit angle and its derivative 

versus radius. 

stag(‘ exit prc'ssures, upstream and downstream conditions, and total flow. 
These jiri'dictions are comparc'd with, availabl(‘ travers(> data hc'hind the 
sc'cond, third, and fourth stage' of a tc'st turliiiK'. Since' most eef the' te'st 
data we're accumulated unde'r eiff-de'sign ceenditienis elue to high initial 
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Figukk 6. — Design information: absolute stage leaving angle. 


superheat necc'ssary for temperatiin' traverses, the comparison makes for 
an especially good test of the capabilities of the analysis mode. 

The test data present('d here was obtained in the low pressure turbine 
test facility in the Product Development Laboratory of the Large Steam 
Turbine! Dejiartment of (leneral Electric Company. A detailed description 
of this facilit.y is given in reference 2. The last four stages of a 30-in. low 
pressure turbine were tested. A cross section of the test turbine showing 
location of pressure taps (P), and temperature sensors (T), as well as 
traverse locations bf'hind the second, third, and fourth stage is exhibited 
in figure 7. Figure 8 is a photo of the test rotor. 

Test data (circles) and theoretical predictions (full lines) are plotted 
versus the respective radius ratio in figures 9 through 13. 

Figures 9 and 10 ])resent traverse data behind exit from stage number 
two. There is maximum discrepancy in the static pressure readings of 
0.18 psia or a 2.5 percent deviation in absolute pressure level. The absolute 
leaving aiigh' is negative due to lower than design velocity ratios. Cal- 
culated angles are too large, on the avi'rage by 7.8°, when the eff(!ct of tip 
leakage is di.scard(>d. The deviation in both grajihs is in the same direction. 

Comparisons of conditions at tlu! third stage exit are shown in figures 
11 and 12. The measured axial velocity d(!creases towards the tip less 
rapidly than indicated by th(> analysis. The leaving angle is again nega- 
tive, indicating that tlu> direction of the tangential h'aving velocity is 
opjiosite to direction of whei'l rotation, ('alculations show angles larger 
on the average by 2.5°. 

Average' carryover and reaction coe'fiicients were used in the cal- 
culations of the second and third stage results. In the analysis of the last 
stage, an estimated nozzh' ('fhciency and the! known stage streamline 
efficienc}’ were used for an approximation of the bucket efficienejn The 
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Figx’RE 7. — Cross section through test turbine. 


graph in figure 13 compares predicted and measured axial velocity dis- 
tribution on a dimensionless basis. 

Finally, we want to call attention to the different flow regimes that do 
occur in different portions of a large radius ratio low pressure steam 
turbine stage. The absolute velocity entering the stator is well subsonic, 
while the stator exit velocity ranges from supersonic at the root to sub- 
sonic at the tip as shown by the Mach number plot in figure 14. The 
relative exit velocities at the rotor change from transonic velocities near 
the root to supersonic velocities along the outer portion of the bucket. 
The calculation system discussed is able to analyze these stages. 
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Fiouue 8, — Thirty-inch LSB lest turbine rotor. 
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Figure 9. — Comparison of predicted and 
tnea^ured sialic pressure distribution at exit 
of stage 2. 


k;i:re 10. — Comparison of predicted and 
measured absolute leaving angle at the exit 
of stage 2. 




Figure 11. — Comparison of pre- 
dicted and measured axial ve- 
locity distribution at the exit of 
stage 3. 
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Figure 12. — Comparison of predicted and nieas- 
vred absolute leaving angle at exit of stage 3. 



ABSOLUTE LEAVING ANGLE IN DEG. 
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Figure 14. — Mach number dis- 
tribution at last stage nozzle 
exit. 


CONCLUSIONS 

The system described has proved to be a reliable design tool. Its simple 
structure allows updating of the system by input of experimental data 
derived from tests in air and steam. The analysis mode is helpful in 
interpretation of test evidence. Comparison of analysis with test data 
shows that the system overshoots traverse data at the second stage 
traverse, while third and fourth stage traverses are predicted well. The 
match of static pressure and leaving angle depend very much on the 
effective nozzle areas. Differences in the axial velocity distributions can 
be reduced by taking account of radial bucket efficiency distribution. 
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DISCUSSION 


G. K. SEROVY (Iowa State University) : The author has presented 
a method for solution of a most difficult problem. The basic approach, 
as indicated by the author, is not new. It has been used to attack both 
design and analysis problems in axial-flow compressors, as reported inde- 
pendently by Smith and by Novak in ASME papers several years ago. 
Another closely related method was described by llenaudin and Somm 
of the Brown Boveri Company at a Symiiosium on Flow Research on 
Blading hold in Baden, Switzerland, in 19G9. The authors of earlier 
papers as well as this one have all succeeded in handling a very compli- 
cated situation in numerical analysis which has been encountered by all 
those who attempt to iterate on stream-surface .shapes, esiiecially when 
the flow is of a transonic character. 

It would be helpful in evaluating the paper and results if the author 
could tell us something about the initial conditions a.ssumed at the up- 
stream boundary. Also he must have in his solution .system some method 
for making an initial guess at the shapes and locations of the {\p = constant) 
lines. Flow is this done? 

In the case of axial-flow compressor calculations, it has been possible 
to improve solutions for the design case bj' using stations located inside 
the blade rows. It has always seemed probable to this observer that the 
blade-to-blade flow problem in turbines has been under control, so that 
such solutions (intra-blade stations) might bo very feasible for steam 
turbines. 

One might also take a certain amount of fiendish jileasure in noting 
that the “turbine crowd” has a most serious problem in accounting for 
end wall flows. We have this problem in equal or greater quantit.y in the 
“compressor crowd” and it is to be hoped that we can cooperate in de- 
veloping consistent procedures for doing a better job in these regions. 
Mr. Herzog deserves our thanks for giving us a clear outline of his method, 
supported by comparison with experimental radial surveys. 

H. D. IjINHARDT (Airco Cryogenics) : I understand the turbine 
you have discussed is operating under wet steam conditions in the last 
stage. Could you jilease define what are the wet steam conditions in the 
last stage, what is the percentage of wetness and how does the performance 
change when operating under wet conditions? It would be interesting to 
know what kind of design procedure you use and what the condensate 
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droplet sizes are in the last stage. How do you correlate performance and 
erosion phenomena with droplet size? 

R. M. HEARSEY (Ohio State University Research Foundation) ; I 
wonder if you have considered modifying your procedure slightly from 
what I understand it to be to include the possibility of the calculation 
stations being nonradial, which would appear to allow you to calculate 
velocity distributions rather closer to the blade edges. 

C. EARN (Westinghouse Research and Development) : What kind 
of loss criteria did you use in the computation, especially for the last 
stage? 

You only use two axial stations per stage. I alwa 3 ’s wonder whether 
this is accurate enough. 

Is this a design program or performance program? If it’s a design 
program, what design parameters are j'ou spccifving? 

HERZOG (author) ; The initial conditions assumed to be given at the 
upstream boundary' are the axial location of the station, the stagnation 
pressure and stagnation cnthalpj', as well as the radius and slope at each 
streamline. Total conditions can vary from streamline to streamline. 

The initial guess at shape and location of the (^ = constant) lines is 
made by subdividing the flow path into a given number of (>qual area 
filaments at each station. This provides a complete radius matrix that is 
used to determine initial matrices for streamline slope < 7,7 and slope 
derivative 

Introduction of intra-blade stations is desirable and expected to im- 
prove accuracy of shape and location of the (i^ = constant) lines. As of 
now, we use only three stations per stage. Additional stations can be 
introduced into the vaneless portions of a stage. Use of nonradial stations 
is not planned at this time. Information needed along nonradial contours 
such as blade trailing edges are determined from information at the 
radial station which is modified bj" linear extrapolation either in streamline 
or in axial direction. 

The program is mainlj' used as a design tool for largo radius ratio 
steam turbines; we specify, in addition to upstream conditions, the inner 
and outer wall shape, blade spacing in axial direction, axial energy and 
reaction distribution at blade roots, and the stage total flow, wheel 
speed, and pressure distribution at the turbine exit. Existing components 
may be incorporated in new designs. 

Steam entering the last stage under discussion is about 3 ^ percent 
wet and leaves the stage at about 10 percent wet. 

The performance of the turbine deteriorates with increase in initial 
moisture content. This effect is shown in figure D-1, which was taken 
from reference 2. This graph display's the change in turbine efficiency 
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with tho change of the initial moisture content at the inlet of a four 
stage low pressure test turbine. In the range of super-heated inlet con- 
dition only part of the turbine is running on wet steam. We did not 
measure drop sizes in the turbine. Size measurements in a shock tunnel 
indicated an initial drop dimension, after spontaneous condensation took 
place, of submicron size. It is believed that these small drops do not 
cause erosion and that most of the damage is done by much larger “sec- 
ondary drops” torn off the partition trailing edge's. We are not aware of 
any laws correlating performance and erosion phenomena with drop size. 




Transonic Compressor Technology Advancements 
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This paper discusses the highlights of the NASA program on tran- 
sonic compressors. Effects of blade shape and throat area on losses 
and flow range are discussed. Some effects of casing treatment on 
stall margin are presented. Results of tests with varying solidity are 
also presented. High Mach number, highly loaded stators are <lis- 
cussed and some results of stator hub slit suction are presented. 


For turbojet and turbofan aircraft propulsion applications, light- 
weight, compact, efficient fans and compressors arc? e.ssential. These 
requirements have led to the selection of axial-flow type' components 
for most aircraft propulsion systems. At the present time, axial-flow 
fans and compres.sors have bec'n develope'd to a iioint where imjiroveme'nts 
in efficiency are not easily achieved. Therefore, the goal of much of the 
research and development effort is to reduce size and weight without 
sacrificing efficiency. Present-day supersonic aircraft propulsion sj'stems 
must also be capable of operating with rather severe distortions of total 
pressure at the fan or compressor inlet, ddiis stresses the requirement of 
broad stall-free range of operation. Therefore, reductions in fan or com- 
pressor size or weight must be compatible! with ojjerating range' require- 
ments of specific applications. 

The objective of this paper is to review some of the appreeaches to 
reduced size and weight and to discu.ss some of the recent advances in fan 
and compressor technok)gy that may ceentribute to impreived designs. 
This paper is not intended to be an exhaustive report on new ti'chnology, 
but will consider some of the advances considerc'd to be significant. 

APPROACHES TO REDUCED SIZE AND EIGHT 

Fan or compressor size is significant from the standpoint of com- 
pactness, as related to installation problems, and is also significant because 
of the direct relationship of size on weight. Reductions in size can be 
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achieved by reduced diameter and or reduced length. Reduced diameter 
requires increased flow per unit of annulus area or more effective flow 
area per unit of diameder. Cumait practice alrc'ady is quite advanced 
with regard to flow capacity, so that only limited gains can be made in 
this arc'a. Ri'duced length can be achieved by reducing the length of each 
stage or by reducing the number of stages. Reduced length per stage or 
increased blade aspect ratio is an effective way of achieving reduced 
weight. Unfortunately, this apjiroach leads to severi' mechanical and 
aeroelastic jiroblems as well as to severe limitations in attainable flow 
range. Both of these problem areas are being studied, but to date no 
major breakthrough has been achiev('d. This leaves increased ])ressure 
ratio per stage as the most promising technique of achieving more comjiact 
compressors. 

Reductions in compressor weight can, of course, be achieved by re- 
ductions in weight ]ier unit size as well as by reductions in compressor 
size. Reductions in weight per unit size, however, are achieved through 
improvements in materials or in mechanical design concepts rather than 
through aerodynamic advancements and will not be considered in this 
paper. 

Increases in stage pressure ratio can be achieved by incrc'asing the tip 
speed of the rotor or by increasing blade loading. The effectiveness of 
these two aiiproaches to increasing stage jiressure is shown in figure 1. 
In this figure, pressure ratio is plotted versus rotor tip spei'd with rotor 
tip loading as a parameter. Tip loading is expressc'd in terms of tip 
diffusion factor, This plot is based on the assumption of z(>ro pre- 
whirl at the rotor inlet. 

Figure 1 shows that pressure ratio increases can be achieved either by 
increased loading or by increased tip speed. iMaximum gains obviously 
come from increasing both loading and tip speed. An increase in loading 
at a given tip spc'ed does not increase the relative inlet Mach number, 
but increased lo,sses and reduced range of operation may rc'sult from the 
increased diffusion. Increases in tip speed at a given level of loading, of 
course, result in increased Mach numbers relative to the rotor blading. 
This may also adversely affect efficiency and range of opi'ration. With 
zero inlet swirl, the tip relative Mach number at 1000 feet jier sc'cond tip 
speed will be on the order of 1.1 and at 1000 feet per second it will be on 
the order of 1 .6. Pre-swirl can, of course, be used to rc'duce the rotor tip 
relative Mach number, but this will reduce the attainable pressure ratio 
for a given tip diffusion factor and will also increase the stator Mach 
numbers. 

In addition to rotor Mach numbers and loading, consideration must be 
given to stator parameters which are usually critical at the hub. Figure 2 
shows variations in stator hub Mach number and stator hub diffusion 
factor as functions of rotor tip speed with rotor tip diffusion factor as a 
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Ficvre 2. — Effect of rotor tip speeil and loading on utator hub loading and Mach number. 

parametor. Stator hub Mach miinbcr increases appreciablj’ with increased 
rotor tip loading at a given tip spec'd, but is nearly constant with in- 
creased tip speed at a fixed level of rotor loading. The stator hub diffusion 
factor increases at about the same rate as the rotor tij) diffusion factor 
when speed is held constant. Only small increases in stator hub diffusion 
factor are obtained when tij) speed is increased at a constant value of 
rotor tip loading. 

From figures 1 and 2 it is evident that increasing tip speed at a given 
level of rotor loading requires only the .solution of the problem of in- 
creased rotor relative i\Iach numbers, provided, of course, that limiting 
values of rotor loading are not adverseh' affected by increased Mach 
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number. Increases in rotor loading, however, result in stator Mach number 
and loading problems as well as in increased rotor problems. Simply 
counting problems would indicate that the simplest approach would be 
to just increase tip speed to attain higher stage pressure ratio. The relative 
effort required to achieve acceptable performance as well as other design 
requirements, however, may make the route of high loading, low speed 
more profitable. Maximum gains are made by increasing both rotor tip 
speed and loading. Therefore, studies of both increased loading and 
increased Mach numbers for rotors and stators are required. Studies of 
the effects of increased loading and/or increased Mach numbers must 
include evaluation of attainable flow range or stall margin as well as 
attainable efficiencies. If flow range limitations are severe, it may be 
necessary to operate the comiire.ssor at reduci'd pre.ssure ratio and effi- 
ciency to provide sufficient stall margin. Such restrictions could limit the 
gains attainable from increased loading or tip sjieed. 


NASA ROTOR PROGRAM 

As a part of the overall NASA compressor research program, a number 
of axial-flow stages have been designed, built, and tested either in-house 
or by contract to investigate the effects of high loading and high tip 
speed on performance. Figure 3 shows the range of loadings and wheel 
speeds studied to date. In this figure, individual stages are plotted at 
design values of tip speed and tip diffusion factor. The pressure ratios 
are not exact because of three-dimensional effects and loss gradient 
effects, but this plot does indicate the range of conditions covered to 
date. The solid symbols represent subsonic stages. The two lower speed 
subsonic stages had no inlet guide vanes and the remaining three utilized 
inlet guide vanes. 

d'hese subsonic stages were aimed at investigation of boundary layer 
control schemes such as slotted blading and are included here just to 
define the complete scoiie of the NASA program. Tran.sonic stages cover 
a range of tip speeds from 1000 to 1000 feet per second and rotor tip 
i)-factors from 0.35 to slightly over 0.5. Most of these transonic stages 
were designed to investigate blade shapes for high relative Mach numbers. 

Design speed maximum efficiencic'S and the corresponding pressure 
ratios for these stages are given in figure 4. This figure shows that, in 
general, maximum efhciency decreases only slightly with speed. The peak 
efficiency for the 1000-feet-per-second rotor is 0.89. The pressure ratio 
at that operating point is slightly over 2.0. At the other extreme of the 
curve is a verj- highly loaded rotor designed for a tip speed of 1000 feet 
per second. This rotor has a maximum efficiency of about 0.93 at a pres- 
sure ratio of 1.5. 
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Figurk 3. — Rotors tested in A'/liSyl program. 
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TRANSONIC BLADE SHAPES 

The early transonic axial-flow compressors used double circular arc 
blade sections. For relative inlet Mach numbers above 1.2, however, this 
type of blade section was relatively inefficient. An analysis of jiassage 
shock losses for this type of blade (ref. 1) indicated that a jiassage shock 
could be assumed which was normal to the mean flow jiath and extended 
from the leading edge of one blade to the suction surface of the adjacent 
blade (fig. 5). Shock loss could be approximated by the loss across a 
normal shock at a IMach number equal to the averagf' of the upstream 
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Figi'UE 5, — Typical Iransoiiic color blade section. Design criteria: minimum suction 
surface Mach number, M/; minimum throat area, At. 


Mach number and the AFach nuinher at tFic intersection of tlu' jiassage 
shock and the blade suction surface. This passage shock loss in some cases 
was over half of the total measured loss. For a given inlet rc'lative Mach 
number, it is obvious that the suction surface Alach number must be 
reduced if shock losses are to be minimized. 

The suction surface Mach number at point 1 in figure 5 is a function 
of the inlet relative Mach number and the amount of turning from the 
inlet free stream direction to the suction surface flow direction at jioint 1. 
Therefore, low shock losses require minimum suction surface turning 
upstri'am of the shock intersection point. As the suction surface turning 
is reduced, however, the passage throat area indicati'd as A , in figure 5 
decrc'ases. Sufficient throat area must exist so as to jiass the recpiired 
mass flow. Otherwise, the pas.sage will choke and tlu' blade will be forced 
to operate at a positive incidence angle. This will increase the suction 
surface turning and the magnitude of pa.ssage shock loss. Therefore, the 
minimum suction surface turning must be consistent with a ratio of throat 
area to critical area, At' A*, which is slightly greater than 1. The lo.ss 
acro.ss the passage shock must be included in the determination of the 
critical area. A*. 

Ba.sed on the concejit of minimum suction surface turning consistent 
with adequate throat area, most of the blade profiles for the rotors shown 
in figure 4 were composed of multiple' circular arcs; that is, the pressure 
and suction surfaces of the forward or supersonic section of the blade are 
circular arcs with relatively small curvatures. The suction and pressure 
surfaces of the rear or subsonic portion of the blade are also circular arcs 
with relatively larger curvatures. 

The preceding is a simplitic'd discussion of the critical factors of super- 
sonic blade shape and throat area requirements. In the actual case, 
blade blockage, streamline convergence in the radial direction, upstream 
extended compression or expansion wave effects, and boundary layer 
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blockage must be evaluated. The.se factors are di.scussed in some detail 
in reference 2. 


EFFECT OF THROAT AREA RATIO 

As a part of an investigation of the effect of blade shape on pcuformance, 
three rotors designed for a tip s]) 0 ('d of 1400 feed per second were built 
and tested. The design speed performance and critical design parameters 
for these rotors are shown in figure 0. Kotor 17i was dc'signed for a tip 
diffusion factor of 0.35 and a small supersonic turning on th(> suction 
surface. The estimated suction surface Mach numb(‘r at the shock point 
was 1.49 and the ratio of throat area to critical are>a was 1.08. This critical 
area ratio accounted for radial streamline' ceenve-rgence' and for shock 
leesses but did ne)t acceeunt for beeundary laye'r greewth em the' fleiw surfaces 
or any othe'r lo.sse's. Roteer IR was de'signe'd fe>r a tii) diffusiem facteer eif 
0.45, an estimated maximum suctieen surface' Mach numbe'r e>f 1.51, and 


A, /A* Drt mq 

1.0 p IB 1.08 0.35 1.49 

2B 1.11 .45 1.51 

2D 1.20 . 45 1.79 




Figurk 6. — Effect of throat area ratio on rotor performance. Design speeil. 
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a critical area ratio of 1.11. Rotor 2D was also designed for a tip diffusion 
factor of 0.45, but had an estimated maximum suction surface Mach 
number of 1.79 and a critical area ratio of 1.2. Additional details on the 
design and performance of these rotors are given in reference 3. 

Comparison of the maximum efficiencies for these three rotors (fig. 6) 
shows that rotor IS is about one point better than rotor 2B and two 
points better than rotor 2D. The design inlet relative Mach number is 
the same for all three rotors; the suction surface Mach numbers for rotors 
\B and 2B are comparable, whereas the suction surface Mach number 
for rotor 2D is appreciably higher. It may be surmised that the differences 
in efficiency between rotors IS and 2S may be due to the decrease in 
subsonic diffusion as a result of lower blade loadings and that the differ- 
ences between rotors 2S and 2D may be due to differences in shock losses 
as a result of a lower average shock Mach numbers. 

A rather surprising difference in performance of these three rotors is 
the difference in stable operating range. The minimum flow for each rotor 
represents the point of initiation of rotating stall. As can be seen from 
figure 6, rotor IS has the largest flow range, rotor 2S the next largest, 
and rotor 2D the smallest range. There appears to be a direct relationship 
between range and critical area ratio. A possible explanation for this range 
effect is based on the theory that the shock-boundary layer interaction at 
the existing values of suction surface Mach number are sufficiently high 
that flow separation must occur downstream of the shock. The passage 
velocity in the region of the shock probably accelerates to sonic levels. 
The larger the throat area ratio, the larger the extent of the separated 
region, and the more critical the flow reattachment and subsonic diffusion 
process. Therefore, a critical area ratio just sufficient to pass the mass 
flow not only results in a lower shock loss, but also improves the subsonic 
diffusion process. Therefore, gains in both efficiencj' and flow range are 
obtained. 

It should be noted that the degree of supersonic suction surface turning 
consistent with flow choking is a function of relative inlet IMach number. 
For low Mach numbers, a fairly large turning is required; for a relative 
inlet Mach number on the order of 1.4, the suction surface turning can 
be practically zero, and, for still higher relative inlet Mach numbers, 
reverse turning can be used. This critical area variation with inlet IMach 
number, of course, means that the throat area ratio can only be optimized 
for design speed. The variation of efficiency with speed for these three 
rotors is shown in figure 7. At design speed and at 110 percent of design 
speed, the rotor with the smaller critical area ratio is most efficient. At 
90 percent of design speed all three rotors have about the same maximum 
efficiency and at lower speeds the rotors with the larger throat areas have 
the best efficiency. Therefore, selection of throat area ratio will be de- 
pendent on the particular application. If maximum efficiency at design 
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Percent design speed 

Figure 7. — Effect of rotative speed on maximum efficiency. 

speed is of prime importance, the throat area ratio should be near 1.0. 
If, however, high efficiency at part speed is more significant, larger throat 
area ratios are desirable. The lowest area ratio for these studies was 1.08, 
but other rotors have been designed for area ratios of 1.08 to 1.05. 
(The deviation from a value of 1.00 is an allowance for boundary layer 
blockage.) 

EFFECT OF CASING TREATMENT 

In order to be useful for most turbojet engine applications, compressor 
stages must have appreciable stall-free-flow range and must be tolerant 
of severe distortions of inlet pressure. For example, the 2B stage of 
figure 6 could be marginal from a range standpoint. Furthermore, most 
high aspect ratio stages have exhibited insufficient flow range for most 
applications. During tests of tip boundary layer control on a high aspect 
ratio rotor blade row (ref. 4), it was discovered that appreciable gains in 
flow range could be achieved by use of porous material over the rotor 
blade tips. Figure 8 shows the effect of this treatment on a highly loaded, 
1375-feet-per-second rotor tested by NASA. The solid curves show the 
performance and stall limit for tests with a solid casing; the dashed curves 
are for the same rotor with casing treatment. In this case, the treatment 
consisted of 310 slots which were 0.070 inches wide, 0.30 inches deep, 
about a half blade chord long, and cut at approximately the angle of the 
blade tip as shown in the sketch in figure 8. As can be seen, this casing 
treatment had an extremely large effect on the rotor stall margin and did 
not seriously affect the rotor pressure ratio or maximum efficiency. 
Other configurations of porous casing also gave appreciable gains in flow 
range, but some had more adverse effects on pressure ratio and efficiency. 
The mechanism by which these range improvements are obtained is not 
understood, but they offer great potential as a means of attaining broad 
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Figure 8. — Effect of rotor casing treatment on stall limit. 


range for highly loaded transonic stages. Such treatments have been 
applied to complete stages, but have not been tried on multistage fans or 
compressors yet. 

EFFECT OF SOLIDITY ON ROTOR PERFORM.4NCE 

The preceding discussion has considered the losses as.sociated with the 
supersonic portion of the transonic blade. In another phase of the NASA 
program, the effects of solidity on sub.sonic diffusion were considered. 
For this study, blade rows with tip solidities of 1.1, 1.3, and 1.5, were 
designed, built, and tested. All three rotors were designed for a tip speed 
of 1375 feet per second. The variation of basic blade shape is shown in 
figure 9 along with the design speed performance. As shown in the sketch, 
the forward or supersonic portions of the blade were the same and solidity 
was increased by extending the rearward or subsonic portion of the blade. 
All three rotors were designed for an overall pressure ratio of 1.65, and 
the camber of the rearward portion of the blade was selected accordingly. 
T'p section diffusion factors varied from 0.47 to 0..50. 

Examination of the performance plots of figure 9 shows that the peak 
pressure ratio increased with increased solidity. The variation of adiabatic 
efficiency shows the high solidity rotor with a maximum efficiency of 
0.89 at a pressure ratio of 1.82 to be the most efficient. 

These data show the maximum efficiency of the 1.3 solidity rotor to be 
slightly lower than that for the 1.1 solidity rotor. This is believed to be a 
result of differences in midspan vibration dampers. The dampers on the 
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1.3 solidity rotor Mere very thick and poorly streamlined compared to 
those for the other two rotors. With comparable dampers, it is believed 
that the 1.3 .solidity rotor maximum efficic'iicy would fall botwei'ii those 
for the other two rotors. These data clearly sliow the advantages of high 
solidity for highly loaded transonic rotors. 

Based on conventional correlations of loss parameter versus diffusion 
factor for rotor tip sections, a lower value solidity would be expected to 
be optimum. To study this in more detail, existing data were reviewed 
to determine the influence of solidity on rotor blade tiji lo.sses. Conven- 
tional plots of loss parameter versus diffusion factor were mad(" in which 
ranges of solidity were isolated. Figure 10 is such a plot for tip section 
data. Nominal values of solidity on the ordiT of 0.0, 1.0, and 1.4 are 
indicated by different symbols. Tlni loss parameter values jilottc'd are 





N 
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Fiouhe 9. — Effect of solidity on transonic rotor performance. Design speed. 



Figure 10. — Effect of solidity on rotor tip loss parameter. 
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the profile loss parameters obtained by subtracting estimated shock losses 
from the total measured losses. As usual for this type of data, there is an 
appreciable scatter. There is a definite trend, however, for the low solidity 
data to concentrate near the top of the band and the high solidity data 
near the bottom of the band for diffusion factors above 0.4. 

Based on this data review, one might conclude that the correlation of 
loss parameter against solidity is not valid and that either solidity should 
not be included in the loss parameter or the exponent should be much 
larger than —1. Other forms of loss correlations have been tried with 
only limited success. Perhaps one source of difficulty is the lack of suffi- 
cient data from designs which are truly comparable. i\Iost of the very 
low solidity data of figure 10 were obtained by simply removing vanes 
from rotors designed for higher solidities. Therefore, current concepts of 
optimized blade shape were not incorporated in the low solidity con- 
figurations. Secondary flow losses arc a significant part of the losses in 
the rotor tip region, and the influence of these losses on the effects of 
solidity are probably not adequately accounted for in the existing corre- 
lations. It is obvious that much more study is required before solidity 
can be optimized for a given application. Rotor data as presented in 
figure 9, however, strongly indicate performance advantages for high 
solidities for highly loaded transonic rotors. 


HIGH MACH NUMBER STATORS 

As shown in figure 2, highly loaded rotor stages will result in highly 
loaded, high INlach number .stators. NASA has an active program on high 
Mach number stators which applies the same principles of minimum 
shock loss and controlled passage throat area discmssed for rotors. Initially 
this program consisted of a study of a family of transonic stators (ref. 5) . 
Current effort consists of design and test of stators to match research 
rotors. A typical radial variation of loss parameter for a transonic stator 
from reference 5 is shown in figure 11. For this particular point, the 
Mach number varied from 0.8 at the tip to 1.0 at the hub and the hub 
diffusion factor was on the order of 0.05. From this figure it is evident 
that hub and tip losses are extremely high for this level of loading and 
inlet Mach number. 

' Figure 12 indicates the relative magnitude of the effects of Mach 
number and diffusion factor. This is a plot of loss parameter and diffusion 
factor versus inlet Mach number for the stator hub section. These data 
are also from reference 5. The solid curve represents total loss parameter 
and the dotted curve represents profile loss parameter. This profile loss 
parameter is obtained by substracting an estimated shock loss from the 
measured total losses. Stator diffusion factor is plotted as the dot-dashed 
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Figure 11, — Radial distribution of 
stator loss. Inlet Mach number, 
0.8 to 1.0; hub diffusion factor, 
0.65. 



Stator inlet Mach number 


Figure 12. — Effect of Mach number on stator loss. 


curve. As can bo seen, an increase in stator Mach number is accompanied 
by an increase in diffusion factor. A comparison of the profile loss and 
total loss shows that at an inlet Mach number of 1.00, about 20 percent 
of the loss is estimated to be due to shock loss; the rest must be attributed 
to loading. At higher Mach numbers a larger proportion of the loss can be 
attributed to the effect of iNIach number. 

Several methods of reducing stator end losses through boundary layer 
control may prove profitable. One method is that of corner slit suction 
as reported in reference 6. This is shown schematically in figure 13. The 
suction slit is located at the intersection of the suction surface and the 
annulus wall. For this test, the slit was located at the hub end of the 
stator, extended from 15 to 85 percent of blade chord, and was 0.017 
inches wide. The objective of this corner suction was to reduce corner 
flow separation and thus reduce losses. Results in terms of loss parameter 
versus span arc also shown in figure 13. The circles show losses with the 
slits plugged, and the diamonds show losses with a slit flow of 0.2 percent 
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of the total flow. Test conditions were a stator hub f\Iach number of 0.9 
and a hub diffusion factor of 0.64. As can be seen, the application of this 
limited amount of slit suction appreciably reduced the losses in the hub 
region. 




Figuke 13. — Effect of slit suction on stator losses. Stator huh Mach number, 0.9; hub 

diffusion factor, 0.64. 
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Figure 14. — Effect of stator slit suction on stage performance. Design Up speed, WOO 
feet per second; stator hub ^fach number, 0.9; hub diffusion factor, 0.64. 
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The effect of this stator loss reduction on stage efficiency is shown 
in figure 14. This particular stage is a highly loaded, low tip speed stage 
such as might be applied to a low noise, high bypass ratio fan engine. 
Design tip speed was 1000 feet per second, pressure ratio was 1..50, 
stator hub inlet ^lach number was 0.9 and stator hub diffusion factor 
was 0.64. The solid curve is rotor efficiency, the dot-dashed curve is 
stage efficiency with no slit suction, and the dashed curve is stage effi- 
ciency with slit suction. This figure shows that the loss across the stator 
with no slit suction results in a 6-point drop in stage efficiency. Appli- 
cation of stator hub slit suction of 0.2 percent of total flow results in a 
gain of 1 to I5 points in stage efficiency. These data clearly show the 
need for efficient stators for highly loaded compressor stages. 


SUMMARY REMARKS 

To achieve light-weight, compact fans and compressors for advanced 
aircraft propulsion sj'stems, it is desirable to obtain axial-flow cornpres.sor 
stages with increased pressure ratio per stage. Stage pressure ratio can be 
increased by increasing rotor tip speed, by increasing blade loading, or 
by some combination of these increases. Increased rotor tip sjieed at a 
given loading level increases the rotor relative Mach number, but has 
little effect on stator iMach number or loading. Increased rotor loading, 
however, results in increases in both stator Mach number and loading. 

Very good efficiencies have been achieved for high tip speed tran.sonic 
rotors by utilizing proper control of suction surface curvature and blade 
section throat area. Minimum curvature on the forward portion of the 
suction surface has been used to minimize shock losses. The minimum 
permissible curvature in this region is limited by choking requirements 
downstream of the pas.sage shock. Choking limits change with ti]i .speed, 
so that designs with throat areas near the limit at design speed will show 
maximum efficiency at design speed but be less efficient at lower speeds 
than designs with a larger margin from choke. Therefore, selection of the 
optimum throat area ratio will depend on the requirements of any par- 
ticular application. Designs with minimum throat area margins also 
seem to exhibit maximum stall-free operating ranges. 

Large gains in flow range without severe penalties in performance 
have been achieved by use of porous casing treatment over single rotor 
blade rows. 

Increased solidity appears to have a beneficial effect for highly loaded 
transonic rotors. Highly loaded transonic stators have shown extremely 
high losses in the blade end regions. Limited tests with slit suction at the 
junction of the stator suction surface and the hub annulus wall have 
shown appreciable performance gains for relatively small suction flows. 
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LIST OF SYMBOLS 

A I Blade passage throat area 
A* Critical area 
C Blade chord 
D Diffusion factor 
M INIach number 

S Blade spacing 

Ut Rotor tip speed 
^2 Exit flow angle 
r] Adiabatic efficiency 
O’ Blade row solidity 
w Loss coefficient 

Subscripts 

rt Rotor tip 

sh Stator hub 

Superscripts 

Relative to the rotor blade 
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DISCUSSION 


C. C. KOCH (General Electric Co.) : As Mr. Bonser discusses in his 
paper, significant improvements in compressor stall margin have been 
obtained by the use of porous casing treatments. Although these effects 
have been observed for some time (e.g., a casing treatment configuration 
that increased the stall margin of a centrifugal compressor was demon- 
strated and patented by the General Electric Company in 1945 ; ref. D-1 ) , 
our understanding of them is based primarily on empirical results. Si'veral 
hypotheses do exist concerning the physical processes by which casing 
treatment increases stall margin, but one must agree with i\Ir. Benser’s 
conclusion that at present the mechanism is not adequately understood. 
However, it is likely that more insight into the casing treatment mecha- 
nism may result from greater understanding of the growth of casing 
boundary layers and the stability of these boundary la.yer flows as the 
stall limit is approached. 

The photograph in figure D-1 is presentc'd in the hope that it may 
contribute to this understanding. Lamp black and oil patterns on plexiglas 
rotor casing sections of a four-stage, low-speed research compressor are 
shown. In this figure the rotor moves from left to right and the through- 
flow is downward. On each window there are two crayon line's that indicate 
the leading-edge and trailing-edge planes of the rotor blades. At certain 
places crayon marks also indicate the trailing edges of upstream stator 
vanes. It can be seen that the flow direction in the rotor tip clearance 
region is primarily circumferential, but near the leading edge there is a 
through-flow component, while in the rear portions of the blades the flow 
frequently has an upstream component. These flows tend to coalesce at 
a location in the front half of each blade row. The pattern shown occurred 
when the compressor was near stall; with more open throttle positions 
the line of coalescence was further aft. This indicates that the extent of 
axial back flow increases in the casing boundary layer as a machine is 
throttled toward stall. Casing boundary layer measurements taken up- 
stream and downstream of the third rotor confirm this and indicate that 
the displacement thickness of the axial-velocity casing boundary layer 
increases rapidly as stall is approached. 

If, in fact, the growth and ultimate breakdown of the region of coalesced 
boundary layer flow were the cause of stall, then the above obsc'rvations 
suggest that casing treatment may delay stall by reducing back flows or 
by preventing the forward movement of the coalesced region. 


through-flow direction 
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M. J. KEEXAN (Pratt & Whitney) : Mr. Benser presents a concise 
summary of the most significant results obtained in recent NASA investi- 
gation of high loading and high fij) spc'ed on compressor jcerformance. 
The relationship between rotative spe'cd (or i\lach number) and critical 
area ratio is particularly interesting, d'he trend toward higher efficienc.y 
at high speeds and lower efficiency at part spei'd with decreasing area 
ratios is very strong in the 1600-ft sec rotor descrihe'd in reference D-2. 
This rotor was designed with A,/A*= 1.04 for sections having supcTsonic 
relative ^lach numbers. The small throat areas, obtained with lU'gative 
front camber near the tip, forced the rotor to operate at high incidence 
and high loss at part speed. At a tip spec'd ecpiivahuit to 114-percent 
design speed in figure 7, this rotor reachc'd its maximum efficiency , 0.890. 
Its peak efficiency at 800 ft sc>c tije spc'cd was 0.808, 2.7 i)erc(>nt 1ow(T 
than at design speed, and 9 percent lower than that of the A, -1*=1.2 
rotor {2D) at the same tip speed. 

High Mach number stator tests (ref. 5) showed similar results. Multiple 
circular arc and double circular arc stators wen- desigiu'd with tiu' .‘^ame 
incidence angles, but reduced front camber gave the multiple' circular 
arc designs smaller throat areas. These multiple circular arc stators had 
a clear performance advantage at high Mach numbers, but averagc'd 
slightly higher losses at lower IMach numbers. 

These data, in themselves, are not conclusive but appear to be an 
extension of i\Ir. Benser’s observations on the effc'ct of throat area on 
performance. They indicate a need for furtlu'r analysis along the lines 
presented in reference D-3, in which bow wave losses are relat('d to off- 
design incidence angles, leading to imprr)ved loss models. 

E. BOXER (XWSA Langley Research C('nter) •. The Ia'wIs Research 
Center’s compres.sor research program you have outliiu'd is both compre- 
hensive and well ordered. I have just one (luestion to ask and several 
comments to make. The question concerns tlu' curves presented in the 
first two slides. For the ordinate scale to be meaningful, it is necessary to 
know the assumed value of hub-tip radius ratio, ti]) solidity, radial distri- 
bution of both loss coefficient and work, and the maximum value of tip 
turning angle or annulus contraction through the rotor. Can they be 
provided? 

The advantages of pursuing a compressor research program based es- 
sentially upon tests of rotors or complete stages are self-evident, in that 
the performance maps obtained are valid, containing as they do the three- 
dimensional effects of off-design o]ieration, secondary and boundary layer 
flows, and shock-boundary layer interactions which are only qualitatively 
predictable. Unfortunately, with this approach, evc'n with peripheral 
sen.sors, there is a lack of detailed knowh'dge of the fluid behavior within 
the blade passage. Without such knowh'dge, extrapolation of compn's.sor 
performance into regions beyond curn'iit experience is subject to wide 
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deviations. In addition, for a series of research rotors designed for a given 
task, it is almost impos.sible to vary one significant design parameter 
witliout subtle clianges in other variables which may have an appreciable 
effect U|)on the reported trends. For example', the stated influence of 
throat ar('a ratio upon maximum efficiency at off-de.sign speeds, based 
upon the data of figure 7, ignores the variation in relative turning angle 
and overall annular arc'a contraction betwee'ii rotors 2B and 2D (which 
are* identical except for meanline shape) with that of rotor 171. It appears 
likely that throat area ratio is only one of several geometric variables 
responsible for th(‘ observed trend and may not b(' the ]irincipal responsible 
variable. In fact, rotors 2B and 2D, which have the gn'atest divergence 
in design throat area ratio, are remarkably similar in tlu'ir speed-efficiency 
relationship, whereas rotor IB exhibits a distinctly diffi'rent slope with 
only a third of th(' throat area change from that of rotor 2B as compared 
to rotors 2B and 2D. 

To make the XASA-L('wis program more meaningful to compres.sor 
designers and to pi'rmit extrapolation for conditions Ix'yond the scope 
of rotor tests, I feel that more fundamental experimental studic's should 
comph'inent the program. A recent paper (ref. D-4) indicates that with 
carc'ful attention to small details supersonic cascade' data can correlate 
with rotor data. I would suggest that a useful adjunct to a well-rouiuh'd 
program would be a continuation of super.soidc cascade testing. 

F. GIIAIAX (Worthington) : It may be of inten'st to this audic'nce to 
know that Dr. Wislicenus was one of the' first to sugge'st that transonic 
and supersonic axial-flow compressors could have practical value; and 
were' worthy e»f inve'stigatieeii. The whe'e'l which Dr. Wislicenus de'sigiu'd 
feer transonic re'lative fleiw had a 10-inch tip diame'te'r and a ceenstant 
7g-inch hub diame'ter. The five blade's e>f this imjie'ller were mille'd with 
straight helical surface's ein the'ir pre'ssure' face's anel single'-circular-arc 
preefile's fe>r suctieen face's. An ove'rall ceempre's.seir e'fficie'iicy e>f 78 jierce'nt 
was obtaine'd with a tip ve'leecity eef lO.aO fe'ct per se'ceend, and the pre'Ssure 
ratie) at be'st efficiency was 1.80. Stable eeiieratieeii e'xte'iide'd between 60 
and 90 CFS. Discove'ry e>f the workability of this transeenic range in 1946 
was new and interesting and forme'd the basis for a late'r three-.stage 
transeenic axial-fleew te'st preegram at We)rthingte)ii. 

BEXSER (autheer) : The a.ssumptions used in the calculations of figures 
1 and 2 were as feillows; 

(1) Hub-tip ratie) at the rotor inle't equal 0..') 

(2) Constant weerk input freem reeeet te> tip 

(3) Constant peelyheepic efficiency of 0.9 root te> tip 

(4) Axial velocity ratio of 1 across the roteir blade re>w 

(.5) Simple radial c'quilibrium 
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(6) Rotor tip solidity equal 1.5 

(7) Axial velocity equal 600 ft;'sec 

(8) Zero inlet whirl 

The analysis based on these assumptions is extremely simplified and is 
used to indicate trends rather than to define exact values of design or 
performance parameters. A more complete analysis of the effects of vari- 
ations of design variables is given in reference D-5. 

As stated by ]\Ir. Boxer, it is extremely difficult to isolate the effects of 
variations of a single parameter by comparison of test results from single 
rotors or single stages, because variations cannot be restricted to a single 
parameter. By such comparisons, however, it is ho])ed that some empirical 
design rules can be derived which will h-ad to improved design control. 
The throat area ratio concept is such an empirical rule which has cur- 
rently been applied to designs with considerable success. The data of 
figures 6 and 7 show the effect of throat area ratio on efficiency and range. 
Rotor and stator data discussed by Mr. Keenan as well as other NASA 
data substantiate the trends shown in these figures. 

The flow processes within tran.sonic axial-flow compressor blade rows 
arc extremely complex and our design concepts, which are essentially 
axisymmetric approaches, are certainly limited where strong shocks exist 
in the blade-to-blade planes. Supersonic cascades may be useful in study- 
ing details of flow in the blade-to-blade plane. More detailed flow measurt'- 
ments within the rotating blade row would also be helpful. To date, the 
NASA Lewis research has been concentrated on single rotor and single 
stage tests. The NASA rotor and stage program has been supplemented 
by theoretical studies, but no supersonic cascade tests have been run. 

In our attempts to determine the mechanism by which casing treatment 
improves stall margin, we have postulated many models, as Mr. Koch 
has stated. To date, no single model has been found which explains all of 
the results obtained. This may be due to the fact that we have not as 
yet set up the proper model, or it may be due to the fact that there is 
more than one mechanism involved. IMany empirical rules for casing 
treatment have been evolved, but more understanding of the phenomenon 
is necessary in order to optimize designs for any given application. 
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Blade Selection for a Modern 
Axial-Flow Compressor 

L. C. Wrigfit 


Ailiesearch Mujuifarttiring Company 


111 spite of tlie high-speed digital eom])uter, no theoretical jiroce- 
dure for solving the real, three-dimensional, conipressihle flow, ca.s- 
cade problem yet aiipears imminent. However, under the pressure of 
engineering neee.ssity, a practical, .sophisticated combination theo- 
retical and enijurical design approach has evolved which utilizes a 
quasi-three-dimensional calculation jirocedure (the combination of 
es.sentially 2 two-dimensional procedures). 'I’he following is a satis- 
factory list of steps which have led to successful designs. 

(1) Selection of the average pressure ratio and tenqierature rise 
or efficiency jier stage (from [last experience or literature) 

(2) Definition of the span-wi.se variation of jire.ssure ratio and 
loss or efficiency (from experience or literature) 

(3) Under the assum]ition of axial .symmetry, solution of the 
radial component of the etpiations of motion, yielding the blade row 
inlet and outlet velocity diagrams 

(4) Selection or calculation of the two-dimensional blade sections 
to match the velocity diagrams determined in (3) 

This paper is primarily concerned with (4): the methods u.sed in the 
past, tho.se jiresently in use, and some possible innovations which 
might extend the achievements of this apiiroach to still higher per- 
formance levels. 

A short summary of the published cascade data most used in this 
country is given along with some s])eculation on the tyj)e of design 
approach and blade section design cojicepts which might provide 
the next improvements in com])ressor technology. 


The success of an axial-flow compressor design depends upon the proper 
execution of several st(‘ps. A.ssuming that the secondary flows, loss varia- 
tions, and boundary layer growths are properly accountt'd for; that the 
ultimate loading limits are not exct'eded; and that the axisymmetric cal- 
culation of blade row inlet and outlet velocity diagrams ar(> correctly 
performed, the achievement of design point operation depends (nitirely 
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on the proper selection of blade shapes. However, other factors such as 
]\Iach number and proximity of the selected design point to the ultimate 
loading limits may determine rang(‘ of operation or off-design performance 
levels. Range of operation is, of course, important in high pressure ratio, 
multi.stago, engine compressors in that it may not be possible to operate 
the compre.ssor through the midspeed regions to reach the design point 
without mechanical aids (e.g., bleed and/or variable vanes). Neglecting 
for the monu'nt these considerations, which constitute more properly a 
study for off-design performance prediction, the process of blade shape 
selection is examined. 

Three related approaches to cascade selection are theoretically possible. 

(1) The purely experimental approach which relies entirely on the 
use of experimental n-sults from identical cascades to satisfy the velocity 
diagrams calculatc'd 

(2) A purely analytical procedure wh('r(‘by blade shapes are calculat('d 
from the theoretical cascade* and viscous flow eciuations 

(3) -V semi(>mpirical procedure which utilizes (*xp(>rimental data 
together with the theoretically derived functional relations to relate the 
cascade parameters (solidity, angle of attack, stagger angle, cascade 
turning, airfoil thickness, etc.) 

Each approach has its advantage's and disadvantage's. The purely 
e'mpirical approach (1) is most limite'd be'cause it reejuire'S huge amounts 
eef data to duplicate any de'.sign situatiein which might ari.se. Heewc'ver, if 
the preeper data can be located (in literature e>r from in-house te'st pre>- 
grams) it preevide'S a nerve-soothing assurance whe'ii e'xpensive engine 
programs are contemplate'd. The pure'ly the'ore'tical appreeach (2) is ide'al 
in all aspects e'xcept that e>f implementation. As eef now, it is not possible; 
to seelve such re*al fleew preiblems as theese peese'd by today’s practical 
turbomachinery designs. The final and almost universally used preece'dure 
(3) preevides the optimum combination e>f assurance and range e>f applica- 
tion. Further, it alleiws encreeachme'iit intee the* metre comple;x and com- 
prehensive re'alm of the {ture'ly the'etre'tical. The insertion of experime'iitally 
derived coefficients into the intractable' theetre'tical re'lations provides a 
design capability which can, with cemtinuing re'se'arch, approach arbi- 
trarily close to the ge'iierality offered by the purely theoretical. 

CRITERIA FOR BLADE SECTION SELECTION 

In the de'sign of metdern flight-type, axial-flow blade rows, size and 
weight are ine'vitably important. A.ssuming that a respectable efficiency 
could be maintaine'd, it would then ajipear that only highly loaded, high 
Mach numbe'r sections are of current importance. However, there are 
many cases, such as the latter stages in multistage compressors, where 
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Mach numbers are moderate (due to the temperature rise) and incidence 
angle range requirements dictate moderate dimensionless loading as 
defined b}’ D-factor and ^P/q. Moreover, the stator vanes in all current 
high-performance, flight-type compressors fit this description fairly 
closely. Consequently, blade sections which can operate with very low 
losses under these conditions are vitally imjiortant. Such sections exist 
in the empirical cascade domain. The XACA 6.5-series blower blade 
sections (or variations of these) have proved near optimum for this 
application (refs. 1, 2, and 3). 

The NACA 65-series cascade data in its original form (ref. 1), in the 
form of carpet plots (ref. 2), or as replotted by INIellor’s charts (ref. 3) 
constitute the most widely published cascade data available in America. 
Mcllor’s presentation, in particular, gives these experimental cascade 
results in a convenient form for designers. 

It should be noted that the referenced XACA ca.scade data, whatever 
the presentation form, arc two-dimensional data, while the designer is 
usually faced with a distinctly three-dimensional flow problem. Con- 
sequently, precautions should be taken to ensure that the cascade data 
are applied to sections which have the same effective circulation, con- 
sidering both changes in radius between the section leading edge and 
trailing edge and inlet/exit annulus area ratio. Factors to be considered 
in adapting the two-dimensional cascade data to the three-dimensional 
compressor problem will be discussed in a later section. 


PROCEDURES FOR VARIOUS BLADE SECTION DESIGNS 

Depending on the type of cascade selected, the designer has various 
loosely established procedures for effecting his design. Table I sum- 
marizes the Mach number ranges in which the modern aerodynamic 
designer must work and the generally acceptable cascade types for each 
range. 

Experience has shown that the simple expedient of selecting cascade 
sections according to these broad overlapping INIach number ranges 
essentially eliminates the possibility of designs with inherently improper 
section types. 

65-Series Thickness Distribution on Circular Arc Meanline 

Sections consisting of circular arc meanlines with 65-seri('S thickness 
distributions are commonly and successfully used in the low-to-moderate 
Mach number range (il/<0.78). For the.se sections, empirical incidence 
and deviation angle rules usualh’ replace the strict application of the 
NACA cascade data. 
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Table I . — Mach Xumher Range- Blade Section Type Correlation 


Category 

number 

De.sign point 
inlet Mach number 

Recommended .section types 

1 

4/ <0.78 

NACA G.5-series Idades, circular or i)ara- 
bolic arc meanlines 

o 

0.70<.1/<1 .20 

Double circular arc sections 

3 

1 . 1()<.1/<1 ..50 

Arbitrary straight leading edge sections, 
specially designed .sections, multiple 
circular sections 

4 

.V>1..50 

Special normal shock-free sections 


I'iKuro 1 shows the standard cascade parameters. Blade gt'ometry is 
usually defined l>y tlie blade jirofile, the stagger or chord angle X, camber 
angle ip, and the blad(‘ row solidity cr (see table of symbols). Also 
illustrat('d are the important aerodynamic parameters such as the cascade 
iidet velocity Tl’i, the flow iidct angle /3b, the outlet velocity lib, the 
outlet flow angle /3’/, and the blade d('viation angle 5°. 

The blade resulting from tlu> application of tlu^ (io-sc'rics thickness 
distribution (see table I, ref. 1) to a circular arc meanline is a hybrid. 
Consequently, some means of determining the. blade setting and blade 
camber is requirc'd. In order to permit some use of the cascade data from 
reference 1, an equivalence has been established b('twc('n the NACA 
(«=1) (uniformly loadc'd) mi'anline and the circular arc meanline. This 
process is described in reh'rence 4 and the actual ecpiivah'iice is presented 
in figure 2 along with some other useful geometrical relations. It is now 
possible to obtain reasonable setting angles for the hybrid sciction from 
the (‘xperimental 65-s(>ries cascade data given in references 1 through 3. 

For practical comjiressor blade (or vane) designs using this type; 
section, it may be more prudent to u.se the store of single stage blade 
element performance data of the type published in many NACA refer- 
ences; e.g., references 4 through 6. These rc'ports present, for a range of 
geometrical conditions, experimental blade element data which relate 
clement loss coefficient and deviation angle as functions of blade (dement 
incidence angle. These arc precisely the parameters which must be set by 
the designer to implement his design. These data have been used for blade 
setting with ('xcellent results in spite of the difference's in thicknc'ss dis- 
tribution between the hybrid and the biconvex sections. The accc'ptability 
of the procedures just described is implied by the results shown in refer- 
ence 7. 

Reference 7 presents a comparison of the performance of the British 
NOTE circular arc meanline (10C4/30C50) sections with the equivalent 
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NACA 6o ( I 2 A 10 ) 10 soction. The relatively small turning angle diffenniees 
(approximately 3° maximum) between the NGTP] and XACA tabulations 
ajiiiear to result from the faet that porous easeade tunnel walls wen' used 
for th(‘ XACA si'ction while the XGTK used solid walls. Loss variation, 
surface velocities, and turning angles an; shown to be very similar when 
tested under the same conditions. The surface pressure distributions 
indicate a slightly higher critical i\fach number for the X"A('.\ sections. 

The deviation angh's for the hybrid sections have been shown to 
correlate well with Carter’s deviation angle rule (ref. 8). Carter’s rule 
gives the deviation angle as a function of turning angle, cascade solidit.y, 
and a parameter m in the following relation. 

b° = m ( 1 ) 

V <j 

The parameter m is given in figure 3 and may be expressi'd closi'l^- as a 
function of the blade stagger angle X by the' folknving expression; 
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m=.216 + .000875X+.00002625X2 (2) 

where X is in degrees. 

The hybrid section is not recommended for design Mach numbers above 
0.78 and hence choking considerations are not too vital in general. How- 
ever, because the operating conditions in many multistage units may 
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Figure 2. — Equivalence between circular arc meanline camber and the NACA (a = I) 

lift coefficient. 
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DEVIATION ANGLE « 6° = "i® j/S/C 



Figure 3. — Carter’s rule for deviation angle at optimum incidence for compressor cascades 
using circular-arc camber lines {ref. 8). 


undergo large swings from design, the critical iMach number (Mach 
number where the suction surface velocity first reaches unity) and the 
cascade choking inlet incidence Mach number should be determined. 

Standard 65-(a = 1 Meanline) Seetion 

The 65-series blades of reference 1 were derived to be used directly 
in the design of cascades in category 1, Table I. These data have been 
used with contemporary success in the design of both single and multi- 
stage compressors (refs. 9 and 10) . 

The cascade summary of either of the 65-series data formulations (refs. 
1 through 3) could be used in the design procedure for the standard 
sections. The cascade data of reference 1, which was obtained by holding 
the flow angle and varying the cascade angle, has been cross plotted in 
reference 3 to permit a more convenient section selection procedure. 
Referring to figure 4, the inlet and outlet flow angles and ds constitute 
the abscissa and ordinate, respectively. Lines of constant stagger angle X 
and angle of attack a are also shown. The inlet and exit flow angles may 
now be taken from the velocity diagrams resulting from the radial 
equilibrium calculations and located on a plot of the type of figure 4 for 
an acceptable solidity and lift coefficient. The criterion for acceptance of 
these parameter values is a combination of the desired location of the 
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ft, ^2 intorsoction in the experimentally defined useful range between the 
positive (stalling) angle of attack and the negative (choking) value on 
the desired solidity figure. The blade sections to match the stagger, 
solidity, angle of attack, camber and percent thickness may then be 
defined as shown in reference 1. 

The results of reference 9 provide a clear indication that the pure 65- 
series (a= 1 meanline) sections may still be ajipropriately u.scd in category 
1 (M <0.78). It is primarily for simplicity that the circular arc meanline 
has largely replaced the original (a=l mcanlini') calculated for uniform 
chordwise loading. 

It is currentl.v common practice to use the 65-series thickness dis- 
tribution for stator sections whether (a= 1) or circular arc meanlines are 



Figure 4. — Typical representation of the Mellor {ref. 3) display of the A'llCH 65-series 

cascade data. 
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used. There is some indication that sections using a 65-series thickness 
distribution, particularly in the section nose region can tolerate a wider 
range of incidence regardle.ss of the mi'anline to which it is applied. Ac- 
cordingly, the procedure for defining the leading edg(> nose radius illiLS- 
trated in figure 5 has been used for sections which have symmetrical 
thickness about the meanline. The smaller radius represents the lower 
limit on the leading edge dimensional tolerance. The radius of the larger 
circle represents the upper tolerance limit on leading edge diameter. A 
smooth fairing from the smaller circle to the basic contour at four largo 
diameters downstream of the leading edge completes the blade section. 
Although the fairing illustrated u.sing the .small circle is preferri'd, the 
difficulty of maintaining accurate' dimensions on tlu'se very small h'ading 
edge dimensions make an.ything between and including the two contours 
illustrated acceptable. 

Double Circular Arc and Other Circular Arc INIeaulinc Sections 

In the early 1950’s, the NACA set out to provide experimental blades 
element design data for transonic blach' si'ctions via single stage com- 
pressor tests (ref. 11). These are the si'ctions designated in fable I as 
most satisfactory for cati'gory 2. I'larly XAC’A transonic, single stage tests 
(c.g., ref. 12) had demonstrated good [lerformance with double circular 
arc sections (sections conpiosed of two cii-cular arcs of difforent radii 
intersecting at two points). INfori'over, these' si'ctions weri' simpli', easy to 
manufacture, and jio.sse.ssed the characteristics which ajijieared analyti- 
cally desirable for transonic bladi's. Hence tlii' XAC'A program of transonic 
compressor element de.sign data accumulation utilized these si'ctions. 



Fiticni-: 5 . — Application of blade tending edge tolerance. 
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In a sense, this program constituted a departure from the original con- 
cept of a quasi-three-dimensional design procedure wherein 2 two-dimen- 
sional calculations (in the radial-axial plane and the tangential plane) 
were combined to define the entire flow field. Actually, compressor element 
performance data, as tabulated by NASA, reflect many phenomena which 
do not originate in the two-dimensional flow field. Therefore, in an 
inadvertent way, such effects as secondary flow, boundary layer cen- 
trifugation, tip clearance vorticity, wall boundary layer, and annulus 
convergence are confounded in the single stage element data with the true 
cascade variations. Under these conditions the true relations between the 
cascade parameters are not easily isolated. Even so, blade rows of a 
sufficient range of radius ratios, Mach numbers, stagger angles, camber 
angles, solidities, and thickness were tested to provide the designer with a 
suitable model for almost any configuration he contemplated designing. 
(See refs. 4, 5, 6, 11, 12, 13, and 14.) In addition, several analyses and 
correlations (refs. 15 through 18) provided aid in interpreting and adapt- 
ing the cascade data substitutes obtained from the single stage tests to 
actual design problems. In spite of the obvious confounding of two- and 
three-dimensional effects, the results of using these data in industrial 
transonic compressor design must be considered highly successful. 

In England, Andrews (ref. 19) investigated the circular arc sections in 
a 2-dimensional cascade tunnel. These results demonstrated clearly that 
the basic double circular arc sections could provide highly satisfactory 
transonic blades. The designer was now able to cross check the single stage 
elements data (obtained from single stage tests) with that from circular 
arc sections in 2-dimcnsional cascades. 

The double circular arc has been closely associated with the transonic 
compressor from its inception. This fact is clearly illustrated by reference 
20 in which the highlights of the transonic compressor development are 
summarized. R. 0. Bullock discusses the various NACA investigations 
designed to illuminate the phenomena involved in transonic compression 
and make more general the cascade design data obtained. 

With the advent of the transonic stages and the single stage element 
data the presentation format was altered from, for example, the cascade 
results of reference 1. A typical plot of element data for a single section 
taken from reference 5 is shown in figure 6. Here the design parameters 
loss coefficient oi, deviation angle 8°, Z)-factor, blade row inlet relative 
Mach number Mi, element efficiency 77, work coefficient AH/Ui^ and 
axial velocity ratio CzJCz, are given as functions of the independent 
variable incidence angle i. Such data are extremely useful in predicting 
the actual performance to be expected in a real design once certain 
similarity criteria (e.g., loading, solidity, stagger angle, and Mach 
number) have been satisfied. 
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The work of Lieblein (ref. 21) gave a significant tool to the transonic 
compressor field in its formulation of a loss criterion. Although the 
correlation of the large store of available loss data against a diffusion 
parameter D showed a high degree of scatter, a rational and useful basis 
for loss projection was created. 

Chapter VII of reference 22, on blade element flow in annular cascades, 
provides some basic information on the correction and use of available 
blade element data on a generalized basis. In particular, it provides losses 
and curves for conversion of two-dimensional incidence and deviation 
angle data for use in annular cascades, considering both Mach number 
and radial position in the annulus of the element under consideration. 









ROTOR INC. ANGLE, DEG. 


ROTOR INC. ANGLE, DEG. 


Figure 6. — Typical presentation format for single-stage element data {ref. S). 
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One of the early multistage transonic compressors was the 1954 NACA 
5-stage for which d(>sign and experimental evaluation are recounted in 
references 23 through 26. This com{)ressor, which utilized an engine as a 
source of drive powi-r, had all circular arc meanline sections and each of 
its five stages operated with transonic inlet relative velocity. A basic 
objective of this program was demonstration of the practicality of staging 
high pressure ratio transonic stages. The results from this program pro- 
vided a large amount of information on the interaction of transonic stages 
and essentially verified the jilausibility of th(> blade element or annular 
cascade approach as well as the utility of double circular arc and circular 
arc mcanline sections. 

With the velocity diagrams known and a section type seh'cted, the 
empirical elemc'nt data such as loss and deviation angk; versus incidence 
angle data just discu.s.sed (e.g., ref. 22), permit the straightforward design 
of compressors in iNIach number catc^gory 1. 

Arbitrary or Multiple Circular Arc Sections 

It has been demonstrat(‘d that cascade' losses go uj) as Mach numb(>r 
exceeds the section critical iMach numlK'r. Howevc'r, for rotors these 
losses are largely compensate'd for by the incn'ased work geiK'rate'd by 
the higher whee'l spi'cd. Hence', fe>r Mach numbe'rs up te> a])pre)ximate'ly 
1.10 to 1.20, little, if any, pe'iialty in reeteer e'fficie'new is e‘X[)e'rie‘nce'd. At 
blade relative iMach numbe'rs some'whe're' above' 1.1 feer the curre'ut state 
of the art, efficie'iicy be'gins tej dre>p in spite* of the' ine're'ase- in use'ful weerk 
with the double circular arc e>r circular arc me'anline' se'ctiems. De'tail study 
of the passage flow pheneeme'ua indicate'd that the' Mach numbe'rs at which 
the tip passage .shocks eeccurre'd were* high e'liough te> cause', fe>r the first 
time, nonne'gligible shock losses as we'll as se'ceendary leesse's resulting from 
shock separation of the- boundary laye'r. 

Some e'xpe'rimental studie-s utilizing high-fre'ejue'ucy re'sj)e)iise ))re)be's 
showed cle'arly the mechanism of the* reeteer tip slu)ck structure's (Ref. 
15). Trom this understanding e'veelve'd a be'tte'r picture eef the type* eef blade; 
which would minimize tlu'se' shock leesSe's at a giveai iUach numbe'r and 
increase the tip speed and he'iice' iMach numbers and pressure ratie> before 
the efficiency would begin to dreep. Ge'ne'rally, it be'came clear that curva- 
ture of the suction surface of the blaeh's be'twe'e-n the leading e-dge and the 
final, stremg shock generate'd Prandtl-iMe'ye'r e'xpansions, incre'asing the 
preshock ink't iUach numbe'rs apj)re'ciably. Apparently, re'ductieen in this 
curvature or leading e-dge camber we)uld lower the* pre'shock iMach number 
and reduce losses. The re)te>r eef re'fe're'iice 27 demonstrated that this did in 
fact occur. A major effort was made in this rotor to balance the dimension- 
less static pressure rise between the reeteer and .stator. Heewe'ver, perhaps a 
more important feature' was the de.sign procedure' which yielded a very 
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small blade leading edgi- eainber. Tlu' resulting rotor demonstrated a 
very ereditable peak design s)ie(‘d (‘ffieieney of 0.89 at a jiressure ratio of 
2.12 in spite of a de.sign tij) rc'lative Maeh number of 1.48. 

Subsequently, many investigators di'visf'd de.sign proci'durc's wliicli 
guaranteed a blad(> of zero or near zc'ro eamber in th(‘ sujiersonic region of 
th(> blade (see fig. 7). The design teehniciues ineludiai the solution of the 
radial (‘quilibrium ecjuations insidi' the hlade row and “tailoring” the 
blade to the relative flow din'ction throughout tlu' blad<> row (see red. 28). 

The benefits of blade sections with uncambered supersonic ri'gion.s are 
now gi'nerally accejited and substantial effort has been di'voted to 



a . — Arbitrary sections with uncambered leading edge. 



b . — M idlipte circular arc section. 


Fiouuk 7 . — Typical transonic hlade sections with uncamhered leading edge. 
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systematizing such sections (see ref. 29) . The selected sections of reference 
29 are defined by multiple circular arcs. The meanlines of these sections 
are made up of two circular arcs with mutual tangents at their juncture 
(see fig. 7b) . The larger radius arc forms the leading edge (supersonic) 
portion of the blade while the smaller arc constitutes the rearward 
(subsonic) portion. It is concluded in reference 29 that the optimum blade 
achieves the best balance between the supersonic .shock losses and the 
subsonic diffusion losses. The ratio of the leading edge (supersonic region) 
camber to the total blade camber is called the camber ratio. This ratio 
provides a parameter to which systematic changes may be made to 
achieve the optimum loss balance. 

Reference 3 reports the experimental performance from four multiple 
circular arc rotors designed and investigated by General Electric under 
NASA contract. The results appear significant, varying in such a manner 
as to verify the loss mechanism hypothesized for transonic blades. It can, 
therefore, be concluded that the multiple circular arc section shape format 
docs provide a satisfactory cascade base for systematic variation of the 
geometric and hence aerodynamic properties. 

Moderate Supersonic IVIach Number Sections 

Supersonic compressors have been seriously considered in Amcirica 
since the early 1940’s. As conceived at that time, the supersonic rotor 
would consist of a row of blades comprising a series of rotating supersonic 
diffusers. The blade relative inlet velocity was supersonic along the entire 
blade span and a strong shock was stabilized in each passage (refs. 31 and 
32). That this somewhat idealized concept did not yield an immediately 
practical engine compressor is probably primarily due to the shock 
boundary layer interaction, the radially nonconstant angles and velocity 
at the rotor inlet, and the difficulty in satisfying simultaneously radial 
equilibrium and the shock equations as well as other real flow effects. 

]\Iost blade sections wen' developed using a two-dimensional method of 
characteristics which did not rely at all on cascade data. The principal 
outputs to date from the U.S. supersonic compressor programs have been, 
first, the feasibility demonstration, and, second, provision of detail 
insight into the flow phenomena associated with transonic compressors. 

Today there is a renewc'd interest in supersonic compressors for various 
applications. However, the concepts are more mature and the reejuire- 
ments more demanding. Considerable inten'st is focussed on the potential 
of rotors which utilize high tip speeds and weak oblique shocks which do 
not difluse through IMach 1.0 in the tip regions where shock losses could be 
large. Possible advantages of this type rotor include the pos.sibility of high 
pres.surc ratio, uniformly loaded rotors with low radius ratios, and good 
efficiency along the entire blade span. Also, current high bypass ratio fan 
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engines are usually restricted to low rpm by fan tip speed while the smaller 
diameter fan turbine has many stages to compensate for its low tip speed. 

The type of blade sections required for this category 4 type of super- 
sonic compressor are not j-et generally defined. These sections will prob- 
ably require a more intimate mingling of the two- and three-dimensional 
floiv calculations than previous compressor types utilized. In order to 
avoid the strong shocks at the design point, the passage through flow 
areas must be carefully controlled, and the old procedures for section 
layouts (probably not on constant radius surfaces) utilizing a supersonic 
method of characteristics will probably be rcjquired. As always, the stream 
surfaces will reflect the radial equilibrium equations. 


OTHER CASCADE CONSIDERATIONS 


In the application of either two-dimensional design rules or cascade data 
to the design of real compressor blades, most often the stream surface 
intersects the blade leading edge at one radius and intersects the trailing 
edge at another. As previously stated, blade sections defined on such 
surfaces should be related to true two-dimensional sections on the basis of 
equivalent circulation. The following expressions define and d 2 ,e the 
equivalent (two-dimensional cascade) trailing edge angles for a rotating 
and a stationary blade section, respectively. 


T2C 


Ur 


tan da, e = - 7 ;- tan P 2 + — 


nC 




K “)1 


T2U Z2 

tan — - tan j 

nCzr 


(3) 


These angles represent the three-dimensional blade (or vane) dis- 
charge angles which would give the same circulation as the actual section 
along the actual stream surface but with constant radius and axial 
velocity. The use of these discharge angles permits the direct application 
of two-dimensionally derived incidence or deviation angles or cascade 
data. 

The angles /3 and /S' are defined as tan“‘ and tarr^Wu/Cz, 
respectively, and neglect the radial components of velocity. It therefore 
became necessary to make geometrical corrections to the blade angles /3 
when sections are defined on cylindrical surfaces and the blade elements 
are neither radial nor normal to the axis (see Appendix B of ref. 36), and 
radial velocity components exist. 

The final expression for the corrected blade angle on the cylindrical 
surface is given as 


618 TURBOAFACHIXERY DESIGN' 


tan (f tan 

cos ip 

tan /? (corrected) = (4) 

1 — tan L tan e 

In the case where the clement is normal to the axis (sweep angle L = 0) 
the considerably simpler expression which follows may be derived for the 
corrected /3- 

tan /3(corrected) = tan tan <p tan e (5) 

It can be seen that for large hub slopes and lean angles a substantial 
correction is required for the blade tangent angle on the cylindrical 
surface. This complication may be eliminated by laying the blade out on a 
stream surface. The stream surface can usually be a.ssumod to be a conical 
surface with little error. A procedure and the computer program for 
defining double and multiple circular arc blades on conical surfaces are 
given in reference 33. The procedure is designed to preserve the rate of 
change of surface angle with distance on the specified conical surface. 
From these calculated sections, new sections outlined by the inter- 
sections of plane surfaces with the blade which results from the conical 
surface profiles are defined. The area, center of area, and moments of 
inertia are computed for use in the blade stress analysis. The program 
also can be made to give any degree of tilt (tangential lean) desired for 
stress reasons. 

Once the blade sections are completely defined and stacked, the section 
layouts together with the stream surface traces in the radial-axial plane 
permit the determination of the cascade throat areas. With these data the 
blade choking incidence angles may be determined. It is important to 
compare the section choking incidences with the selected design values 
and ascertain that some margin (e.g., 2° to 6°, depending on the de.sign) 
exists between choke and design. 

Some other miscellaneous considerations include the importance of 
blade surface finish and trailing edge thickness. These topics are covered 
in references 34 and 35. Indications are that for a trailing edge thickness 
up to 30 percent of the maximum thickness, no increase in loss with thick- 
ness has been observed for compressor cascades. The case for surface 
finish is less conclusive. There have been indications from time to time 
that, under some conditions of low Reynolds number and/or high iNIach 
number operation, some surface roughness is beneficial. The conclusions in 
reference 35 are that nothing is gained by using finishes better than 40 
microinches root-mean-square for conventional compressors. 

Multistage Example 

The range of section types used in current jet engine turbomachinery is 
illustrated by a typical multistage mix in figure 8. A high performance, 
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Figure 8b. — Single-slagefan. {AiResearch Manujaduring DiviKi'on, Garretl Corporation) 
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5-stage compressor rotor is shown in figure 8«. Rotor 1 has special or 
arbitrary sections; all stators are circular arc meanlines with 65-series 
thicknesses. Rotors 2 through 5 utilize double circular arc sections. The 
single stage fan shown in figure 85 gave efficiencii'S in the high eighties at 
a design speed pressure ratio of 1.6. The sections varied from the arbi- 
trary, uncambered leading edge region at the tip to a near circular arc 
meanlino hub. 


CONCLUDING REMARKS 

The preceding remarks constitute a highly condensed and heavily 
referenced summary of the methods of ca.scadc selection and design 
available today to the practical compressor aerodynamicist. Throughout 
the entire field, the emphasis has been, and still is, on the semiempirical 
approach. For the designer who dedicates himself to understanding the 
fundamental phenomena involved in cascade flow, the methods described 
can be used cpiite successfull.y. Beyond this, possibilities for future 
improvement in cascade performance appear abundant, and it is largcdy 
from this source that large gains in future turbine engines will probably 
come. 


LIST OF SYiNIBOLS 


C Absolute velocity, ft/sec 

c Blade chord 


I) 


Dimensionle.ss loading parameter. 


/ TT2\ A2C„,-7f^C„ 
\ Wir 


AH Enthalpy rise, ft-lb/slug 

h Blade camber 

i Incidence angle, /3i' — di*; degrees (see fig. 1) 

L Blade sweep angle in plane of blade li'ading edge, degrees 
M Mach number 

AP / q Dimensionless static pressure rise coefficient 
Pm Blade mean camber-line radius, inches 
Rm/ c Blade mean camber-line radius normalized by blade chord 
U Wheel speed, ft/sec 

W Velocity relative to rotor, ft/scc 

Fm Distance from centiw of meaidinc circle to chord 
Fm/c Distance from center of meanlino circle to chord normalized by 
blade chord 

a Angle between the flow direction and the blade chord, degrees 
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Cu 

Angle measured from axial, tan , degrees 

C z 


S° Deviation angle dz' — da*, degrees (see figure 1) 

e Blade lean angle, degrees 

a Solidity, blade chord/blade spacing 

ip Camber angle, da* — di*) degrees 

w Total pressure loss coefficient 


Superscripts 

* Geometrical 

' Relative to the rotor 


Subscripts 

e Equivalent 

m Mean 

sb Subsonic 

ss Supersonic 

t Tip 

u Tangential component 

z Axial component 

1 Blade row inlet 

2 Blade row outlet 
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DISCUSSION 


L. H. KING AND A. C. BRYANS (General Electric Co) : The author 
has presented a comprehensive summary of various design approaches 
used to select blading for axial-flow compressors. This paper will be a 
valuable reference for the compressor designer. 

The author offered one practical comment on 65-series thickness distri- 
bution blading that should be qualified. The statement that the leading 
edge shape cannot be obtained consistently in manufacturing and there- 
fore would justify allowing a tolerance band is valid. However, the magni- 
tude of the variation between the lower and upper tolerance limit must 
be specified and then types of acceptable nose profiles defined within 
these limits. Since the paper does not deal with the problem of blading 
tolerance limits, it seems inappropriate to introduce this unqualified 
comment. 

The writers’ experience with small axial compressor blading has shown 
that tolerance specification and manufacturing control are important 
aspects of the designer’s role in obtaining the desired performance levels. 

The tip region of transonic rotors still requires a great deal of study 
before we can adequately determine the flow field. The present paper 
makes reference to the procedure of designing at axial stations within the 
blade row. L. H. Smith’s paper (ref. D-1) develops rigorously such a 
procedure, dealing therein with the effects arising from blade-to-blade 
variations which do not exist in a true axisymmetric field. Dr. Smith 
indicates that these perturbation effects are analogous to Reynolds stresses 
in turbulence theory. We are concerned that current practice still con- 
tinues to use a linear distribution to represent the blade-to-blade variation 
in the force field when we know that shocks must result in some radical 
departure from this idealized situation. The normal concept that a blade 
row is equivalent to a force field and this force field, in turn, is equivalent 
to a vorticity distribution requires that the correct vorticity be used to 
define the blade. We would suggest some research into the significance of 
the rate of change of vorticity as it affects the flow field in the supersonic 
regime. We would further suggest that the mathematical model used to 
represent the shock structure in this region be checked for radial equi- 
librium. 

D. M. SANDERCOCK (NASA Lewis Research Center) : The author 
has presented a very useful summary of blade sections currently used in 
blade designs and their general areas of applicability. 
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There is one additional point of interest rt'garding the multiple circular 
arc blade shape. The use of low turning in the forward portion of the blade 
section does indeed tend to lower the shock inlet iMach number and pre- 
sumably the shock losses. However, the amount of fluid turning up- 
stream of the shock also affects the throat area of the blade passage, 
which must be large enough to pass the required mass flow. Thus, the 
throat area requirement can place some restrictions on the amount of 
turning that can be assigned to the inlet portion of a blade section. Also, 
there is a line of reasoning that indicates that close control of the throat 
area along the blade span may have a more significant effect on overall 
blade losses and stable operating range than that realized from minimizing 
blade passage shock loss. Mr. Benser, in his paper “Transonic Compressor 
Technology Advancements,” discusses the effects of throat area observed 
from experimental data from transonic blade rows over a range of blade 
speeds. 

For the cases of high solidity stator blade sections, added turning is 
sometimes introduced in the forward portion of the blade section in order 
to attain required throat areas to pass the mass flow. 

R. M. HEARSEY (Ohio State University Research Foundation) : 
Have you considered selecting cascade solidity by means of the total 
pressure loss parameter/diffusion factor relationship presented in Figure 
203 of NASA SP 36? 

WRIGHT (author) : It is true, as Mr. Sandercock states, that the 
leading edge camber of tramsonic, multiple-circular-arc sections has a 
pronounced effect on blade throat area. Of course, so do the blade thick- 
ness and the convergence of the annular stream tubes. It would be inter- 
esting to compare the performance of blades designed for the same inlet 
velocity diagram and with the same throat area obtained via different 
combinations of the three variables: camber, thickness, and annular 
convergence. It is my unverified opinion that the best performance 
(and the maximum choking flow) will result for the configuration yielding 
the most uniform throat flow. I don’t believe that this would be the 
blade with the more cambered loading edge because its integrated pV 
would include some supersonic suction surface values and some subsonic 
pressure surface values and the variations between. 

It is my opinion, further, that a straight leading edge blade with a 
higher design incidence will also yield a more uniform throat than a 
curved inlet blade and hence a lower suction surface IMach number at 
the normal shock for peak efficiency operation. The existence of a stronger 
expansion around the suction surface of the leading edge following the 
sonic velocity point, which in turn follows the leading edge stagnation 
point, is believed to be preferable to the later suction surface expansions 
of the curved section for the same reason (throat uniformity). Hence, 
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until further proof is offerc'd, I believe that the throat area requirements 
must be satisfied, but with minimum blade suction surface curvature. 

On the leading edge toh'rance discussed by iNIessrs. Bryans and King, 
I simply offer this for what it is worth to the reader. We at AiResearch 
have noticed what 1 take to be an advantage, particularly with respect 
to stalling incidence, of the a.symmetric leading edge contour. And, 
inasmuch as some manufacturing tolerances are required, this approach 
offers the potential of converting a problem area into an advantage. 

With regard to the rotor internal calculations, it is well known that 
the force field cr(>ated by the blade sections is not rigorously represented 
by linear cro.ss channel gradients. Further, the rigorous calculation of the 
rotor internal flow configurations rexiuires complete departure from the 
quasi-three-dimensional jiroci'diires (a radial-axial plane flow based on 
axial symmetry plus th(> 2-D blade flow) which have traditionally, and 
perhaps surprisingly, yit'lded satisfactory performance and reasonable 
checks of rotor outlet distributions for moderate supersonic i\Iach number 
levels. Even neglecting the formation of the secondary flow vortices 
which in real life are extremely difficult to avoid, the stream surfaces 
between the hub and tip shrouds will not be axisymmetric surfaces. A 
qualitative approach to minimizing these perturbations from axial sym- 
metry would be the use of very high solidity. The rationale would be 
similar to that by which the assumjition of infinite solidity was used in 
early cascade theory in order to drop derivatives in the tangential 
direction. 

I agree with Mr. King and Mr. Bryans that some research aimed at 
a closer approach to the rigorous representation of the supersonic flow 
field in a high iUach number rotor would be a worthwhile undertaking. 
The most practical fallout from this research would probably be the 
derivation of some analytical expressions for the radial accelerations 
caused by the shocks and the resulting warped, equilibrium shock. 

Relating to Mr. Hearsey’s question, and as commented by Mr. Benser, 
my experience is that the NASA SP36 figure 203 gives solidities somewhat 
lower than the optimum for transonic blades at optimum incidence. We 
have used this approach on stators in particular where the inlet i\Iach 
numbers are low. 
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A historical review of the axial-flow hydrogen pumps developed by 
Rocketdyne is presented. The design features and the performance 
data obtained during the course of these programs as well as the en- 
gine problems caused by the pump characteristics are discu.ssed. 


The design and development of axial-flow hydrogen pumps was initiated 
in 1957 by a contract awarded to Rocketdyne by Air Research and 
Development Command of the United States Air Force. The pump, 
designated Mark 9, consists of a high head inducer and six identical axial 
stages. This configuration was used to supplj^ hydrogen for nuclear rocket 
reactor tests (December 1963 through April 1965; see ref. 1) in single- 
mode and dual-mode (parallel flow) feed-sy.stem configurations. The 
basic pump configuration with one more axial stage was used in the 
NASA J-2 (LHj-LOX) rocket engine developed for the Apollo space 
program. During the initial development phase of the J-2 engine, NASA 
sponsored the design and experimental evaluation of four axial-stage 
configurations designed for higher blade loading than that used in the 
Mark 9 staging. The results of this stage program were used to design the 
Mark 26 pump for use with an uprated J-2 engine. 

In response to the need for increased flow and head requirements for the 
evaluation of advanced reactor configuration (ref. 1), Rocketdyne de- 
signed the Mark 25 axial-flow pump. The flowrate was increased by 50 
percent and the head rise by 25 percent, compared to the IMark 9 pumps. 

MARK 9 TURBOPUMP 

The Mark 9 turbopump consists of an inducer and six identical axial 
stages (fig. 1). The pump has a four-bladed inducer with four splitter 
vanes. The six axial stages have 17 rotor blades and 42 stator blades each. 
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FiciUHK 1 . — Mark 9 pump rotor. 


The last rotor is not followed by a stator and discharges directly into a 
vaned volute. The pumj) was designed to run at 34 000 rpm and iiroduci! 
50 000 feet of head at a flowrate of 10 600 gal/niin. The induccT produces 
10 000 feet of hc'ad, and the remaining 40 000 feed is developed by the six 
axial stages. i\Iark 9 testing was initiati'd in 1958. 

MARK 15 PUMP 

The Mark 15 liciuid hydrogen jnimp is used on the J-2 engine in the 
Saturn V vc'hicle that launches the Apollo spacecraft to the moon. Five 
engines are usc'd on th(' second stage and one on the third. The blade 
sections of the Mark 15 pump an^ identical to those of the Mark 9. The 
Mark 15 has seven stage's of axial-flow blading inst(>ad of six, as used in 
the IMark 9 pump. Figure 2 .shows a layout of the IMark 15 turbopump. 
The rotating assembly is mounte'd on two bearings with the turbine over- 
hung; this allows both bearings to be located within the pump under 
similar load and environmental conditions. Both bearings are cooled and 
lubricated with liquid hydrogen. The bearing coolant liquid leaves the 
main passage at the entrance to the volute and passes through a self- 
positioning balance piston that nulls all the end thrust of the rotating 
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BALANCE PISTON- 
rINDUCER ^7 AXIAL STAGES 



'-BEARING 
COOLANT 
RETURN FLOW 


Figure 2. — J-2 {Mark IS) fuel lurhopump. 


assc'mbly. The flow thou splits. A portion of it jia.sso.s through the' roar 
hoaring, thon through radial holos to tho contor of tho .shaft and out the 
front .spinnor nut; tho romaining flow pas.sos through tho outer jiortion of 
tho drum, through tho front iK'aring and hearing support, and joints tho 
maiiLstri'am at tho inducer exit. Tho flowrate' through each bearing i.s 
approximately 10 gpm of tho total balance piston flow (45 gpm). Tho 
angular contact ball bearings are made of 440C stainless stool and have 
Armalon (glass-flllod Teflon) cages. Bearing DX values are apiiroxi- 
matoly 1.7X10® maximum. The pump must operate satisfactorily for a 
total of 3750 seconds with single-run times of up to 500 seconds. This life 
must be in addition to any “green run” or acceptance testing reciuired. 
These total life requirements are approximati'ly 6000 seconds. 

The pump has a tip diameter of 7.25 inches, runs at 25 000 rpm, and 
produces 38 330 feet of head at 8580 gpm flow. The inlet and outlet 
pressures are 30 and 1247 psia, respectively. The pump absorbs 8145 
horsepower under nominal conditions. Figure 3 shows a nondimensional 
performance map of the pump. Note that the pump has an abrupt stall, 
the hi'ad dropping to approximately 84 percent of tho peak value; this is 
not too different from the nominal operating head (^=1.697). (Tho 
overall head coefficient xj/ of the seven-stage pump plus inducer is refer- 
enced to the tip diameter. The inducer head coefficient is ^ind = 0.222.) 
The efficiencj’ is on the low side because of the balance piston flow los.ses 
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and the losses through the bearings. Figure 4 shows the velocity diagram 
for the axial-flow blading. 

Cavitation performance of the Mark 15 pump at 25 750 rpm (slightly 
lower than nominal) is shown in figure 5. Note that the head stays almost 
constant as the net positive suction head (NPSH) is reduced until the 
pump abruptly cavitates. Figure 6 shows the results of more than 50 such 
tests on 15 production pumps and 2 R&D pumps. The average line 
through these points is a least-squares fit. Standard deviation from the 
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Figure 3. — Mark 15 pump performance. 
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average is 14.6 feet and the 2v variation is 27.2 feet, which band encloses 
all the points. A scattering of points is to be expected because vapor 
pressure is determined from an inlet line temperature measurement and 
Bureau of Standards charts for parahydrogen; a temperature error of 
0.1° is equivalent to a difference in vapor pressure of 10 feet of hydrogen. 
At design conditions, the suction specific speed of the pump in liquid 
hydrogen is 103 000. The test technique used in obtaining the pump 
suction performance, as shown in Figures 5 and 6, neglects considerations 



Figure 5. — Typical J-2 fuel pump cavitation tests in liquid hydrogen. 
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Figure 6. — J-S Fuel pump suction performance in liquid hydrogen. 
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of tivo-phase flow at the pump inlet. When the NPSH is equal to the duct 
velocity head, the duct wall static pressure* corresponds to the fluid vapor 
pressure as indicated by the duct temperature measurement. The quality 
(vapor fraction) of the duct flow can only be determined from the duct 
measurements if the* fluid stagnation temperature or enthalpy is also 
known. Subsequent test programs in which more complete instrumenta- 
tion was used indicated that the pump was capable of ingesting two-phase 
flow. The vapor fraction ingested for various pump inlet stagnation 
temperatures and flows is shown in figure 7. 

ST.VGE LOADING ADVANCEMENT PROGRAM 

Under the sponsorship of A’ASA, Rocketdyne conducted an R&D effort 
to determine the upper limit of hydrodynamic loading that could be 
accepted bj- an axial-flow pump stage without serious iierformancc; 
penalty. Four sets of blades were designed, each with a symmc'trical 
velocity diagram at the hub. The pumps were designated A, B, C, and 1) 
(fig. 8) with diffusion factors at the hub of 0.58, 0.04, 0.68, and 0.72, 
respectively. Each pump had four stages of blading. The t(*st results, 
which include volute losses, in the air rig (ref. 2) along with a four-stage 
pump with Mark 9 blading are shown in figure 9 through 13. All jnimps 



INLET LINE VAPOR FRACTION, a, PERCENT BY VOLUME 


Figi'rf, 7 . — Mark 15 hydrogen pump performance with two-phase inlet flow. 
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had the same design inducer inlet flow coefficient (0.10). It can be .seen 
from the results that each pump producc'd a progressively higher head 
while losing stall margin. Also, the drop in head as the pump stalled 
became progn'ssively greater, the head of the D-blad(>d pump dropping 
to 55 percent of its p(>ak value. A study of the data indicated that each 
pump stalled when the average retardation factor (ratio of relative exit to 
relative entrance velocities) was reduced to 0.5 or when the maximum 
diffusion factor climbed to a value of 0.75. 



Figure 8. — B, C, and II rotors with stator segments. 
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Figure 9. — Four-stage pump performance, Mark 9 blading. 
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FiGunE 10. — Four-stage pump performance, “A” blading. 



Figure 11. — Four-stage pump performance, “B” blading. 
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MARK 26 PUMP 

The Mark 26 pump was, in effect, a i\Iark 15 pump configuration with 
Z)-blading. It also consisted of an inducer plus seven axial stages. It was 
de.signed as a possible replacement for the IMark 15 pump in case there was 
a substantial uprating of the J-2 engine. The Mark 26 was tested in 1965 
and gave the performance shown in figure 14. It performed as predicted 
from the four-stage configuration data and producc'd a head coefficient 
at stall inception of 2.864, as compared to 1.955 for the Mark 15, an 
increase of 46.5 percent. Its efficiency wa.s slightly higher. It also had a 
deeper stall, the head in stall being about 70 percent of the peak value. 

MARK 25 PUMP 

The i\Iark 25 pump was designed to meid uprated conditions not 
obtainable with th(! Mark 9. The di'sign flowrate was increased by about 
50 percent and the head b>' 25 percent. The passage lieight (annular flow 
area) was also decn>ased to increase the axial velocity to a value of half 
the blade speed at the mean diameter. This is, theoretically, tin; optimum 
value for maximum efficiency. IMoreover, the increa.se in axial vi'locity 
produced a diagram that permitted higher head per stage with the same 



(NOUCER INt£T FLOW COEFFICIENT, cj) = 
C|y,;Uj = 0.i!291(Q/N) 


Figure 14. — Mark 26 pump performance. 
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blade loading (diffusion factor). The pump was designed to give a stall 
margin of 25 percent; this resulted in a value of 0.63 for the retardation 
factor and 0.55 for the diffusion factor at the mean diameter. The resultant 
velocity diagram is shown in figure 15. It was desired that the i\Iark 25 
be capable (from the blade stress standpoint) of running at a substantially 
higher speed than the ]\Iark 9; therefore, blades with relatively large 
chords and cross-sectional areas were used. Only four axial stagiis were 
required. The overall pump head coefficient, however, was comparable 
to that of the I\Iark 15, as can be seen from figure 16. This pump also had a 
deep stall, the head falling to 60 percent of its peak value. A photograph 
of the Mark 25 rotor is shown in figure 17. 

WATERJET PUMP 

The Mark 25 design has recently been used as a model for a waterjet 
pump for ship propulsion. In a waterjet syst(>m, the pump efficiency is 
very important; therefore, a strong effort was made to obtain high 
efficiency. To accomplish this, the backflow through the rotor was 
eliminated, as was the balance piston. In addition, the stator shrouds 
were removed. The discharge scroll, a source of losses, was eliminated and 
axial stators were used in its place to provide axial flow to the nozzle and 
steering device. The resultant pump was testid in an accurately cali- 
brated water rig. The results of the test are shown in figure 18; it can bo 




Figure 15. — Mark 25 axial-slage vector dmgrarn. 
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seen from the curve that a peak efficiency of 90 percent was obtained and 
that the pump head coefficient was approximately 15 percent higher than 
that obtained with the Mark 25 pump. 



INDUCER INLET FLOW COEFFICIENT, ())= C|^/Uj = 0.229KQ/N) 


Fioukk 16 , — Mark 25 pump performance. 



Fiourf. 17 . — ^^ark 25 rotor. 





AXIAL PUMPS FOR PROPULSION SYSTEMS 641 




INDUCER INLET FLOW COEFFICIENT, <J) = - 0.229KQ/NI 


Figure 18. — Mark 25 pump performance as a water-jel pump. 


EFFECT OF MARK 15 PUMP PERFORMANCE 
ON THE J-2 ENGINE SYSTEM 

Axial-flow pumps have always performed satisfactorily on engines under 
steady-state conditions. However, early in the J-2 program, many 
problems were encountered with the proper sequencing of events during 
the engine start transient. 

The J-2 engine system consists of dual series turbopumps driven by hot 
gas supplied by a bootstrapping gas generator. The initial start is supplied 
by high-pressure hydrogen gas, followed by bootstrapping operation to 
mainstage. Engine control during the start transient is accomplished with 
the use of a LOX turbine bypass valve and a programmed opening for the 
main oxidizer valve. 

During the early stage of the development, excessive gas generator 
temperature, fuel pump stall, and discharge pressure decay, as well as 
rough thrust chamber combustion at very low chamber pressure levels 
was experienced. The solution to these problems required a thorough 
understanding of the different component characteristics. 

As already mentioned, an interesting feature of the J-2 engine is the 
use of two independent turbopumps. This introduces a degree of freedom 
in terms of relative pump speeds. During the hydrogen gas spin portion of 
the start, the power distribution between the two turbines tends to 
increase the LOX turbopump speed more rapidly than the fuel turbopump 
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speed. After completion of the hydrogen gas spin, the combustion in the 
gas generator is initiated and the power distribution starts favoring the 
fuel turbine. During the gas spin portion, the higher LOX pump speed 
results in an increased LOX flow that produces a higher head demand on 
the fuel pump and tends to drive the fuel pump toward stall. To com- 
pensate for this, it was necessary to u.se a LOX turbine gas bypass system, 
which allows a portion of the spin gases to bypass the LOX turbine and 
reduce its speed to be compatible with the fuel turbopump. During engine 
thrust buildup, the fuel pump operating point must be kept away from the 
stall line throughout the entire start. It is Rocketdyne’s practice to con- 
sider any start during which the stall line is cro.s.sed as a failure even 
though no hardware damage may result. The start sequence which has 
evolved is as follows; 

(1) The main fuel valve is opened to allow a small amount of fuel to 
flow through the pump and thrust chamber to ensure that liquid hydrogen 
is in the pump at the time the spin gases are released. 

(2) The gas spin valve is opened and the fuel pump is accelerated to 
approximately 1 1 000 rpm and the LOX pump to 4500 rpm. 

(3) The main LOX valve opens approximately 14 degrees thus allow- 
ing the LOX dome to be filled and main propellant ignition established. 

(4) The gas generator valves open and engine bootstrapping begins. 

(5) The turbopumps are continuously accelerated and the main LOX 
valve gradually ramps to full open. 

Figure 19 shows a typical engine start superimposed on a Mark 15 fuel 
pump map. The entire length of the line is traversed in about 2j seconds. 
It can be seen that during the spin bottle blowdown the pump moves 
toward the stall line and then loops away from it. Also, when the dome of 
the thrust chamber is primed with LOX and chamber ignition occurs, 
there is another movement toward the stall line. Finally, the movement 
of the main oxidizer valve (MOV) brings the path closer to stall. 


DESIGN CONSIDERATIONS 

The axial pump design process is directed to achieve a configuration 
that will satisfy design requirements and will also operate within the con- 
straints imposed by other components of the turbopump assembly. Thus, 
the pump design cannot be divorced from the design of components such 
as the drive turbine, inducer, bearings, and seals. 

The hydrodynamic design consists of the proper selection of the fluid 
velocity diagrams and the blading. The design must assure the required 
fluid turning with a minimum of pressure losses. Structural adequacy is 
achieved by maintaining the operating stresses within the limits of the 
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Figure 19 . — Pump start transient with J-2 engine. 


materials used. Major areas of coiieerii include fatigue failure's of thi' 
blading and excessive elastic defli'ctions of the housing and rotor as- 
semblies rather than Alajor areas of concern include fatigue failure in 
the blading housing and rotor deflection. 

The dynamic behavior of the turbopump rotor has received attention in 
rocket engine design and development programs. In particular, the 
critical speeds associated with bearing stiffness have resulted in develop- 
ment problems. The use of duplex ball bearings or roller bearings to 
achieve turbopump operation free of shaft critical speeds is the safest 
design policy. 

Stage Hydrodynamic Design 

The procedure used in the hydrodynamic design of axial pumps has 
generally followed axial-flow compressor design practice (ref. 3). The 
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three-dimensional flow problem is ap]iroximated by assuming axisym- 
metric flow. Radial variations in flow are approximati'd from continuity, 
energy addition, and radial equilibrium considerations consistent with the 
axisymmetric flow assumption. Flow losses are estimated from cascade 
data and flow loss correlations, such as those presented in references 
4 and 5. 

The diffusion factor has been used successfully (ref. 3) as a measure of 
blade loading and as a correlation parameter for blade profile loss data. 
For a symmetrical velocity diagram, the diffusion factor (DF) is related 
to the ideal head coefficient, \pi, and flow coefficient, <t>, as follows: 



This relationship is shown graphically in figure 20. Kocketdyne experience 


Figure 20. — Effect of flow coeffi- 
cient on head coefficient for con- 
stant diffusion factor. 
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with six axial-stage designs has indicated that stage stall occurs at a 
diffusion factor value of approximately 0.75. The diffusion factor, how- 
ever, is determined from the vector diagrams rather than th(> blade surface 
velocity distribution which di'terminc's boundary layer growth and 
separation. Consequently, any ndationship betwc'en diffusion factor and 
stall could not apply to all blade' profile type's. Generally spe'aking, he>w- 
ever, the larger the design diffusion facteer, the smaller the stall margin. 

Blade Profiles 

Rese'arch and deve!le)pment of blading fe>r axial-flow compre'ssors has 
produced considerable data on sei-called standard profile's. These include 
the NACA 65-series, British C-series, and doubh'-circular-arc preifiles. 
Nonstandard profile shapes with the maximum thickness move'd beeyond 
the 50-percent chord point may have; reduce'd maximum surface velocity. 
Such shapes have a lower cavitation number and are particularly ad- 
vantageous for high-se)lidity applicatie)iis (re'f. 6). Table' I shows the' prei- 
files and de'sign parame'ters used in the'se feeur pum]i designs. The Mark 9 
and Mark 25 jiumps inceirporated ne)nstandard blading. The' blading was 
designed by an iterative preice'ss in which the' blade surface velocitie's we're' 
computed by the stream filame'iit tlu'eiry discusse'd in refe'rence 3. The' ge'ii- 
eral criterion was that the suction surface' ve'leicity should not exceed 1.2 
times the relative inle't ve'locity. A sample profile' is slmwii in figure 21, 
and its computed surface velex'ity in figure 22. A df'sign incidence angle e>f 
zero was u.sed; the deviatiein angle' was e'stimate'd by the' preece'dure' pre'- 
sented in refere'iice; 3. The A, B, C, and D were' the' demble'-circular-arc- 
type' blading. In ge'iu'ral, the' e'ffeert re'ejuireel te> design the' nonstandard 
profile is de'eme'd to be worthwhile. 
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Table I . — Profile Design Parameters 
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FLOW 


ROTATION 

J 



NUMBER BLADES 

23 


BUDE CHORD (C) 

1.657 

INCHES 

PERCENT THICKNESS 

10.38 


BLADE AREA 

0.2006 

IN. 2 

SECTION MODULUS 

4.830 

X 10-3- IN. 3 

SECTION DIAMETER 

6.230 

INCHES 

MOMENT OF INERTIA 

7.473 

X 10‘4-IN.^ 


Figuuk 21. — Mark rotor blade, huh. 



Figure 22. — Mark 25 blade surface velocity ratio {rotor hub). 
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LIST OF SYMBOLS 

C Blade chord length, inches 

C M Meridional velocity, ft/ sec 

DF Diffusion factor (defined in text) 

Dj{ Hub diameter, inches 

DN Bearing speed parameter, bore diameter (mm) X rotational 
speed (rpm) 

Dt Tip diameter, inches 

g Gravitational constant, ft/sec^ 

AH Pump developed head, ft-lb/lb 

N Pump rotational speed, rpm 

Q Pump volumetric flow, gpm 

s Blade spacing, inches 

Ur Tangential velocity at tip, ft/sec 
<t> Flow coefficient, defined as Cm/ Ut 
a Solidity, defined as C/s 

^ Head coefficient, defined as gAH/ Ur'^ 
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DISCUSSION 


G. K. SEROV Y (Iowa State University) : Reference II is given as the 
source of some of the design procedures used for all of the Rocketdyne 
pumps. It would keep the record clear if some addl'd comments could be 
made about both the velocity diagram computations and the selection 
of blading. 

Were the rotors for these stages all dc'signed for a constant actual or a 
constant ideal head rise along the radius (hub to tip) or was .some other 
variation of energy transfer specified? Is th(' incidi'iice angle defined with 
reference to the bladt' m(>an camber line or with respect to the blade 
suction surface (as in som(' compn'ssor applications)? Did tlu' deviation 
angles estimatt'd include any arbitrary corrections, such as the 
given in reference 3, or were the two-dimensional correlations usc'd without 
correction? Could the authors give the average rotor and stator tip ch'ar- 
ances used, and could they say something about the axial spacings 
between blade rows? 

These questions are asked not in a critical sense, but mainly to get some 
significant data on record. A numbc'r of years ago, many of us in rt'porting 
experimental results on axial-flow compressors failed to give or record 
important design data. As a consequence, the value of the experiiiK'iits 
has been somewhat dimini.shed. The data developi'd in the Rocketdyne 
work should be supported by the most complete design information that 
is possible to obtain. 

L. H. SMITH (GeiK'ral Electric Co.) : I was interested in your commc'nt 
that the hub tip diameter ratio of 0.83 was high ('iiough to be of concern 
to you; whereas, in the axial-flow compressor fit'ld, we go abov(' ?io in our 
rear stages without feeling that we suffi'r a gri'at dc-al in efficiency so 
long as the ratio of clearance to blade height is kept small. You nu'ntioned 
also in your comments that you n>cogniz('d clearance was (piite important, 
and I wondered if you would be good enough to tell us what the clearance 
levels were in these pumps that you had given this data for. One further 
comment: The Alark 25 had very impressive efficiency; it was almost 
90 percent in a flow coefficient that was just over 31o- I looked at the 
photograph of the rotor, and it appears that the stator vanes have shroud 
at their inner diameter; at least there appear to be recesses in the rotor 
drum. Was this, in fact, the case? I presume these were well sealed if 
this was the case. 
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F. GILMAN (Worthington Corp.) : Have yon given any thought to 
the improvement in range? For example, the Westinghouse Company 
vms able to completely suppress the disturbance which came from stall 
in their blowers. This was done by putting a divider between the flow 
which approached the outer tips of the impeller and that which approached 
further in. More recently, Worthington Company has been able to cut 
out the stall on their axial-flow blower by merely putting holes in the 
shroud at the proper places. I think thi're are many waj’S by which the 
stall range of axial-flow machines could be improved. 

HUPPERT AND ROTHE (authors) : The authors agree wholehc'artc'dly 
with IMr. Serovy’s comment that the value of expt'rimental data is en- 
hanced when supported by design information. 

The rotors used in the experimental study were designed for a constant 
ideal head rise from hub to tip. Tlu> IMark 15 inducer, however, had radial 
blade elements, while the Mark 25 inducer is dc'sigm'd for constant head. 
The incidence angle is defined with reference to tin' mean camber angle 
and, for the deviation angle, Carti'r’s rule without corrections was usi'd. 
The IMark 25 pump was designed using Howell's modification of Cartel’s 
rule as presented in reference D-1. 

During the development jihase of the Mark 15 pump, which has a 
hub-to-tip ratio of 0.83 for all seven stages, it was observed that, due to 
tip clearance variations, pump head and (>fficiency varic'd from jiump to 
pump. These variations had to be reduced in order to satisfy th(' engine 
specifications. Therefore, the following procedure was ('stablishc'd: The 
pump was installed in the component test facility which is capable of 
operating at speeds higher than design speed while jiumiiing licpiid 
hydrogen. The tolerances of thi^ rotor, stator, and housing are theoretically 
set such that when running with about 10-percent oversp(>('d the rotor 
blade tips “kiss” the housing. This results in a close clearance under 
design point operating speed conditions, and performance repeatability 
from pump to pump is assured. Taking into account eccentricity, the 
resulting rotor tip running ch'arance tolerances are between 0.0041 and 
0.0196, and the radial stator tip running clearance lic's betwei'ii 0.033 
and 0.0177. Notice that the stator clearance is larger; no “run-in” is 
required to assure performance repeatability, as was confirmed by experi- 
mental studies during which the stator clearance was changed. 

The axial blade spacing was set to 0.07851J ooq following the rotor and 
O.llOOioSjo following the stator. These spacings were set by the de.sirc; 
to obtain the shortest and lighte.st pump. No tests were conducted to 
assess the effect of different spacings. 

The Mark 25 pump has stator shrouds, as correctly observed by Mr. 
Smith. In this case shrouds were used to preclude blade failure due to 
fatigue combined with the relatively high blade hydraulic loading. The 
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clearance betwemi the shrouds and the rotor drum is 0.017io;o!jQ on the 
diameter. The overall efficiency ohtaim'd is 78 percent (fig. 17). This 
efficiency includes volute and axial thrust balance piston losses. 

Later, the Mark 25 was used as the basis for a waterjet jHimp. Since 
the efficiency of this pump was of prime importance for the iilanned 
application, the pump was ri'designed to minimize all ]>arasitic losses; 
the shrouds were removed and a smooth cylindrical rotor drum was usc'd. 
The axial thrust balance jiiston necessary when operating with hydrogen- 
lubricati'd hearings was ('liminated, and oil-lubricated bixirings carrying 
the axial rotor loads were installed. Furtlu'rmore, closely controlh'd seals 
were used to minimize tlu' leakage' losse's, and the volute' was e'liminate'd 
and replaced by a neezzle' which ceenve'rte'd the- inimp pre'.ssure' me'asure'd 
at the last reetor e'xit intei veleecity. The' result e>f the'se change's wees that 
a pe'ak e'fficiency e)f 00 percent me'asure'd at the e'xit e»f the' last roteer was 
reached (fig. 19). i\Ir. Smith pehnte'd eeut that in axial-fleiw ceanjire'sseers, 
a hub-to-tip ratiee eef 0.9 e>r higlu'r is use'el in the re'ar stage's witheiut a sub- 
stantial efficiency leiss as leeng as the clearance'-tei-lilade' height ratiei is 
kej)t small. We agree and the re'sults e>f the wate'rjet immp, which has a 
hub-to-tip ratio eif 0.85, ceinfirm this, ft must, heiweve'r, be' ke'pt in mind 
that, when pumping lieiuiel, all stage's have the same' hub-tei-ti]) ratiee and 
it is rathe'r difficult te> maintain cleese' cle'arances with high-heerse'iieewe'r, 
high-speed pumps whe'ii pumiiing cryeegenie's, as de-meinstrate'd by the' 
('labe)rate preicedure which was useel feir the' Mark 15 iireeeluction. At 
this point, we wemld like te> e'eerre'ct a misunde'rstanding. In all inini]) 
perfeermance graphs in the' pajier the fleiw ceiefficient is re'fe're'iu'e'd te> the' 
pump inlet (that is, tee the' inducer inlet), while the re'pe'ating eixial stage's 
are de'signe'd feir a higher fieew ce)efficient (fig. 4 and fig. 16). 

Figure 4, repre'se'iifing fhe Mark 15 axial stage vector diagram, sheews 
a Fewer flow coefficient than figure 16 which represe'iifs the' i\lark 25. 
The reason feer the se'lectieen of the' lower fleew ceee'fficie'iit is that 12 ye'ars 
ago, when the Mark 15 was designed, we were' cemcerned abeeiit first 
axial stage stateer cavitafieen and the' possibility that high hub-tee-tiii 
ratiees might impair the eebtainable e'fficie'iicy. The'refeere', an asymnu'trical 
vecteer diagram was se'lecte'd with Few stateer ve'leecitie's and a re'lative'ly 
low axial threeugh-flow veleecity to eebtain maximum blade' height. Kxpe'ri- 
e'ncc later sheewed that this ceencern was neet justifie'd, which F'd to the 
design of the Mark 25. 

i\tr. Gilman’s suggestieen tee wide'ti the ope'rating range by suppre'.ssing 
the disturbance generated by pum]! stall is appre'ciaf e'd. The' imiieertance 
eif this idea is especially evident in light e>f the facts illustrate'd in figure 19. 
During eiur e'xperimental studie's, we femnd that the' tip cF'arance was 
critical to stall margin. The smaller the clearance' the greate'r the margin. 
Currently, Rocketdyne is working on impreeve'me'iit in range for multi- 
stage axial pumps with ceinstant blade height on a research basis. The 
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results of the hrst tests are encouraging, but not yet conclusive, and it is 
too early to comment on these results at this time. 

To date, axial pumps for rocket engine application have oidy been used 
M’hen pumjiing liquid hydrogen. They cannot be recommended for liquid 
oxygen, since any rubbing of rotating members against stationary parts 
has to be avoided; hence, the rotor tip clearances have to be relatively 
large, resulting in a corresponding loss in efficiency. 

When comparing design features and test results of cryogenic rocket 
engine pumps with compressors, it must be kept in mind that the power 
concentration of rocket pumps (ratio of densities of the fluid to be 
pumped) is considerably higher. AnothiT diff(>renc(' lies in the fact that 
the bearings are always “lubricated” with th(> fluid to be pumped. To 
obtain sufficient bearing life, it is nece.ssary to balance the axial rotor 
thrust with a balance piston, which results in additional efficiency lo.sses. 
The overall rocket engine pump efficiencii's will, therefore, always be 
bi'low the values normally obtainable in commercial applications. 

Figure 7 shows the two-phase flow test n'sults of the Mark 15 hydrogen 
pump. When compared to the vapor swallowing capability of the Mark 25, 
which was tested at NIIDS, th(> Mark 15 shows a relatively low two-phase 
flow capability. The rea.son is that tlu> bearing coolant flow in the Mark 
15 design is returned to the pump inlet (fig. 2) where it enters in gaseous 
form, thus reducing the capability of ]nimping additional gas. The test 
of the Mark 25 at XRDS used a separate system for the bearing coolant 
flow. 

Any rocket engine optimization study confronts the designer with the 
question of which pump type — axial or centrifugal — should be si'lected. 
The simplicity of the housing structure and the high efficiency obtainable 
with an axial pump are attractive features. 

The waterjet pump for a captured air bubble boat is a perfect example 
for an axial pump application since high efficiency, moderate jiressure, 
and minimum diameter are required. A gas generator cycle rocket engine, 
however, is not sensitive to efficiency. The pump type selection, theri'fore, 
has to be based more on packaging, weight, and cost considerations. In 
general, the axial pump is the preferable sidution for a single operating 
point hydrogen pump design with moderate di.scharge pressures and high 
efficiency requirements. The centrifugal punq) is the preferable solution 
for all engine applications requiring throttling. An exception to this general 
rule is the single operating point high pressure preburner cycle engine. 
Pump discharge pressures on the order of 7000 psi combined with maxi- 
mum efficiency represent the optimum solution. To supply 7000 psi, the 
axial pump becomes very long, having many stages. Controlling the tip 
clearance becomes a problem (as well as performance repeatability from 
pump to pump) which in turn results in an efficiency loss. The compact- 
ness of the centrifugal pump and the insensitivity to clearance changes 
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when shrouded impellers are used makes this pump the superior solution. 

In conclusion, the authors ivish to thank the discussers for their con- 
sideration and thoughtful comments which form an appreciated supple- 
ment to the paper. 
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Centrifugal Pumps for Rocket Engines 

W. E. Campbell and J. Farquhar 

NERVA Rocket Operations^ 

Aerojet Nuclear Systems Company 


The use of centrifugal pumps for rocket engines is descril>ed in 
terms of general requirements of operational and planned systems. 
Hydrodynamic and mechanical design considerations and techniques 
and test procedures are summarized. Some of the pump development 
experiences, in terms of both problems and solutions, are highlighted. 


The centrifugal pump has been an important element of the history of 
pump-fed liquid propellant rocket engines. The use of this typo of pump 
is the resultant of its relative simplicity and reliability, wide operating 
flow range, and adequate performance. Additionally, at the outset of the 
rocket program, centrifugal pumping system experience was available 
from the commercial pumping industry. 

Successful development of centrifugal pumping systems, however, has 
not been without some dramatic problems. These problems have been 
due mostly to the difficult application parameters, such as 

( 1 ) A wide variety of design requirements — flow rate, head rise, and 
fluid characteristics 

(2) The importance of very low suction pressure 

(3) The importance of high efficiency while achieving high stage 
head rise 

(4) The effects of unknown or difficult-to-handle cryogenic, corrosive, 
and low-density pumping fluids 

(5) Very rapid start, shutdown, and flow change transients 


'The Nuclear Engine for Rocket Vehicle Application Program (NERVA) is ad- 
ministered by the Space Nuclear Propulsion Office, a joint office of the U.S. Atomic 
Energy Commission and the National Aeronautics and Space Administration. Aerojet- 
General Corporation, as prime contractor for the engine system, and Westinghouse 
Electric Corporation, as subcontractor for the nuclear subsystem, are developing a 
nuclear propulsion system for deep space travel. 
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The solutions of these problems resulted in improved analytical tech- 
niques for hydrodynamic and mechanical design, a partial understanding 
of such hydrodynamic inechanical interactions as axial thrust and blade 
stresses, new and interesting fabrication and materials technology, and 
effective development test techniques. 

The intent of this paper is to orient the reader to the giTieral require- 
ments for, and experienee gained from, roeket engine jnimps already 
operational and currently being designed ; to summarizi' the hydrodynamic 
and mechanical design considerations and teehnicpies and test procedures 
employed; and to highlight the development experience in terms of both 
problems and solutions. 

Primary emphasis centers on the jnimps designed and developed by 
Aerojet-General Corporation, but the general discu.ssions of reiiuirements, 
sizes, materials, and fabrication methods refl(>ct the experience of other 
companies as known by the authors. 


GENERAL REQUIREMENTS 
Flow Rate and Variations 

Rocket engine centrifugal jnimps have b(>en developed for flow rates 
as low as 10 gpm and as high as 25 000 gpm, with tlu* pn']iond<'rance of 
systc'ms operating in th(> 1000 10 000 giim rang(>. Earlier ballistic mi.ssih's, 
being essentially fixc'd thrust systems, requiri'd a fiow-coeffieii'iit range 
up to only ±10 pcTcent; .somi' space vehicle systems nec'd a thrust vari- 
ation (throttling) of 10:1, while others have to di'velop a ‘’pumii-out” 
capability (the ability to continue to deliver full ('iigine flow for full 
thrust engine opi'ration after a failuri' of on(> of the two jiarailel turbo- 
pumps) . d’hese re<iuirements n'sult in a flow-coefficient- shift of 65 percent 
for the throttling case and 2:1 for the pump-out casix Table I summarizes 
the important parametc'rs of the pumps utilized in some well-known 
rocket engines. 

Head or Pressure Rise ami \ ariatioiis 

Head or pressure requin'UK'nts likc'wise vary considerably; very large 
head rises are required for low-density liquid hydrogen. Rocket pumjis 
have been built for pressure rises ranging from 700 ])si to about 5000-6000 
psi; corresponding head-rise values of 1500 to 12 000 ft for conventional 
density fluids and 20 000 to nearly 200 000 ft for hydrogcai are seen in 
these applications. The earlier ballistic mi.ssiles reipiired small variations 


2 Defined at end of paper. 
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of pressure — only enough to cover engine tolerance effects, say ±10 
percent; the more recent throttleable systems rcquir<> a deliveo'd jin-ssure 
variation of 10:1. 

Specific Speed 

Specific speeds for the pumps in operating systems have rangt'd from 
500 to 2000 (r[)m, gpm, ft units) ; the majority lie between 600 and 1500. 
These unfavorably low vahu's are dictati'd by high lu-ad rise, low suction 
pressure speed limits, and mechanical speed limits of tlu' drive system. 

NPSH/NPSP 

A tank NPSH (net positive suction head) of zito (i.e., the ability to 
pump saturated fluid at the inlet to the i)um]i suction line) is b('coming a 
popular criterion for liquid hydrogen systems and has been demon.strated 
with inducers adaptable to centrifugal pumps. For other fluids such as 
liquid oxygen, kerosene, and the storable propellants, XPSH values have 
ranged from 20 ft to 130 ft for current systems. Conventional suction 
specific speeds being achieved with acceptably low cavitating head lo.sses 
(2 percent or less) are about 35 000 (rpm, gpm, ft units). 

Fluids 

A fairly large variety of conventional and unconventional propellants 
and testing fluids have been handled, as summarizi'd in table II. 

Duration/Number of Starts 

The duration or life required of rocket pumps is low: ballistic-missile 
pumps operate for 2 to 5 minutes; space vehicular inimps for 1 to 10 
minutes. Newer applications, such as the nuclear and chemical space 
shuttles, may reciuire multimi.ssion usage cycles up to 20 minutes in 
duration for a usable life of 10 hours. The number of operational cycles 
has varied from 1 to current requirements of perhaps 100. Te.sting has 
typically been conducted on several multiples of these operating times, 
but the accrual of more than a few hours operating time on a single unit 
has been rare. 

DESIGN CONSIDERATIONS AND TECHNIQL ES 
Types of Systems 

Various pump and drive arrangements have been used and are being 
portrayed in conceptual designs of new systems. The drive systems for 
the main propellant pumps have been limited exclusively to gas turbines. 



Tahle I . — Summary of Character klics — Typical Rocket Engine Pumps 
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Taiiijo II. Summary of Typical Pumping Fluids 


Fluid 

Symbol 

Specific 

grayity 

Tempera- 
ture, °F 

Character 

Liquid oxygen - - - 

LO 2 

1 .1.') 

-297 

Corrosiye, explosiye.. 

Liquid hydrogen 

LHj 

0.07 

-423 

Cryogenic, low 

density 

Kero.sene _ 

RP-1 

0.80 

70 

Easy to handle 

Nitrogen tetroxide. . 

Aerozyne-.W 

NbO, 

1 .4.0 

70 

Toxic, corrosive . . 

(3^ U!)MH/3<) hydrazine).. 

A-.oO 

O.fiO 

70 

Toxic. 

Liquid nitrogen . 

LX 2 

o.so 

-320 

Cryogenic, easy to 
handle (substitute 
test fluid). 

Water . 

II. 2 O 

1 .0 

70 

Substitute test fluid . . 


Tho pump rotors aro suiiportcd on shafts carried on rolling-element 
bf'arings cook'd by pro])ellant or lubricati'd by spi'eially supplied oil. 
Figures la tbrougb 1(> illustrate the typical jnimp and drive arrangements. 

bbarly configurations were typific'd by singk'-stag(' inimps running at 
suetion-pressure-limited s])eed.s, with one or both propellant pumps drivc'u 
in parallel through a speed n'dueing gc'arbox by a common turbiiK! 
(Titan I, Atlas, Thor, Titan II). The first operational bydrf)gen oxygi'ii 
engine, IlL-10 (used on C('iitaur), employc'd a two-stage direet-drivc'ii 
bydrogc'n pump and an LOo ])ump gear driven by tin' sanu' turbine. This 
system also employed rc'mote (tank mounted) eleetric-motor-driven boost 
pumps. The F-1 engines for Saturn IC utilize in-line low-spec'd (6000 
rpm) single-stage, suction-pressuri'-limited kerosene and LO 2 pumps 
direct driven by a common turbine' on a singk' shaft. ,J~2 and M-1 
(200 000-lb and 1 .aOO 000-lb thrust hydrogi'ii, oxygen engine's) intreiduce'd 
the separate direct-drive pump concept for each propellant. In these 
engines, the high-spe'ed hydroge'ii ]nimp and the lower-sjie'e'd oxygen 
pump were each driven at me)de‘rate' spe'e'd. An updati'd vc'rsion eif the 
.1-2 engine utilizes a hydrogen pump with a very high-wejrk axial stage in 
series with a single centrifugal stage' to dc'liver a pre.ssure rise of 2000 psi. 

Curre'iit conceptual designs for high thrust chamlx'r pn'ssure space 
shuttle engines utilize boost jiumps (low-speed induei'rs) to allow main 
inimp speeds in the range of 00 000 to 40 000 rpm at low XPSH, while 
utilizing two or three stages to delive'r a total pump jiressure of 6000 psi. 
Current NERVA conceptual designs employ a two-stage centrifugal 
pump of approximately 30000 rpm, operating at ultralow NPSP (0-2 
psi). This pump will require a flow rate change of nearly 2: 1 at constant 
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pressure rise and high efficiency to provide pump-out capability to the 
engine, which incorporates two pumping systems in parallel. 



Figure la. — Cear-hox-driveit syntcm: both ptimps gcar-drircn {Tilan II). 


OXIDIZER PUMP 



Figure lb. — Gear-box-driren system: one pump direct-driven (Titan II). 
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Figure 2, — Specific speed as a function of inlet flow coefficient. 


The cryogenic fluids, particularly hydrogen, exhibit a “sub-cooling” 
effect, with the fluid having a lower effective vapor pressure because of 
cooling as the fluid is accelerated and vaporized in the blade jiassages. 
With liquid hydrogen, it is possible to ojierate without significant pi'r- 
forinancc loss while ingesting two-phase flow with up to 15 percent vapor 
volume at the pump inlet. The extent of the subcooling effect appi'ars 
to be limited by heat transfer from the bulk liquid to the vapor cavity 
on the blade surface. The inimp speeds that are obtainable with hydrogen 
are apparently limited by sonic or “choking” flow considerations. Recent 
test results (ref. 2) indicate that with boiling hydrogen (zero quality) 
in a tank at 41°R, jHimp A'(Q)'^- values of 2.1 X 10® are possible, pro- 
vided a close-coupled, low-loss inlet system is usi'd. At higher temper- 
atures, higher speeds can be achieved because of additional fluid sub- 
cooling effect; conversely, lower temperatures require lower speeds. 
Liquid oxygen and the multi-component, mineral-base fuels (RP-1 and 
similar fuels), while not cryogenic, exhibit the same characteristics to a 
much lesser extent. 
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Pump Efficiency 

Figure 3 shows typical design efficiency curves for rocket pumps as a 
function of stage specific speed and impeller size. Impeller size has been 
used rather than volumetric flow rate (as in the Worthington “experience” 
curves, ref. 3) because efficiency appears to be dependent on size for 
rocket pumps and because the higher values of rocket pumps 

result in smaller sizes than for a typical fixed-station pump of comparable 
flow rate. The inferior rocket pump efficiencies, particularly at the higher 
specific speeds, are attributed to the higher suction specific spe(>ds and 
relatively large inlet diameters (poor geometry) of rocket-pump impellers. 

Configuration Selection and Special Design Considerations 

No basically new pump configurations have been used for rocket-pump 
design. Differences from fixed-station pumps have g(‘uerally been more 
apparent in the values of design parameters used, due to the special 
considerations of the application, such as drive system and envelope 
limits, and ducting arrangements. 

The major types of impeller and housing concepts used for commercial 
systems have all found use in rocket-pump applications, including the 



Figure 3. — Efficiency as a function of stage specific speed. 
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double shrouded impeller, the open impeller, the diffusion housing and 
the single volute, the double volute, and volute housings with various 
internal guide vane and splitter arrangements. Radial- and axial-flow 
inlet housings have been used, as well as the elbow and divided flow (or 
“baby pants”) types of radial-flow inlet housings. The only multistage 
concepts have been for hydrogen applications. The Centaur (RL-10) 
pump is an example, the two stages being mounted with the impellers 
back-to-back with volute housings and an external, interstage crossover 
pipe. 

The type of impeller and housing have often been “designer’s choice” 
because the relative merits of each from a hydrodynamic or mechanical 
standpoint have not been firmly established and probably will not be in 
the near future. Based on one-dimensional analysis, it would appear that 
the open impeller is more efficient at the lower specific speeds, while the 
shrouded impeller is more efficient at the higher specific speeds. The same 
can be said of diffusion housings or vaneless volute housings (especially 
the double-discharge t.ype) when compared to volute housings with 
internal guide vanes and impeller backvanes compared to wear rings or 
labyrinths. 

Mechanical-design choices also are not clearly defined. A major problem 
area with the high-head-rise hydrogen stage is centrifugal stress in the 
high-tip-speed impeller. The open impeller has advantages over the 
shrouded impeller from a fabrication and stress standpoint, but the 
specific value of stage head rise at which the shrouded type can no longer 
be used is not easily defined. A choice the designer faces in the use of 
vancd housings is whether to let the vanes carry a significant portion of 
the separating force or to have a stiffer outer wall support the loads. 
The design with load-carrying vanes is lighter ; however, the stress concen- 
trations in the region of the vanes and the housing tongue are not easily 
defined for such a complex structure, and consequences of a miscalculation 
can be serious. 

Hydrodynamic Design 

Impeller /inducer. Conventional pump design practice has been used 
as the primary design technique. The one major exception is the use of 
empirically derived criteria such as that of figure 2 to select inlet geometry. 
Inducer concepts in which the blading is continuous with the main im- 
peller, as well as concepts with separate blading incorporating a gap 
between the inducer and impeller, have been used. The separate-blading 
type exhibits better performance at higher suction specific speeds. 

One-dimensional techniques are used for the flow analysis, except for 
the use of axisymmetric stream-filament solutions for the flow in the 
impeller to position the shrouds or design the through-flow profile. The 
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results of such calculations arc also used to estimate the blade surface 
velocity distributions, making simple assumptions for the blade-to-blade 
velocity distribution. 

The selection of the impeller exit geometry is also based primarily on 
empirical data such as figure 4, which shows representative values of 
impeller head coefficient, ^ = A/// as a function of specific spec'd at 
the best efficiency point. 

The “area-moment” method or cascade solutions (as originally pro- 
posed by Stodola, (ref. 4) are used to estimate impeller exit-flow deviation 
effects. The “ruh'-of-thumb” that the numbc'r of impeller vanes is one- 
third of the discharge blade angle has been applied with fair succe.ss for 
rocket-pump impellers, at least at the impeller discharge. The relatively 
low inlet blade angles dictated by .suction performance requinanents 
result in a small number of blades at the inlet. The use of partial or 
splitter blades, starting one-third to three-fourths through the impeller, 
provides proper solidity to the high-head generation ri'gion. To simplify 



Figure 4. — Stage head coeffi.cient as a function of stage specific speed. 
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machining of impellers, “straight-element” type blades are primarily 
used so that side-milling may be employed. 

To calculate leakage through wear rings and labyrinths, methods de- 
veloped for steam and gas turbines are used. For open impellers, empirical 
test data (such as that of fig. o) are used to estimate the effects of clear- 
ance on pump head rise and efficiency. Figure 6 indicates the types of 
open impeller clearances used for rocket pumps as a function of specific 
speed. 

Housing. One-dimensional analyses are also employed for housing 
design. Figure 7 shows some of the ex]ierience in terms of housing-base- 
circledmpeller-discharge-diameter ratio as a function of specific speed, 
with values of housing and diffu.ser-throat-velocity base-circle-velocity 
ratio shown in figure 8. 

For some very low specific-speed applications, very small volute and 
diffuser angles have been used, with the absolute flow angle of th(> base 
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Figure 5. — Head rise and efficiency as functions of clearance to blade-height ratio. 
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Figuke 6 . — Clearance lo blade-heiyhl ratio as a function of stage specific speed. 


circle as low as 4 or 5 degree's. Diffuser vane syste'ins with inlet angles 
as low as 6 degrees have been used. 

Both the cascade and channel flow aiijiroaches have been used for 
vane system design. For the very-low-angle vane systems, the inlet 
portions of the vane have a mean camber line which is close to a log 
spiral. This is the counterpart of the constant lead helical blade in an 
axial-flow system, and similar fluid-incidence vane-angle relationships 
seem to apply at the minimum loss, with the minimum loss incidence 
angle about 40 percent of the vane angle. 

Vane proportions have usually followed values given by Stepanoff 
(ref. 3) for chord length to spacing. With the increasing use of fabricated 
housings and higher strength materials, and since chord length has also 
been governed in many cases by structural considerations, it can be 
expected that somewhat shorter chord lengths and larger members of 
vanes may be used in the future. 

Precliclion of performance. One-dimensional methods supplemented with 
empirical data are usually used for off-design performance estimates. 
Simple approximations can be made of the off-design losses through 



THROAT/BASE CIRCLE 
VELOCITY RATIO 


670 PUMPING MACHINERY FOR AEROSPACE APPLICATIONS 



Figure 7. — Housing/impeller diameter ratios versus stage specific speed. 



Figure 8. — Housing velocity ratio versus impeller flow angle. 
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blado rows, such as the assumption that losses are equal to the vc'locity- 
head difference between the off-design and th(> design inlet tangential 
velocity components. 

With the advent of throttleable engine aiijilications and redundant 
(two-pump) feed systems, more accurate jiredictions of the slopi' of the 
head-flow curve and the location of th(> gross flow separation jioint are 
required to ensure fluid-dynamic stability, d’he cascade-analysis approach 
appears to be more accurate' than the channel-flow technique. For low- 
angle diffuser vanes, it has been found that the gross si'paration ])oint 
occurs at fluid-incidence/vane-angle ratios similar to tlu' corresponding 
point for the constant-lead-ht'lix axial-flow blade; i.e., a fluid-incide'iice 
angle approximately 60 percent of tlu' blade angle. 

Axial and radial thrust. Procedures for estimating axial and radial 
thrust forces follow those use-d for fixed-station jiunips. Singh'-discharge, 
double volutes with long internal splitters have been usc'd to minimize 
radial thrust forces. 

The most accurate method of estimating axial thrust has been to use 
local head-coefheient distributions as obtaiiu'd for similar designs. For 
the higher-speed hydrogen-pump designs, it has been lu'cessary to use 
single or double acting axial-clearance-compi'iisating thrust pistons or 
discs bi'cause of the relatively low axial load cajiacity of the high-speed 
liquid-hydrogen cooled bearings. As ]ium]i speeds increase, it may bo 
necessary to use such balancers for the lower-speed dense-propellant 
pumps. 

Mechanical Design 

Structural factors of safetij. Since minimum weight is a prime dc'sign 
objective, the mechanical design of rocket pumps is based upon small 
structural factors of safety. The factors currently being used with the 
available analytical techniques are in tlii' range' of 1.10 to 1.20 for ti'iisile 
yield strength and 1.2 to l.’> for ultimate tensile strength, applied at a 
speed and associated pressure about 10 percent above the maximum 
speed to be expected in engine operation. This allows transient excursions 
and some adjustment in engine requirements. 

Methods of anahjsis. The burst speed margin of the impeller disc, 
deflections of the disc and blade as they affect fits and clearances, blade 
stresses (including pressure, vibratory, and thi'rmal loads), and housing 
stresses are the principal structural limits. Disc and housing stresses are 
calculated using finite clement techniciues on tin' digital computi'r. The 
analysis includes the magnitude and distribution (nonuniformity) of 
material strength and ductility and accounts for pressure, thermal, 
centrifugal or rotational (impeller), and flange (housing) loads, as well 
as stress concentrations. The criteria are acceptable tangential impeller 
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strpsscs, acceptable deflections in the imjieller and housing, and adequate 
safety margins on yield or ultimate strengths in the housing. 

Blade stresses are calculatc'd based upon centrifugal and steady-state 
pressure loads, cyclic pressure loads, and the effect of operation close to 
blade natural frecpiencies. Structural adeipiacy is determined by a com- 
parison of calculated stresses with the allowable envelope of the modified 
Goodman diagram, which indicates combinations of mean and alternating 
stress for a given cyclic life and material. 

Materials and fabrication techniques. Low-tip-speed impellers (<1000 
ft/sec) are usually cast or machined (cam-generated or pattern-dupli- 
cated) from aluminum (d.'iG, Tens oO, 707o, 7079) or corrosion-resistant 
allo 3 ’s (IMoiiel, K-Monel). 

ImpelliTS for high-tip-speed applications (hydrogen pumps) are ma- 
chined from high-strength forged material, usuall.v alpha titanium (o 
A1-2.0 Sn, ELI) . Figuri's 9 and 10 illustrate tj'pical unshroudi'd, machined 
impellers. 



Figure 9. — Typical nnshrouded LH^ pump impeller (XERVA I). 
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Figure 10 . — Typical conventional density propellant impellers {Titan II). 


Shrouds have been used on both th(> cast and macliined configurations; 
in the latter, the shrouds are integral with the blades and are machined 
from both the inlet and exit ends by use of milling cutters or the EDM 
(electrical discharge machining) process. 

Operating and burst tip speeds of at least 2000 ft 'sec have been 
achieved with high-strength forged alloys. The ratio of strength to density 
favors titanium over the higher-strength Inconel and the lighter-density 
aluminum. 

Housings are fabricated in two basic forms, eitliiT as castings or as 
weldments of formed elements. Both of these methods have been used 
for housings with and without diffuser vanes. Th(> common materials 
include aluminum (Alloys 356 or Tens .50) and 300-series stainless .steel 
for castings; and 300-series stainless. Inconel 718, and alpha titanium 
(o A1-2..5 Sn) for the welded /wrought construction. The need to retain 
ductility for stre.ss redistribution is an important factor, particularly in 
the cryogenic applications. The high-jiressure systems are currently 
utilizing the high-strength alloys to reduce weight. Figures 11 and 12 
illustrate typical housings. 

Weight. The weight of rocket pumjis is difficult to correlate because 
of a variety of design approaches and applications; since pump weight 
alone is not particularly meaningful, only turbopump weights are readily 
available. The effects of pump-shaft torque requirements on turbopump 
weight are shown in figure 13. The data tend to fall on a single line, 
regardless of whether the turbine is driving one or two pumps. The 
exceptions are the hydrogen pumps, which have significantly less weight 
for a given shaft torque. 
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TURBINE SHAFT TORQUE, FT-LB 

Figure 13 . — Turbopmnp weight as afunriion of turbine torque. 


TESTING AND DEVELOPMENT PROCEDURES 

The development of roeket engine pumps has been somewhat equally 
concentrated between improvements of performance and mechanical 
integrity. Earlier systems favored achievement of safe operation over 
refined performance. However, the desire for better performance achieved 
equal status in later systems, once mechanical-design solutions were 
evolved for the earlier mechanical problems such as explosions, pump 
rubs, excessive axial and radial thrust, and impeller and housing failures. 
A new cycle of mechanical integrity emphasis may now be imminent 
with the advent of the long-duration, high-pressure cryogenic systems 
with stringent reliability requirements. 

In contrast to the commercial pump application, rocket engine pumps 
are rarely an adaptation of an existing design due to significant changes 
in requirements from system to system. Because of this, all such pumps 
have required a development program. This data accrual/design adjust- 
ment cycle utilizes data from three sources: (1) eomponent (pump only) 
tests, usually electric-motor driven at full or partial speed, with actual or 
substitute fluids (e.g., water or air) ; (2) turbopump (turbine-driven 
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pump) tests at full speed, using actual or substitute fluids (water, liquid 
nitrogen) ; and (3) engine tests, at full speed with actual fluids. 

The pump tests are usuall.y of long duration and are us(>d for mapping 
and wide off-design excursions without speed transient effects. Head rise 
and efllcienc}' are derived as functions of flow rate and NPSH for a variety 
of speeds from parameters recorded at 1 to l.'iOO samples per second by an 
analog-to-digital measuring-recording .system. Measurements are also 
made of axial thrust and shaft axial and radial displacement, as well as 



Fioure 14 . — Typical turbopump test installation. 
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velocity surveys, high-frequency pressure-oscillation surveys, and vi- 
bration monitoring. The output of this testing, during which approxi- 
mately 50 to 100 parameters are typically measured, is a sot of pump 
performance characteristic maps and a description of operating behavior. 

Turbopump tests, utilizing 100 to 250 measurements, confirm per- 
formance over a more limited range of operation. This type of testing 
concentrates on transient behavior, verifies structural integrity, and 
acquires operating environment data under the more severe conditions 
imposed by the turbopump to support additional design analysis. Figure 
14 shows a typical turbopump test installation. 

Engine ground and flight tests further confirm performance, but pri- 
marily confirm or adjust start and shutdown transient effects and en- 
vironmental data, such as stage or gimbaling induced pump inlet velocity 
distortion, stage-coupled structural oscillation (POGO) effects, and mal- 
function shutdown flow and speed excursions. 

Most of the testing, other than that done at the pump level, is con- 
sidered behavioral interaction testing, and serves jirimarily to identify 
those areas requiring additional analysis, design refinement, or additional 
testing. These behavioral/interaction effects have significant impact on 
pump reliability, affecting both performance and meehanical integrity. 
Since the effects are often subtle and difficult to attack analytically, a 
large portion of the total testing effort is devoted to understanding these 
effects. 

Structural testing is used to a lesser degree, but serves to further the 
understanding of part behavior under a simulation of imposed o|)(>rating 
conditions. The more important structural tests are (1) housing (casing) 
pressure-integrity hydro-tests to confirm that burst jiressure is adeiiuately 
high and pressure-induced distortions are acceptable; (2) impeller-blade 
vibration survey tests to verify that resonant freipiencies which would 
produce vibratory stress failures lie outside opc'rating regions; and (3) 
impeller or disc spin tests to verify the structural adequacy of the impeller 
under the required operating tip spi'cds. 


DEVELOPMENT EXPERIENCE HIGHLIGHTS 
Problems 

Most rocket pump programs have suffered their share of problems, 
including such vivid early experiences as LO 2 pump explosions and fires. 
Causes were usually found to be either contamination or severe rubbing 
resulting in sufficient heat to actually ignite the material, as illustrated 
by figure 15, an example of the results. Light rubs of the impeller in the 
housing, caused by shaft deflection due to combined radial and axial 
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Figpuk 15 . — Results of LO 2 pomp fire. 


thrust, wore noncatastrophic but frustrating because of the explosion 
potential. 

Structural failures of housings and impellers have occurred. These 
have most often been im])('ller-blade fatigue failures, usually of blade 
corners or tips (fig. 16 shows failure and secondary damage), and housing 
vane or tongue cracks at the leading or trailing edge. Housing failures were 
usually due to high local stress in the load-carrying tongue or vanes, 
together with low ductility and low strength of the cast material (fig. 17) . 
The impeller failures have been attributed to operation at or near blade 
re.sonance and to the low stress redistribution capability of the compara- 
tively low ductility aluminum material. The already low ductility was 
exaggerated by exposure to cryogenic temperatures in some of the systems. 
“Contamination” has also caused failures, as shown in figure 18. 

A very impressive problem in a mechanical sense has been axial (end) 
thrust, particularly on large or high-pressure pumps. The jiroblem rises 
from an inability to predict the magnitude of the .small difference of the 
two very large pressure forces of the front and back faces of the impeller. 
Even with pressure survey data, errors of a few percent result in intoler- 
able variations in net forces. Unbalanced forces of several thousand 
pounds have been observed on initial tests. 
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Figukk 16. — Typical impeller blade failure. 


Performance deficiencies occurred in head rise, efficiency, and low 
NPSH capability. Tin; first two were the results of poor estimates and 
data scaling, together with improper accounting for the effects of gc'iierous 
clearances used to preclude rubs. Additionally, losses in the high-rate-of- 
diffusion impeller passages have been a reason for performance disappoint- 
ments. Suction performance dehciencies occurred when pumps were 
operated at design (and more often at off-design) inlet flow coefficients. 
Mismatches of the engine operating conditions and pump performance 
(due to changes in both compared to initial design point a.ssumptions) 
caused operation at deviations from the best efficiency point or bi'st inlet 
flow coefficient. 

The rapid start and shutdown transients (varving from 0.5 to d seconds 
from application of power to full speed) have caused transiimt axial and 



Figure 17 , — Pump housing rupture during cryogenic lest. 

radial hydrodynamic loads and off-dcsign fluid blade loadings, resulting 
in overstress and .shaft di'flections and rub.s. 

Difficulties have been experienced with cryogenic pumps in main- 
taining ])roper fits and clearances due to the large change in absolute 
and relative dimensions between ambient fabrication assembly ti'mjier- 
ature and an operating temiierature perhaps 500° R lower. Thesi' change's 
of several thousandths of an inch require detailed analysis when critical 
fits or clearances are selected, particularly for the transient jv'riod be- 
tween ambient ecpiilibrium and uniform operating temperature. Even 
the data scatter in thi^ coefficient of thermal contraction has causc'd the 
variation of pilot diameti'r fits to be unacceptable. 

Cavitation damage has not been a problem on operational jnimps due 
to the short operating cycles. Some damage has been observed on both 
aluminum impeller blades and housing vanes; this damage has become 
excessive on test pumps which have been run longer than flight duration, 
but damage of this sort has not been observed in hydrogen pumps. Pre- 
vention of cavitation damage will be a serious consideration in the design 
"^of the currently envisioned 10-hour duty C 3 'cle systems. 

During flight tests of several missiles and vehicles, conditions of longi- 
tudinal oscillation of the entire vehicles were observed. This phenomenon, 
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Figure 18 . — Results of test stand contamination. 


called POGO, is felt to be caused by a coupling of the fluid t hrust system 
with the structural frequency of the engine and vehicle. One of the 
parameters in this loop is pump “gain.” Significant efforts were devoted 
to trying to improve suction performance (in terms of slope of the head 
rise versus NPSH characteristic of the pump). 

Embrittlement (loss of ductility) of some materials (titanium 5 Al- 
2.5 Sn ELI and Inconel 718) has been recently observed in the presence 
of high-pressure hydrogen. This problem is not thoroughly understood 
but is causing concern for the highly stressed applications. 

Improvements 

In spite of these disappointments, successful pumps were evolved 
through a series of test-fail-fix steps and improvements in anal 3 ‘sis and 
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design teclmiquos. When the change in difficultj' of new applications did 
not outdistance the improvement in state-of-the-art or design capability, 
progress was evident. 

Explosions and fires are essentially unknown in current operational 
L0-2 pumps. This advance has largely been the result of tremendous 
attention to cleanliness control; elimination of severe rubs with more 
rugged designs and the use of compatible and non-heat-generating ma- 
terials for close clearance elements, such as wear rings, have also led to 
successful solutions. 

Structural failures still persist. An adequate understanding of both 
disc and housing structural-analysis methods has been achieved largely 
because of the use of analytical (including finite element) techniques 
correlated with e.xperimental data u.sing strain gage and burst test infor- 
mation. However, blades are still a problem due to both hydrodynamic 
and vibratory loading. Impeller blades are virtually impossible to analyze 
for vibratory stresses; hydrodynamic forces are difficult to predict, and 
the complex blade geometry precludes translating this into a meaningful 
stress value. Rules of thumb based upon “this one failed — that one 
didn’t” have been used for sizing, followed by blade shake tests and 
pumping tests for confirmation. Changes in environment, such as engine 
or turbopump testing versus pump testing, still cause surprise failures on 
seemingly succe.ssful configurations. However, a recently com]ilet(‘d pro- 
gram (ref. .5) may furnish a tangible solution. 

The lesson of low ductility has been well learned, both for housings 
and impellers; however, the attraction of high yield and ultimate strengths 
still presents a tradeoff for the use of marginal ductility (elongation be- 
tween 3 percent and 10 percent). Fracture-mechanics stress-analysis 
techniques which treat brittle or flaw-containing material are beginning 
to be employed. Improvements in material fabrication methods have 
been noteworthy. Forgings have been produced with virtually consistent 
strength in all directions (no directional grain effects) or with controlled 
flow lines. Heat treatment intermediate through th(' machining process 
has been employed to increase strength and ductility. Aluminum castings 
have been much improved in quality; strength and ductility have been 
bettered due to careful impurity control and elaborate chilling approaches, 
together with the use of nondestructive and tensile tests for process 
development and control. Surface finish has been dramatically improved 
(fini.shes of 63 rms ar<> now available) by the use of sIk'II and plastic coring 
techniques. Welding methods (particularly electron beam) have allowed 
the use of both high-strength alloys (Inconel and titanium) and high 
stress levels, together with weight optimized shapes, in fabricated housings. 

Axial and radial thrust are still problems, particularly in high-pressure 
systems. The axial thrust problem has become more understandable due 
to the accrual of test data on the pressure-area forces (measurements of 
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pressure across front and liack fac('s) and th(‘ md shaft thrust (forc(‘ 
measuring sleeves in the shaft support syst(Tii). TIk' teehniciue of wear 
ring diameter adjustment has hc'en well known; hack-vane trimming 
based upon backside vane performance (including cavitation) is reason- 
ably well understood. Most new hydrogen puni]is have abandoiu'd thrust 
bearings in favor of thrust balanciTS. 

Radial thrust remains unpredictable, ]iarticularly at wide off-design 
flow rates. The use of diffuser or dual ('xit housings has reduci'd the 
effect. For very close-clearance systems, pri'ssure survey's from which 
symmetry and radial force' can be inferred are usc'ful as a devc'lopment 
technique. 

Performance improvements have been realize'd jirimarily in tlu' ability 
to pump at low NPSH values. This has b(‘(>n most obvious in hydrogen 
])umps and is due not so much to particular design improvements as to 
the realization of the beiu'ficial tlu'rmodynamic character of hydrogen 
and its somewhat homogeiu'ous nature' whe'ii beeiling. Rafiees ejf Xl’SH 
te> inh't axial veleecity he'ad eef 1.0 feer hydreege'ii pumps and 3.0 for ehhe'r 
fluids are ejeemmon performance' achie've'me'iits. Heewe've'r, this e'ntire' subject 
is the scope of othe'r pajie'rs and is too ceemplex te> be preejee'rly discussed 
here'. The reductieen of jiarasitic and h'akage' fleews, the' re'ductieen e>f 
impeller diffusion or secondary fleew lee.sse's, and the' imiireeve'ine'nt e>f surface' 
finishe's have accounted feir small efficie'ne'y impreive'me'iits. Stall margins 
have' been impreived by meire' ne'arly eeptimum se'le'ction e>f heeusing vane; 
geeemetry. Heiwever, it may be se'en freem the jire'vienis eliscussieen that 
the reecket pump is still neh ceanpetitive, freem the' standpeeint e>f e'tlicie'ncy, 
with the flxed-statiem syste-m. 

Shaft speed and pressure' rise limits have' bee'ii incre'ase'el, due' large'ly 
to improved materials and to fabricatieen and de'sign te'chnique'S. Cur- 
rently propeesed syste'ms will operate at shaft spe'e'ds up te> abeeut 40 000 
rpm and achieeveme'nt of hydrogen jiressure' rise e>f about 6000 psi (nearly 
200 000 ft) in twee eer thre'e centrifugal stage's is pre'dicte'd. Without 
shreiuded impellers, tip spe'e'ds are accejitable with twe> stage's; with 
shreeiids, thrc'e are more attractive'. Experime'iital rotors have bee'ii run 
at tip spe'eds above 2000 ft sec at room temperature'. The increasc'd 
strength at cryogenic tempe'rature allows the use e>f titanium impellers 
at higher tip speeds. 

Problems associated with rapid start/shutdown and flow change 
transients have been reduced by a better understanding of transient 
conditions and meere attc'ntion te> design of those' feature's afTecte'd by 
transients. Better understanding has been derived by impreeved analytical 
prediction techniques, using analog computers, based largely on data 
acquired on routine or special-purpose de'velopment te'sts. Especially 
when correlated with applicable test data, these analytic'al techniques 
can accurately predict flow rate, speed, pres.sure, and suction pressure 
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transients as functions of time during anticipated engine behavior. As 
an example, a special test program was recently completed to acquire 
transient behavior data and to refine analytical models for a dual (parallel) 
[Himping system to prove the “pump-out” capability during highly tran- 
sient operation. 

Temperature effects have been adequately controlled, provided a 
transient heat transfer and stress/deflection/fit-clcarancc analysis is per- 
formed. This rather sophisticated analysis is required to preclude excessive 
thermal .stresses and to prevent loss of critical fits or clearance (impeller- 
to-housing or thrust balancer-to-housing) . 

Achieving the elimination of cavitation damage for long duration appli- 
cations remains to be jiroven. Initial solutions involve the use of high- 
.strength alloys rather than aluminum, iiarticularly for the higher-density 
fluid applications. 

A tremendous amount of work has been devoted to elimination of 
TOGO. The reader is referred to the literature for an overall view of the 
jiroblem and its solutions. 

Hydrogen embrittlement studies of high-strength alloys are now the 
subject of vigorous experimental investigation to determine those combi- 
nations of material, pressure, temperature, and time that cause embrittle- 
ment or reduction of strength, as well as the design values of mechanical 
properties that can be used. Reference 6 presents an excellent bibliography 
on this subject. 

Testing techniques and test facilities have been improved, particularly 
those used for turbopump development, where a large portion of cryogenic 
pump development is conducted. Improvements have been mostly in the 
form of control systems that allow “pump designer type” data to be 
acquired, compared to what was formerly almost a single data-point 
test capability. Automatic speed and Q/N controllers have been used 
very successfully for pump mapping. Moderate success has been obtained 
with control of NPSH by means of a computerized “on-line” computation 
of NPSH from measured values of static pressure, temperature, and flow 
rate (convertible to velocity head) and control of static pressure to effect 
the desired NPSH. It must be noted that these are very complex facilities 
(as shown in figs. 19 and 20), utilizing computers for both control and 
data accrual-conversion, electronic control systems, and an operational 
crew of 30 to 60 highly skilled engineers and technicians. 


CONCLUDING REMARKS 

The most significant influence on the evolution of the rocket engine 
pump has been the evolution itself. The wide variety of design require- 
ments from one application to another has caused nearly every system to 
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be a new product. To maximize the performance of new designs (products) , 
each is pushed to or beyond existing experience limits so that improve- 
ments in the state-of-the-art are projected concurrently with the pump de- 
velopment. 

The wide range and combination of flow rate, head rise, and fluid 
properties virtually prevents accurate scaling of either performance pre- 
dictions or mechanical designs; in other words almost no adaptation of 
existing designs has been possible. As a result, no ready set of designs or 
adaptable hardware has existed, and most new pump programs have 
gone through the entire sequence of concept selection, design, develop- 
ment, and qualification prior to production. This trend is expected to 
continue. However, either quicker product development or improved 
performance and reliability or both can be expected to result from the 
design techniques developed during the further evolution of rocket pumps 
and from the continued attention to the development of pump technology 
supporting the mainstream engine programs. 




Figure 19. — Complexity of turhopump test installation. 
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Figure 20 . — Typical cryogenic lurbopump led facility. 


LIST OF SYMBOLS 


C 

D 


F 

G or g 
H or AH 
N 

NPSH 

NPSP 


AP 

Q 

s 

u, 


Fluid absolute velocity, ft sec 

Diameter, bore in mm for bearings and inches for pump 
dimensions 
Load, lbs 

Acceleration due to gravity, ft sec^ 

Pump stage head rise, ft 
Pump speed, rpm 

Net positive suction head (fluid total head minus vapor 
head), ft 

Net positive suction pressure (fluid total pressure minus 
vapor pressure) , psi 

Specific speed, rpm (gpm)''^;/(ft)®^'‘ 

Pressure differential, psi 
Pump volumetric flow rate, gpm 

Suction specific speed, NQ''- NPSH^^^, rpm (gpm)*'V(b)^^^ 
Wheel or blade tip tangential velocity, ft/sec 
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cc Fluid absolute angle (measured from rotational direction), 

degrees 

77 Pump efficiency, percent 

4> Flow coefficient, CmlUt 

\j/ Stage head coefficient, AH/L\,n^/g 

Subscripts 

1 Inlet of impeller or inducer 

2 Discharge of impeller 

2 Vaned diffusi'r or volute throat 

li Blade hub 

»i Meridional (axial plane) fluid component 

t Blade tip 
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Experimental and Analytical Investigation of 
Flow Through Rocket Pump Inducer^ 

B. Lakshminarayana 


The Pennsylvania State University 


A rocket pump inducer is usually an axial-flow pump runner hav- 
ing very high solidity and very low aspect ratio blades operating at 
very low coefficients. While this characteristic form is dictated by 
cavitation requirements, the flow is subjected to major effects of 
viscosity and turbulence in the flow field in the long and narrow pass- 
ages between the vanes. The investigations reported in this paper 
are concerned with the effects of viscosity and not with the effects of 
cavitation. 

The experimental investigations are carried out on a 3-foot-diam- 
eter model of a four-bladed inducer which is operated in air at a flow 
coefficient 0.06.5. The fluid properties are measured at the exit of the 
inducer using conventional and hot-wire probes. Important experi- 
mental results and the method of predicting the outlet tangential ve- 
locity and head rise are discussed in this paper. 


One of the major requirements of a turbopump used in rocket applica- 
tion is that it should be capable of running at very high speeds, so as to 
minimize the size and weight of the unit and to facilitate matching with a 
drive turbine. The conventional pumps cavitate at suction specific speeds 
(SS) in excess of 8000, thus limiting the highest possible speed. The need 
to increase the speed led to the development of a cavitation resistance 
inducer which is essentially an axial-flow pump with high solidity blades 
used in front of the main pump. Long and narrow helical passages provide 
a space and time for the collapse of cavitation bubbles and for the gradual 
addition of energy to the fluid. Inducers are also used in water jet pumps 
of marine application (ref. 2). These are light and feature cavitation 
resistance in excess of commercial applications. 


* The work reported here was done under contracts NSG537 and NGIj 39-009-007 
of the National Aeronautics and Space Administration, with technical management 
by W. R. Britsch of NASA Lewis Research Center. 
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The purpose of the inducer is to pressurize the flow sufficiently to enable 
the main pump to ojierate satisfactorilj'. The physical reasoning for the 
selection of such unconventional blade passages is explained by Acosta 
(ref. 1). These inducers have operated successfully at suction specific 
speeds in excess of 30 000; the test inducer described later is designed for 
SS = 50 000. The characteristic features of the inducers are: 

(1) High solidity blading (few long-chord blades instead of many 
short-chord blades as in axial-flow pumps and compressors, exjiosing a 
much larger area to frictional effects) 

(2) Very low flow coefficient and large stagger angles. 

While the characti'ristic form of the inducer is dictated by cavitation 
requirements, tlie flow is subjected to major effects of viscosity and 
turbulence of the fluid in the long and narrow passages b(dw(>en the 
inducer vanes. The investigations reported here are concerned with the 
effects of viscosity and not with the effects of cavitation. 

In axial-flow comjirc'ssors or pumps, the secondary motions or the 
departure of the flow from design values arc confined to fairly thin rc'gions 
around the blades and near the end walls. This is not true in the case of 
inducers used in licpiid rocket pumps. The blades of such inducers extend 
circumferentially over a major portion of a complete circle (fig. 1). Under 


Figure 1. — Pholograph of the inducer {without shroud); 36-inch outside diameter, four 

blades. 
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these circumstances, it can be estimated that the viscous effects and the 
consequent secondary motions are many times stronger tlian those en- 
countered in other types of axial-flow machinerjq and may indeed domi- 
nate the entire flow field. An understanding of such secondary motions is 
essential for the prediction of the efficiency and general performance of the 
inducer. The radial distribution of flow properties and the approjiriatc 
method of predicting them provide a further step toward the under- 
standing of the flow through an inducer. This type of information is 
necessary for the analysis and design of the main pump. This is the 
objective of this paper. 

The Department of Aeros]iace Engineering at The I’ennsylvania State 
University has undertaken a systematic investigation with a view to 
understanding the general flow behavior and to developing flow pre- 
diction methods for inducers. A 3-foot-diam(‘t('r inducer operated in air at 
a flow coefficient of 0.0G5 was built for this purpose*. The following in- 
vestigations, using the test rig shown in figure 2, have been completed 
so far : 

(1) Visualization and m(*asurement of the flow inside the passages^ 
and at the exit of a four-bladed inducer. The latter measur(*ments and 
an approximate analysis are reported in this paper. 



NASA Imuf -jn 


Figure 2. — Test assembly. 


2 These are carried out using rotating prolies and pressure transfer device described 
in reference 20. The measurements are reported in reference 21. 
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(2) Three-dimensional velocity and turbulence measurements at the 
exit of a three-bladi'd inducer using hot-wiri' probes. Cooper and Bosch’s 
computer program (ref. 9) is used to jiredict the three-dimensional inviscid 
effects (refs. 3 and 4). 

(3) Three-dimensional turbulent boundary investigation on a single 
helical blade of the type used in rocket pump inducers (ref. a). 

These and future investigations to be undertakc'ii will lead to the 
establishment of a theoretical model for the eventual analysis and design 
of turbomachinery flow dominatc'd by secondary motions. 

It is the intention of this paper to discuss the exit flow characteristics, 
a correlation for the frictional losses for the inducers, and an approximate 
analysis for the predictions of the velocity and energy distribution at the 
exit of the inducer. It will be shown that, while adc'iiuate information is 
not available to develop an c'xact analysis, the predictions ba.sed on loss 
correlations provide a method of jiredicting the gross behavior of the 
inducer. 


DESIGN OF TEST INDUCER 

The design of the tc'st inducer is based on the “mean streamline” 
method developed by Wislicenus (ri'f. 6). Tlu' detaik'd design is described 
in reference 7. The ovi'rall characteristics an* listed in table I. 

After selecting a suction specific speed (SS) of 50 000 and head coeffi- 
cient ^ 7 - = 0.2, the following iiarameters were derivi'd from the dc'sign 
chart relating the cavitation parameti'rs of turbomachines (fig. 259 in 
reference 6). 

Flow coefficient, = 0.065 

Blade minimum pressure coefficient, Cp„,„ = 0.01 

The runner is of free vortex design, producing constant head from root 
to tip. Using the relationship relating the stagnation head coefficient to 
change in tangential velocities, the inlet and outlet velocity diagrams are 
derived (fig. 3). The resulting runner profile is shown in figure 4. The 
design distribution of tangential and axial velocity components and of the 
stagnation and static head coefficients are shown in figures 11, 16, 18 and 
20, respectively. 

The design of blade sections is carried out in three steps; 

(1) The mean streamline is derived from the assumed blade pressure 
diagram and blockage distribution as shown in figure 3. The blade pres- 
sure distribution chosen is typical of the trailing edge loaded profile which 
is required for this type of turbomachine and has Cp„,,„ = 0.01. In order to 
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account for the thickness or blockage effect of the blades, the relative 
velocities are varied from IFi to Tib along an arch-shaped curve above the 
nearly straight line variation that would apply to zero blade thickness. 
The arch-shaped curve represents an estimate of the blockage duo to 
blade and boundary layer displacement thickness. The assumed blockage 
due to both effects is clearly marked in figure 3. The mean streamline for 
the hub and tip sections di-rived from the assumi'd pressure diagram and 
blockage is shown in figure 3. 

(2) The departure of the camber line' from the mean strc'amline is 
derived from the empirical dewiation vahu'S of Arj/L (nondimensionalized 
distance betw(>en the mean streamliiu' and camber line measured normal 
to blade chord) derived by Wislicenus (ref. (i) . It should be remarkc'd h('r<^ 
that Wislicenus’ correlation for Aij/T is the empirical counterpart of 
Ackeret’s theoretical method (ref. 8). Th(‘ validity of these emiiirical 
correlations for standard jirofiles has bc'en established by Jakubowski 
(ref. G) but its generalization to passages w ith nonstandard blade profiles 


T.\hlk I . — Inducer Characlerislicx 


Tip diameter . . .. 


^^(>.5 inches 

Hub /tip ratio at outlet 

. - . . 

0.5 

Hub/tip ratio at inlet 


0.2.5 

Radial clearance 

. ... 

0.062.5 inches 

Suction specific .speed SS (design) _ . . 

...... . ... . . . ... - 

. .50 000 

Flow coefficient (0 = lb/T’() — 

. . .... - . . 

0.065 

Blade chord. . . . ... . 

. Tip ( A’ = 1,0) 

_ 82.06 inches 


Mid sjian (/f = 0.7.')) . . . 

03. 18 inches 


Hub (/f = 0..'))- 

49.04 inches 

Solidity. - .. 

Tip (/f = 1.0) 

. . 2.86 


Mid span {R = 0.7.5). . . 

2.91 


Hub (R=0.5) 

. . .3.50 

Numl)er of vanes _ . . _ _ 


4 

Angular wrap (average) 

Lift coefficient of the blade based 


. 290" 

on mean velocity _ . . 

. Tip... 

0.0966 


Mid span . 

0.163 


Hub 

0.307 

Reynolds number ba.sed on tip radius.. 
Reynolds number ba.sed on relative 


6.60X10= 

velocity and chord at mid radius. . . 
Maximum deviation of camber line 


1.75X10= 

from mean streamline(A7)/L)max 

(fl=0.5) 

_ 0.02 


(R=0.75) 

_ 0.01075 


(B = 1.0) 

. . 0.00637 

Blade angles at inlet . . . . . . 

.. (R =0.2.5) 

.. 75°30' 


(R = 0.62.5) 

. _ 83“30' 


(R = 1.0) 

. _ 86'T5' 


All other blade angles are given in figure 6. 
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FicivuE 3. — Design of blade profiles. 


SECTION 




FiGriiE 4. — Axial view and circular projection of the inducer blade. 

and large stagger angle and soliditic's is yet to be established. The chord- 
MTse variation of Ap, L assumed for this design departs from the XACA 
65-series cascade data as rcajuircd to obtain trailing edge loading (hg. 5). 
In hgure 5, the notation (A??/L)m„x,6ii refers to the maximum deviation for 
a NACA 65-series cascade. Its value can bo evaluated from the equation 



max,f)5 


max 
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Figuke 5 . — Assumed deviation of the camber line from the mean streamline. 


where 


Cl lift coefficient 


maximum deviation for unit lift coefficient 

Their values for various vane chord angles are plotted by Wislic(>nus 
(fig. 298, ref. G) . The value of (Arji/ L) u.sed for the inducer is 0.05 and 
the lift coefficients at various radial sections are given in table I. The 
camber lines so derived at hub and tip sections are shown in figure 3 and 
the design blade angles derived from this method are shown plotted in 
figure 6. 

(3) The blade thickness can be derived from the assumed blockage 
curve (fig. 3) and the equation 

AFz t 

"f7“s 



where 

AFz perturbation in local axial velocity due to blade blockage 
t blade thickness in tangential direction 
s blade spacing 

The blade profiles so derived at hub and tip sections arc shown plotted 
in figure 3. 
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Figure 6. — Design blade and air angles. 



N0N-DIMENSI0NALI2ED RADIUS, R 


Till' hliidc section at hub (R = 0.i)), inidradius (/i' = 0.7d) and tip 
si'ctions (/^ = 1.0) are designed in tlii' manner exjilained aliove. Tlii' 
stacking of blade sections is earrii'd out in much the same way as deserilied 
by Wislieenus (ref. (i) and the final lilade system so derived is shown in 
figure 4. In order to achii've reasonably constant variation in blade thick- 
ness from root to fi]) and smooth curvature in both chordwise and radial 
directions, it is sometimes ni'ci'ssary to change blade si'ctions. This re- 
sidti'd in a slight dejiarture from the free vortex design, especially at mid- 
radius, as shown in figuri's 20, 18, 16 and 11. 

It should be remarked liere that the Penn State inducer diffi'rs apjire- 
('ial)ly from the conventional radial blades of constant thickness (usually 
called flat plate inducer) used in ]>ractice. From the point of view of 
manufacture thi' radial blades are suix'rior, but th(> design ba.sed on th(> 
present method .should have hydrodynamically superior iierformanee. 

The blades for the inducer ari> of fiberglass construction, cast from 
suitable mold and templates. The final assembly of the test induci'r, which 
is driven by a h-hp variable-speed motor, is shown in figures 1 and 2. 
Till' research rotor is fitted with a ])ressuri' transfer unit which transmits 
]ir(‘ssures from a rotating blade to a stationary manomider. 

APPROXIMATE THEORETICAL ANALYSIS 

An attempt has bi'cn made to predict the flow propi'rties at the exit of 
th(‘ inducer using a circumferi'iitially averaged radial equilibrium equa- 
tion. The three-dimimsional nature of the flow and I'nergy losses due to 
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friction are fully recognized in deriving the circumferentially averaged 
radial equilibrium equation for the inducer. The inducer passages are 
assumed to have fully developed turbulent flow. Based on the information 
available in the current literature, assumptions are made for the circum- 
ferential variation of the relative tangential and radial velocities. The 
frictional losses accounted for in the theory are based on a friction loss 
coefficient (analogous to the universal friction loss coefficient derived by 
Blasius for pipes) derived from various inducer tests carrii'd out at 
NASA Lewis Research Center, TRW Cleveland, and iNf.I.T. Gas Turbine 
Laboratory. This friction loss coefficient, which takes into account 
rotational effects, is valid for low flow coefficii'nt (upstream absolute 
velocity/blade tip speed) or high rotation parameter (blade tip speed/ 
upstream absolute flow). The energy losses calculated from this newly 
derived friction loss coefficient are in close agreement with the energy loss 
measured in the Penn State inducer. The radial equilibrium equation 
derived in this section is valid for a noncavitating inducer. 

The various assumptions made in deriving the radial equilibrium 
equation for the inducer are given in the text in proper context. The 
absolute and relative tangential velocities predicted from this equation 
are in good agreement with the measured values (see “Experimental 
Results and Discussion”) . The velocity profile' models used in this analysis 
are based on the three-dimensional boundary layer investigation carried 
out by Lakshminarayana et al. (ref. 5) for a single blade. The viscid effects 
an' taki'ii into account in an approximate' manner by using an e'mpirically 
de'rivc'd loss coefficient in the final radial e'epiilibrium e'epiatiein. The' analy- 
sis con.siders only the' pe'rturbations cau.se'd by vise'ous effe'cts. The' inviscid 
turning effects are alleewc'd for by taking de'sigu e>r the' peitential fleiw solu- 
tion as the boundary conditions feir the' seelutieen of the radial e'quilibrium 
('quation presente'd in this section. 

No attempt has been made to predict the axial velocity components, 
which are very much smaller than the tangential ve'locity components. 
This prediction should await more accurate information em the three- 
dimensional nature of the flow in the rotating passages. 


Equations of Motion 

The equations of motion governing the incompressible and steady flow 
inside the passages in a coordinate system rotating with an angular 
velocity P (fig. 7) are given by reference 19, 

V/ = 2WXi2-bWX(VXW)-bF (1) 


v-w=o 


( 2 ) 
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where 


/ = 


P 

-+ 

P 


TP 

2 


T2V 


( 3 ) 


and F is the frictional force per unit mass. 

Since large velocity and pressure gradients exist in the case of an in- 
ducer, it is a formidable or impossible ta.sk to obtain an exact solution of 
equations (1) and (2) . Hence, a more practical approach to satisfying the 
radial equilibrium equation on a circumferential average basis is employed 
in this paper. This technique was first employed by linden (ref. 10) for a 
compressor and later used by Smith (ref. 11) to derive a radial equilibrium 
equation amenable to solution by what is known as the “stream line 
curvature approacli.” 

The scalar component of equation (1) in the radial direction is 


— =-lT',-^-l-TT^ 
dr rdO 


dz dr dr 


We‘ 


-2f2TT'e-j-Fr (4) 


The following assumptions are made in deriving a radial equilibrium 
eejuation applicable' to inducers operating at low flow coefficients. 

(1) Frictional effects; The fluid friction affects the radial equilibrium 
equation through the terms h\ and I in equation (4). The radial com- 
ponent of slii'ar stress at the blade surface is small, as indicati'd by 
lyukshminarayana’s investigation (ref. '>) on a helical blade. It is ri'eom- 



Figure 7. — Notaiions vsedfor inducer flow analysis. 
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nipiidod that the shear stress effc'et be negleet('d in the pn'liminary 
analysis. In an inviscid flow, I is constant along a streamline. In viscid 
flow it can be approximated by 


I 


p ~^~2 ¥~ ' p ” 


where APo/p represents the stagnation pre.ssnre losses along a streamline. 
This term includes all losses associatt'd with friction and turbuhait mixing. 
In long, narrow inducer passages, this term is likely to be large. Thus, 


dr dr\p/ 


( 5 ) 


(2) For inducers operating at low flow coefficients, 

^V^«We 

dWz dlls 
dr dr 


( 6 ) 


(3) The flow passage's are a.ssumc'd to have fully developed flow and 
the flow properties are symmetrical about thee midpassage (fig. 7). The 
assumptions for boundary velocity profikes ane base'd on the investigations 
of reference 5 and are givi'ii by eiiuations (12) and (13). 

(4) The fluid is assumed to be guidc'd smoothly through the channel 
(i.o., no flow deviation) . 

(5) The fluid is assumed to be single' iiha.se, incompre'ssible and steady. 

Assumptions (1) and (2) abeive weeuld rc'ducc eejuation (4) to 


dIF. dIF, 

rde dz 


dllb , FV 

■F s . — I 

dr r 


d /A/'o 

-2FIFs= [ — 

dr\ p 


( 7 ) 


1 2 3 4 5 

Prior to deriving a circumferential average of the above equation, an 
attempt is made to pre'sent a metheed of ewaluating the stagnation pressure 
loss (in relative flow) from inducer loss correlations. 


Friction Loss Coefficient for a Rotating Channel with Large 
Rotation Parameter or Small Flow Coefficient 

Since relative velocities are zero at the solid boundaries of a rotating 
channel, one is tempted to contemplate the behavior of the boundary 
layer in a frame of reference fl.xed to the rotor. 

The fluid near the solid blade surfaces is not subjected to the same 
Coriolis or centrifugal forces as the main flow, and the result is that 
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externally impressed gradii'iits produce secondary motions inside the 
blade boundary layer. T1 k> additional losses associated with these second- 
ary motions increase the frictional losses. Investigations by Spannhake 
(ref. 13) and Ludweig (ref. 14) indicate that the loss coefficient in such 
rotating channels may be scweral time's that of an equivalent^ stationary 
channel. Very litthe is known about the incre'ase in friction losses due to 
rotation, especially the additional frictional stresses induced by Coriolis 
force. Systematic experimental investigations by Spannhake (ref. 13) and 
Ludweig (ref. 14) indicate that these frictional losses are strongly de- 
pendent on the rotation parameter. This parameter is analogous to the 
Rossby number used in connection with studying the effect of earth 
rotation on wind profile and is defined as the ratio of Coriolis to inertia 
force. 

Since very little analytical information is available for the type of 
rotating channel used in the inducer, a .systematic attempt is made to 
correlate the mi'asurements of various invi'stigators to derive a friction 
factor for inducer chaiuK'ls for the range of rotation parameters (invcr.se 
of flow coeffici('iit) used in practice'. The inducer data collected are from 
various laboratories uiuh'r different flow conditions and blade configura- 
tions. The frictional losses chepend on Ri'vnolds number, velocity, dimen- 
sions of the channel, rotation iiarami'ter, and aspect ratio of the blades. 
Since the available ('xperimental data on inducers are meager and the 
tests involve a small rangi' of Reynolds number, no .systematic ajiproach 
is usi'd to find the Rc'ynolds number dependency on losses. Tirst, the 
Blasius friction factor (X) is determini'd from the equation 


p 2/f.v‘ 


( 8 ) 


where 

AP(t/p is the lo.ss in stagnation pressun' of the relative flow 
X is the Blasius friction factor (0.3R) for a stationary channel) 

Rn is the Reynolds number, W(h/p (fig. 7) 

dk is the hydraulic mean diametc'r (4 X area/'wetted perimeter) 

L is the length of tlu' channel 

For an elemental blade lu'ight dr of the induci'r pa.ssage at any radius 
r (fig. 7) 


d>,= 


4(27rr/?() cos 13 dr 
2 dr 



cos d 


( 9 ) 


where d =/(>’) and « is the number of pa.s.sages. 


® Equivalent here refers to a fully developed stationary channel having a mean 
velocity IP. 
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It is easy to prove that the nondimcnsionalized stagnation head loss 
coefficient in relative flow is equal to the difference between the Euler and 
measun'd head coefficient in absolute flow. Hence, 


^loss 


= ^E — 'Pm = 


loss 



( 10 ) 


where H ioaa = H E — is the head loss due to friction in relative flow. 

For any given inducer, ^E — 'Pm can be determined from the measured 
stagnation pressures and tangential vcdocities at the exit, and, knowing 
the inducer geometry, values of X can be derived at any radii. The loss 
factor derived from various measurements carried out at X.XSA Lewis 
Research Center, IM.I.T. Gas Turbine Laboratory, and TRW Cleveland 
are plotted in figure 8. The sources from which these data wen^ collected 
and details of the inducer configurations and flow parameters used arc 
given in table II. The radial distribution of Blasius loss coefficient showed 
a systematic trend from midradius to tiji; i.e., an increase in frictional 
losses with decreasing flow coefficiiTit. Dependency of energy losses on 
hub/tip ratio is also evident from figure 8. Larger secondary losses asso- 
ciated with low hub-tip ratios are well known. A new friction factor \r 
is defined and all the data are replotted to derive the value of this new 
friction factor. 
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Figurk 8. — Radial variation of 
Rlausius friction coefficient (X) 
evaluated from erjualion {10) 
for various inducer configura- 
tions {table II). 




Table II . — Details of the Various Inducer Configurations and Flow Parameters Used in Deriving the Friction Factors X and \r (Figures 8 and 9) 
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' All inducers listed were tested in water. 
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^2gH]oBs_^ Rht 1 L /II V 


( 11 ) 


where Ihi is the hub/tip ratio and i/ioss = APo/p</. 

In these calculations, local values of blade length, hydraulic diameter, 
blade mean angle (arc tan (tan /3i+ tand2)/2), d(\sign flow coefficient, 
and measured local velocity (11') at the outlet are usc'd to derive the new 
friction factor (Xr) for the various inducer channels (fig. 9). It is not 
certain whether such a linear dependency on ^Ti/W ^ exists, but the data 
plotted in figure 9 seem to indicate that a relationship such as equation 
(11) is closely obeyed by all the inducer data plotted. 

It should be remarked herc^ that these loss correlations include mixing 
losses downstream of the trailing edge, since the measurements on which 
these loss correlations are based are taken for downstream of the inducer 
and not at the trailing edge. 

It is suggested that a relationship such as the one discussed above be 
used with values of X* distribution shown in figure 9 for the flow coefficient 
<t> ranging from 0.065 to 0.2. The largest scatter in the data is due to the 
i\I.I.T. inducer which was testc'd at 0 = 0.2. The secondary losses at the 
annulus and hub walls tend to be as important as secondary flow inside 
the blade boundary layer in such a case. 



Figure 9. — Radial variation of 
the modified friction loss co- 
efficients (Xr) calculated from 
equation (II) for various in- 
ducer configurations {table 11). 
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Circumferential Average of Radial Equilibrium Equation 

The circumferential averaging of various terms in equation (7) is 
carried out under the following assumptions (fig. 7). 

(1) The passages have fully developed turbulent flow and the flow- 
properties are symmetrical about the midpassage. 

(2) The velocity component parallel to the blade passage is given by 

lEx=R'n.V'" (12) 

where W„ is the velocity component paralk'l to the blade at midjiassage, 
rj = y/S, where y is the distance measured normal to the blade, 2>S is the 
width of the channel (fig. 7) and x is the coordinate parallel to the blade 
and lying on a cylindrical surface. 

(3) The radial velocity component Wr is given by reference 12, 

Wr = HT tan a{l-r,y-= 1T„ tan « („) >/^ ( 1 - 2 ( 13 ) 

where a is the angle between the direction of the resultant velocity near 
the wall and H'„ or angle between the limiting streamline and x direction 
(fig. 7) . Note that fr„. and a are functions of r and x only. The average' of 
any quantity T will be denoted by a bar and is defined by 

fJ-Crdy (14) 

*5 •'0 

where 2S is the width of the blade passage. 


Circumferential Average* e>f Term 1 in Eepuitiem (7) 

Since Wx is the ve'leecity aleeng x, whe-re x is an intermediate variable 
and r, 6 are the indepe'udent variables. 


flM'r dlT 

X = VI z — 

dx dz 


+vr, 


avr,. 

rdd 


(15) 


Now, from equation (13), 


^11 ’• xrif-i 

dx 


dVV m , da 

— tan a + VI m sec- a — 
dx dx 


( 16 ) 


Hence, the circumferential average eef Te'rm 1 in equation (7) is 


VJTflVVV ^ 

r dd " dz " dx 


= ir„ 


tan a+Wm sec- — f rf'"’ {l — y)~dri 
dx dxj J„ 
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= o.2mw„ 



tan a-\-Wm sec- a 


dx) 


(17) 


Circumferential Average of Terms 2, 3, and 4 in K(}uation (7) 


Since it is assumed that the fluid is smoothly guided through the 
passage, the circumferential average of Term 2 in equation (7) is 


IT 


dW, 

dr 


^ fi 


dr 


dr 


(18) 


since ~We = l{We)m for one-seventh profile. 

Similarly, 

= f dv = {We)J f v-^ dr, = l.OlSir/ 
■'o ^0 

and 

2UWe = 2nWe 


(19) 

(20) 


Circumfen'iitial Averagi' and Radial Variation of the Frictional Losses 
in Equation (7) 


Since the friction losses derived by the author (eq. 11) represent the 
average losses across the passage, the circumferential average of the fifth 
term in equation (7) is 


dr\ p ) drV’' <!>' RN^^^d.YJ 


(21) 


Hence, the circumferential average of the radial equilibrium equation now 
reads, after substituting equations (17), (18), (19), (20), and (21) in 
equation (7), 


— 0.2101Tm ( tan > 


dW. 


dx 


dcx\ 

~\~Wm scc^ a — ) + 1.015TFe 


dx/ 


^¥'+1.015'" 

dr r 






dr \Rn''* <t> dh 2 / 


( 22 ) 


Since WB = l{We)m = iWm sin fi, the final circumferentially averaged radial 
equilibrium equation valid for inducers operating at low flow coefficient is 

-0.27 5 
sin^ /3 


W, 


( 


dWe da\ dWe 

tan a hlTe sec^ a — 1+1.01511 e 

dx dxj dr 


lFo2 

+ 1.015— 

r 


= 0 (23) 

dr\RN'^* 4> dh 2 ' 
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The solution of this circumferentially averaged radial equilibrium 
equation to derive or Ve distribution along the radius is still intractable 
unless suitable assumjitions are made for dWe/dx and a. The experiment 
is the only source from which the values of a can be derived. The limiting 
streamline angle a is predictable in the case of a single rotating helical 
blade (ref. 5), but the values of a measured on inducer blade surfaces are 
found to be higher than those on a single helical blade (refs. 21 and 24). 
The evaluation of dWe/dx could be based on either a linear variation of 
Wt along X or the inviscid solution. Once these quantities are evaluated, 
We or Ve can be predicted from equation (23) using the author’s correla- 
tion for friction loss coefficient \r (fig. 9). 

The method of predicting We or Ve for any given inducer geometry and 
flow coefficient is described in the next section. 


EXPERIMENTAL RESULTS AND DISCUSSION 

The four-bladed inducer described in the section on the design of the 
t(!St inducer is used for the experimental investigations of the flow char- 
acteristics. The test mi'dium is air and all the measuri'ments are carric'd 
out at a Reynolds numbiT (based on tip radius) of 6.6X10\ which 
corresponds to 450 rpm. A throttle valve, which can be seen in figure 2, is 
adjusted to obtain a flow coefficient 0 of 0.005. 

The measuring stations are shown in figure 10. The exit flows were 
measured at stations 3, 4, 5, 6, and 7, using a stagnation probe and a tuft 
probe. Hot wire measuremi'iits were taken very close to the' trailing edge 
(station 3A) to derive the average values of radial, axial, and tangential 
velocity componimts. 

The outlet air angle's (of the absolute flow) were measured by means of 
a very thin tuft probe and a sighting scope of the type used by Smith 
(ref. 22). Fluctuations in absolute air angles were found to be consider- 
able, especially near the hub locations. The algebraic mean of the maxi- 
mum and minimum air angles, measured by the tuft probe, was used for 
calculating the axial and tangential velocity components. In spite of slight 
inaccuracies which are discussed by McCafferty (ref. 20), much informa- 
tion can be gained from the.se stationary probe measurements. Since the 
flow at the exit was highly three-dimensional, the static pressure's were 
measured at the hub and annulus walls and the radial distribution of 
static pressure coefficient was derived by computing the pressure gradient 
near the wall locations from the simplified radial equilibrium ecjuatioii. 

Since an accurate knowledge of the nature and magnitude of radial 
velocities is essential for the development of an adequate theory for pre- 
dicting the flow, an attempt was made to derive the average values of all 
three velocity components at the exit (station 3A) using a combination 
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Figure 10. — Location of the flow-measuring stations. 


of an A^-configuration hot-wiro probe plu.s a single sensor jiroiie normal to 
the X-configuration. The probivs were aligned in the threes coordinate 
directions such that they sense the following velocity components. 


Vez^VVe'+Vf^ 

(24) 

V,r= VVV+ Vr^ 

(25) 

Vrz= VVr^+Vz‘^-\-KWe- 

(26) 


Since the air angles of the absolute flow are very large, a correction to 
the cosine law was used for the wire in the 6 direction. This appears in the 
form of a correction factor as shown in equation (26) . The value of K was 
derived from Schwarz and Friehe’s correlations (ref. 23). For the length/ 
diameter of the wire used in these experiments, the value of K was found 
to be 0.26. 

The oscilloscope traces of the signal were photographed^ to derive the 
blade-to-blade variation of the voltages. The hot-wire calibration curves 
and equations (24), (25), and (26) were then used to derive the blade- 
to-blade variation of Vr, Ve, and Vz. 


' The method of data processing has since been improved as indicated in reference 4. 
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Tangential Velocities at Exit 

The absolute tangential velocities derived from pressure and angle 
measurements are shown plotted in figure 11 for various axial stations. 
The measured tangential velocities are substantially higher than the 
design values except near the hub. These results are consistent with the 
measurements reported by Sandercock et al. (ref. 17) and Soltis et al. 
(ref. 18). The real fluid effects combined with large radial flows that exist 
inside the blade passages are respon.sible for such a large increase in 
tangential velocity or head rise. Furthermore, it is also evident from 
figure 11 that there is a substantial change in tangential momentum as 
the flow proceeds downstream. Far downstream of the inducer, a “forced 
vortex” type of distribution exists. Such changes are due to mass flow 
redistribution that takes place downstream of the inducer and the mixing 
losses due to blade wake diffusion. The extent of mass flow redistribution 
can be seen from figure 16. These measurements indicate the desirability 
of having the inducer as an integral part of the main pump and also 
point out the need to take measurements close to the trailing edge in order 
to accurately assess the extent of real fluid effects inside the blade passages. 
It is quite clear that the inducer behaves like a drag or a friction pump, 
especially near the tip, where the head rise is imparted to the fluid by 
purely frictional effects. 


Figure 11 . — Radial variation of 
absolute tangential velocity at 
various axial locations. 
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Even though an accurate prediction of the tangential velocity dis- 
tribution is possible only by a thorough understanding of the three- 
dimensional boundary layer characteristics inside the passage, a qualita- 
tive estimate of the frictional effects can be made from an analysis of the 
type indicated in the preceding section (Approximate Theoretical 
Analysis) . 

The form of equation used for predicting the tangential velocities at 
the exit of the inducer is obtained by further simplification of equation 
(23) (by expressing We as the only dependent variable) under the 
following assumptions; 

(1) We varies linearly with x from leading to trailing edge. 

(2) Angle a between the limiting streamline and Wm varies linearly 
from leading edge to trailing edge, being zero at the leading edge. This 
trend is confirmed from the limiting streamline angle measurements 
reported in reference 21. Hence, 


dWe 1T« — Qr We — ^r 
dx L 4.5r 


(27) 


where 

We = relative tangential velocity at exit 
Ur = relative tangential velocity at inlet 
L = chord length of the blade (=4.5r for Penn State inducer) 
and 


da a — 0 

dx 4.5r 


(28) 


where a is the angle of the limiting streamline near the trailing edge. Use 
of equations (27) and (28) would reduce the first term in equation (23) 
to 


where 


- W 

r 


f(r)+2H''efif(r) 


nr) = 


0.061 
sin^ /3 


(tan a+a sec^ a) 


(29) 


(30) 


Hr) 


0.03 tan a 
sin^ jS 


(31) 


The friction loss term in equation (23) can be further simplified for the 
Penn State inducer to give 
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dr 




4> ch 2 J dr 


5 14 fl 

= F'(r)We^+2F(r)We (32) 

dr 


Avlicre 


F(r) = 


1 

2 


Xk 

1^* 


Rhi R 1 
<t> siii^ /3 


(33) 


and \r (fig. 9), d/, (oq. (9)), length of tlie lilade (L), and sin- /3 

(fig. 6) are all functions of radius at any given axial station. The variation 
of F{r) ivith radius at the location of the trailing edge is plotted in figure 
12. Hence, the final form of radial eciuilibrium (>quation used for pre- 
dicting the relative tangential vidocity at the exit of the Penn State 
inducer is obtained by substituting equations (29) and (32) in equation 
(23). 


Figuke 12. — Radial variation of 
Jimclion F(r) (eq. (33)) for 
Penn State inducer. 
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(1.015+2F(r))+— (1.015+rF'(r)-f(r-))=2Hir6(l-S(r)) 
dr r 

(34) 

where the functions F(r), f(r), and ?(r) are defined by equations (33), 
(30), and (31), and F'(r) is the derivative of F(r) plotted in figure 12. 

Equation (34) is used to predict the radial variation of mean relative 
tangential velocity (lEj) at the trailing edge. In evaluating the functions 
f(r) and ^(r), information obtained by flow visualization experiments 
reported in reference 24 is used. Near the hub, the value of a was found 
to be nearly 60° on the suction surface and 30° on the pressure surface of 
the blade. Basing our assumption on this, a is assumed to vary linearly 
from 45° at the hub to zero at the tip (fig. 13) . This enabled evaluation of 
the functions f(r) and ^(r) (eqs. (30) and (31)) in equation (34). The 
variations of these functions with radii are plotted in figure 13. 

The predicted values of relative tangential vclocit}- at the trailing edge 
obtained from equation (34), using estimated values of F(r), F'(r), f(r), 
and ^(r) (figs. 12 and 13), are plotted in figure 14. The boundary condi- 
tion assumed for the solution of the differential equation (34) is that the 
tangential velocity (We) at the midradius is the same as that of design. 
The predicted values are in good agreement with the values derived from 
stationary probe measurements at station 5.® 

The effect of neglecting the inertial terms due to radial velocity gradients 
(i.e., functions f(r) and f(r) in equation (34)) is also shown in figure 14. 
The inertial terms due to radial velocity gradh-nts in the radial equilib- 
rium equation seem to have very little effect on the predicted values of 
We. Even though the acceleration components due to radial velocity 
gradients are small, their influence in increasing the frictional losses 
cannot be ignored. Hence, in conclusion, it can be said that the accelera- 
tion component due to radial velocity gradients can easily be neglected in 
predicting the relative tangential velocity distribution from the radial 
equilibrium equation. But the influence of radial velocities on axial 
velocity profile at the exit cannot be ignored. 

In deriving equation (34) from the generalized radial equilibrium 
equation (eq. (4)), it was assumed that the term Wz{dWz/dr) is very 
small. Its influence on the predicted values of F« is evaluated by using the 


^ It should be remarked here that the loss coefficient (Xk) derived in this paper is 
based on the measurements carried out at one-seventh to one-ninth blade chord (refs. 
15, 17, and 18) downstream of the trailing edge. Hence, these loss correlations include 
mixing losses. To be consistent, only the measurements carried out at station 5, which 
approximately corresponds to the measuring stations of references 1.5, 17, and 18, is 
compared with the predicted values. 
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Ut 


Figure 14. — Predicted and meas- 
ured relative tangential velocity. 
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experimental values of W z{dW z/dr) (fig. 16) and the following modified 
equation 

a dW z 

We (1.015+2F(r))+— - (LOlfi+rF' (r) -f (r) ) +11^ ~ 

dr r dr 

= 2tlFi(l-$(r)) (35) 

The effect of neglecting the axial velocity gradient term in equation 
(34) is evident from figure 14. The effect of this term on the predicted 
values of We seems to be appreciable only near the hub (where the axial 
velocity gradients are large) and negligibly small at other radial positions. 

The predicted tangential velocity components of the absolute flow 
(U—We) are plotted and compared with experimental values, derived 
from stationary probe measurements® at station 5, in figure 15. The agree- 
ment between the predicted and experimental values is good. The inclu- 
sion of the axial velocity gradient term Wz{dWz/dr) in equation (34) 
seems to bring the predicted values of Ve closer to the experimental 
values only near the hub. 



Figure 15. — Predicted and meas- 
ured values of absolute tangen- 
tial velocity. 


* See footnote 5. 
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The effect of neglecting the radial velocity gradients f(r) and ^(r) in 
equation (34) is shoivn in figure 15. It is evident that the friction loss 
term in the radial equilibrium equation (eq. (7)) has a very appreciable 
effect in changing the tangential velocity gradient in the radial direction. 

The tangential velocity distribution derived from hot-wire probe and 
stationary probe measurements, carried out very close to the trailing 
edge (station 3A), is compared in figure 17. There is a slight discrepancy 
between the two measurements. This may be due to error in measuring the 
fluctuating (with reference to stationary probe) stagnation pressure close 
to the trailing edge. 

Axial Velocities at the Exit 

The measured radial distribution of axial velocities at various axial 
stations is plotted in figure 16. 

Immediately downstream of the inducer (stations 3 and 4), the mini- 
mum velocity occurs at the midradius. This seems to suggest that radial 
migration inside the blade boundary layer is very large from midradius to 
tip as compared to that from hub to midradius. At station 3, where the 
hub flow is still under the influence of blade, the blockage effects are large. 
Sandercock et al. (ref. 17) and Soltis et al. (ref. 18) concluded earlier that 
the inducers operating at low flow coefficients have separated flow near 
the hub. These conclusions are based on measurements taken far down- 
stream. The present investigation seems to suggest that such flow separa- 
tion takes place downstream of the inducer due to considerable flow re- 
distribution. It should be remarked here that large radial velocities exist 


Figure 16. — Radial variaiion of 
axial velocity at various axial 
locations. 
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in the blade wakes of the inducer. This accounts for large changes in axial 
and tangential velocities and stagnation pressures measured downstream 
(figs. 11, IG, and 18). 

luir downstream of the inducer (stations 5, G, and 7), the minimum 
axial vc'locity occurs near the hub, and in fact shows a tendency to sepa- 
rate at station .5. Downstream of the inducer, the radial vi'locities inside 
the blade wakes are outward near the hub, wheri'as the wake interactions 
iK'ar the tip produce an inward flow. The net ('fh'ct is a migration of the 
ma.ss flow toward th(> midradius. This (‘ITect can Ix' clearly seen at stations 
5 and G. Thus, there is a .substantial improvemnit in axial velocity distri- 
bution near the midradius and a deterioration near the hub. Furthermore, 
the extent of back flow is observed to grow continuously as the flow pro- 
c('(>ds downstream and occupies nearly 20 jiercent of the annulus far down- 
stream (station 7, fig. IG). In a pumping unit where the induc(>r is an inte- 
gral part of the main pump, the back flow may be absent if aerodynam- 
ically designed blade sections ar(> used. It is not clear whetluT this is true 
for flat plate inducers, since measurements close to tlu' trailing edge are 
not available for such units. Inside th<> blade' ]iassag('s, the [icrturbation in 
axial velocity is due to : 

( 1 ) Radially varying blade thickness and hence blockage 

(2) Radial flow inside the blade boundary laj'crs. This is by far the 
most important cause of the change in axial velocities from hub to tip. 

The perturbations in downstream flow arc predominantly due to radial 
velocities in the three-dimensional wakes. 

The prediction of axial velocitj^ distribution should take into con- 
sideration the detail flow structure, including the radial velocities inside 
blade boundary layers, inside such inducers. The boundary layer in a 
rotating helical channel, currently under investigation at Pennsylvania 
State University, should provide the urgently needed information for the 
accurate prediction of axial velocity distribution. Thus, considerably 
more theoretical and experimental work is necessary before the observed 
flow can be regarded as rationally explained. 

It should be emphasized here that the flow redistribution downstream 
of the inducer (caused by the radial velocities in the three-dimensional 
blade wakes) is considerable and extreme caution should be exercised in 
evaluating the performance of an inducer from the measurements obtained 
far downstream. 

The average values of the axial velocities derived from the hot-wire 
probe measurements very close to the trailing edge are shown plotted and 
compared with stationary probe measurements in figure 17. This seems to 
confirm the trend in axial velocity discussed earlier; i.e., very low axial 
velocities at midradius. 
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Figure 17. — Comparison of the absolute velocity components measured by the hot wire and 
stationary probe at station SA. 

Radial Velocities at Exit 

The radial distribution of average radial velocities ( [ Vr 1 ) derived from 
the hot-wire measurements is plotted in figure 17.^ 

It should be remarked here that the hot-wire probe senses only the 
magnitude and not the direction of the radial velocity. Near the inducer 
tip, radial inward flow exists due to boundary layer interactions. Thus, 
the algebraic average of radial velocities across the passage is likely to be 
different from | Vr\, especially near the tip. 

It is evident from figure 17 that the radial velocities are of the same 
order of magnitude as axial velocities, with values increasing monotoni- 
cally toward the tip. The maximum average radial velocity occurs a small 
distance away from the tip (fig. 17) and this location corresponds to the 
maximum inward flow region. 

These measurements confirm the earlier conclusion that radial velocities 
in such low flow coefficient and high solidity inducers are large. For the 
eventual flow analysis, it is essential to know the detail blade-to-blade 
variation of radial velocities including the extent of radial inward flow. 


’ Discrepancy between the hot-wire results reported in reference 21 (unpublished) 
and this paper is due to the fact that earlier results are based on K^ = 0 in equation (26). 
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Stagnation Pressure Coefficient at Exit 

The radial variation of stagnation head coefficient at various axial 
stations is shown plotted in figure 18 and compared with design values. 
These plots are typical of inducers tested earlier (refs. 17 and 18). The 
pressure coefficients near the tip are two to three times the corresponding 
design values. Strong real fluid effects from midradius to tip are thus 
evident. The performance of the inducer is similar to a “shear force pump” 
or “drag pump,” where shear forces are utilized to exchange kinetic 
energy between fluid and .solid bodies. Thus, the sections near the tip 
operate predominantly as a shear force pump, whereas the pressure rise 
near the hub is largely due to flow turning effects. 

The stagnation head decreases continuously as the flow proceeds down- 
stream of the trailing edge. ]\Iajor changes occur between stations 3 and 
4, especially near the hub. Comparing the corresponding axial velocities 
at stations 3 and 4 in figure 16, it is evident that the major effects come 
from the axial velocity changes. The wake mixing losses also contribute 
to the change in stagnation head. These effects are dominant from mid- 
radius to tip. The tip sections experience considerable pressure losses as 
the flow proceeds downstream despite the fact that axial velocity changes 
(fig. 16) are small. The presence of large mixing losses is thus evident in 
these regions. 

An attempt is made to estimate the stagnation pressure or head rise 
coefficient and losses on the basis of the analysis indicated in the preceding 
section (Approximate Theoretical Analysis). The knowledge of the 



Figure 18. — Radial variation of 
absolute stagnation pressure co- 
efficient ( i /' t ) at various axial 
locations. 




718 PUMPING MACHINERY FOR AEROSPACE APPLICATIONS 


relative velocities derived from the theory outlined earlier (see Tangential 
Velocities at Exit and fig. 15) enables an estimate of the energy losses to 
be made from ec(uation (11). The loss coefficients so derived are shown 
compared with the measured losses in figure 19 for station 5.® Reasonably 
good agreement between the estimated and measured losses confirms the 
validity of an empirical correlation such as eciuation (11) for estimating 
the energy losses associated with friction. 

Since the theoretical values of Euler head {\l/E = 2RVe/Ui) are known 
from the predicted values of Es (fig. 14), the actual head ri.se can be esti- 
mated from the equation = — '/'loss. 

The value of \pT thus estimated is shown plotted and compared with 
measured values at station 5 in figure 19. Hero again, the agreement is 
reasonably good and large gradients in stagnation head near the tip are 
estimated qualitative!}’. ^ '' 

Static Pressure Coetlicient at the E.xit 

The static pressure coi'thcients derived at various axial locations 
are plotted and compared with design values in figure 20. 



Figure 19 . — Estimated and measured friction losses and stagnation pressure coefficient 


* See footnote 5. 
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Figvhe 20. — Radiol varialion of 
at various axial locations. 


Near the tip, the measured pressure gradients are found to be large 
comparc'd to those of the design. This is in conformity with the radial 
equilibrium requirements since tangi'iitial velocities at thes(> locations are 
very large. It should be remarked here that the hub flow at station 3 is 
still under the influence of the rotor and hence the increase in \ps observed 
between stations 3 and 4. There is appreciable loss in static pre.ssures as 
the flow proceeds downstream. 

SUMMARY AND CONCLUSIONS 

( 1 ) A new friction loss coefficient applicable to inducers operating in 
the range of flow coefficients <t> = 0.0()5 to <#> = 0.2 is defined and derived 
from the inducer data available in the literature. This empirical friction 
loss coefficient is found to increase exponentially toward the blade tip. 
For the Penn State inducer, the radial variation of frictional losses esti- 
mated from this newly derived empirical lo.ss coefficient agrees closi'ly with 
the measured values. 

(2) A circumferentially averaged radial equilibrium equation is used 
to predict the relative and absolute tangential velocities. The analysis is 
based on suitable assumptions for the radial and mainflow velocity profiles 
(based on the existing three-dimensional turbulent boundary layer data 
available) and the loss coefficients explained above. Thi; agreement 
between theorj' and experiment is reasonably good. Hence it is evident 
that, if the frictional effects are known either empirically or analytically, 
the flow properties at the exit of the inducer can be predicted quite 
accurately. The stagnation head ri.se estimated from the predicted 
tangential velocities and the stagnation pressure losses (item (1)) agree 
qualitatively with the measured values. 
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(3) The test inducer, designed approximately for uniform head 
distribution over its discharge area (assuming ideal flow) , actually pro- 
duces a nonuniform head. Near the tip, the actual head of the absolute 
flow was found to be tivo to three times that at hub and midradius. This 
nonuniform head distribution can be explained qualitatively by real fluid 
effects and is in agreement with the observations of other investigators. 
The stagnation pressures are found to decrease continuously as the flow 
proceeds downstream. The wake mixing losses combiiu'd with large change 
in axial velocity distribution are the major causes of this. 

(4) The expected radial motions within the blade passages have been 
qualitatively confirmed by hot-wire measurements and appear to be quite 
strong at all radii. The radial vi'locities are found to be of the same order 
of magnitude as axial v(4ociti('s and increase continuou.sly towards the tip. 

(5) Measurements carried out several stations downstream indicate 
that the axial velocity profiles undi'rgo marked changes as tin; flow pro- 
ceeds downstream. The back flow rc'gion develops aftc'r th(' flow has left 
the rotating hub and grows continuously as the flow proceeds downstream. 
The minimum velocity occurs near the midradius, immediately down- 
stream of the trailing edg(>, whereas^ far downstream, the hub locations 
have minimum axial velocity. 

(G) The absolute tangential velocities are substantially higher than 
the design values, except near the hub. These are consistent with the 
stagnation pressure* rise observed. There is a large change in tangential 
velocities as the flow procec'ds downstream. This is causc'd by mass flow 
rc'distribution and mixing lo.sses that occur downstream of the inducer. 

(7) The measured static pressure! gradients are founel te> be large 
compared to those of eiesign, especially near the tip. The-re is appre'ciable 
loss in static pressures in the! tip flow as the flow proceeds downstream. 
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LIST OF SYMBOLS 

dh Hydraulic mean diameter (equation (9)) 

F Frictional force per unit mass 

Fir), ("(r), J(r) Functions defined in equations (33), (30), and (31) 
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Stagnation head rise (in absolute flow) 

Head rise derived from Euler’s Equation (UVe/g) 
He-H„ 

Measured stagnation head rise (in absolute flow) 

Net positive suction head, ft 

Static head 

Blade chord length 

Rotative speed, rpm 

Number of blades 

Static pressure 

Stagnation pressure 

Stagnation pressure loss due to friction 

Flow rate, gpm 

r/r, 

Hub/tip ratio 

Reynolds number, IF dh/v 

Radial, tangential, and axial coordinates 

Width of the passage measured normal to blade surface 

Suction specific speed. A' \/ Q/P./'"* 

Blade spacing 
Blade speed 

Resultant absolute velocity 
Resultant relative velocity 

Coordinates parallel to and perpendicular to blade 
camber line and lying on a cylindrical surface (fig. 7) 
Angle between limiting streamlim^ and x direction 

(fig. 7) 

Blade angle measured from axial direction 
Air angle measured from axial direction 
y/S 

Distance between the mean streamline and camber line 
normal to blade chord 

Blasius friction coefficient defined in equation (8) 
Friction coefficient for a rotating channel defined by 
equation (11) 

Kinematic viscosity 
Density 

Flow coefficient, 

2gHE/U? 

2gHios,/Ut^ 

2gh/U ? (static head rise coefficient) 

Angular velocity 

Stagnation head coefficient, 2gH/ U ? 
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Subscripts 


h 

m 

RMS 
r, e,z 
t 


y 

1 

2 


Hub 

Values at midpassage 
Root-mean-square value 
Components along r, 0, z directions 
Tip 

Components along x, y directions (fig. 7) 

Inlet 

Outlet 


Superscript 

~ Averaged over the passage 
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DISCUSSION 


G. F. WISLICENUS (Tucson, Arizona) : I am very happy to discuss 
this paper, as I was connected for a considerable length of time with the 
work on which this paper reports. 

Our friends from NASA will recall that we bad no illusions about the 
inherent difficulties of this investigation at the time it was proposed. As I 
recall it, we stated in this proposal tliat real-flow effects were expected to 
extend over the entire flow field. In other words, we expected to find a 
mess, and this expectation was certainly fulfilled. The objective we had in 
mind was not only to learn something about rocket pump inducers, but 
equally to learn how to deal with such a complex and theoretically almost 
hopeless flow problem. It may be understandable why an old engineer like 
myself might want to get involved in such a problem. But it commands 
my respect when a younger engineer and scientist like Dr. Lakshminara- 
yana is willing to struggle for years with this type of investigation, and 
even more so if he finally comes up with results that seem to make sense. 
I can assure you that while I was still at Penn State I found hardly any 
time to contribute to this often frustrating work. And now I am com- 
pletely out of it, which has given Dr. Lakshminarayana the opportunity 
to pursue his investigation in a more undisturbed fashion. 

I do not feel qualified to discuss the author’s theoretical investigations 
except for the observation that some of the comparisons between his 
theoretical and experimental results impress me as much closer than I 
personally would have expected. But if it is really true, as stated in con- 
clusion (2), that frictional effects in inducers are now predictable, then it 
is our obligation to put this knowledge in a form that can be used by the 
practical designer. After all, if friction effects double or triple the head 
generated in the tip regions, then their consideration is a plain necessity 
in the design process. 

There is only one point I should like to discuss in a little more detail; 
i.e., that according to figures 11 and 18 the angular momentum of the 
flow seems to decrease with increasing distance from the impeller. The 
statement that this is due to “mass flow redistribution” might not be a 
sufficient explanation for some old-fashioned engineers like myself. It 
seems to me that this situation could be cleared up by plotting the cir- 
cumferential velocity component (I's) against the stream function of the 
(circumferentially averaged) meridional flow, as the local angular 
momentum transport is, after all, proportional to the local mass flow. If 
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such a plot still shows a decrease in angular momentum, this decrease 
must be explained by a circumferentially nonuniform mass and momen- 
tum exchange between the positive flow region and the backflow region. 

In passing, I should like to ask whether the axial velocity curves shown 
in figure 16 satisfy the condition of continuity. To check this, it might be 
interesting to plot the same curves against r^, considering the backflow 
areas as negative. It illustrates the measuring problem before us if we 
mention that under such complex conditions of flow measurement any 
check on the validity on the results obtained is most welcome. 

It worries me just a little that the simple throttle valve which I sug- 
gested to use might have an upstream effect that could influence the 
separation at the hub downstream of the inducer. This possibility could 
be checked with relative ease. 

J. E. CROUSE (NASA Lewis Research Center) : The author and 
investigators associated with this project should be congratulated on the 
depth of their research work. It is encouraging to see some “in depth” 
studies among the large number of papers published these days. 

In the paper, considerable effort was made to construct models of 
velocity profiles and loss mechanisms. The data essentially confirms that 
suspected significant radial profiles near the blade surfaces do indeed 
exist. One of the more interesting results of the work is the small effect 
these radial components have on the predicted energy addition as evi- 
denced by the Fs/t/i profiles of figure 15 with and without the radial 
velocity terms. 

The important empirical term in the author’s flow prediction equation 
is the term representing the loss gradient. Especially for low flow co- 
efficient turbomachines, such as inducers, a good flow prediction method 
is highly dependent on an accurate representation of the loss gradient. 
The source of the losses is not important for the prediction method itself, 
but knowledge of the source of the losses can be rather important in 
setting up a reasonable loss model. The author chose to correlate all the 
losses associated with the flow through an inducer into a pipe-type friction 
parameter for the relative flow channel. 

The experimental data of figure 9 for several rotors, according to the 
author’s suggested correlation, is indeed somewhat better than that of 
figure 8, which is the same data by another correlation. The better correla- 
tion of loss data should be considered one of the most important results 
of this work. 

J. H. HORLOCK (Cambridge University) : To one who has attempted 
to predict the averaged flow in conventional axial flow turbomachines, 
this is a fascinating paper in that the method of attack has to be entirely 
different for several reasons. 
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(1) The axial velocity term in the radial equation of motion 
W z{dWz/ dr) is neglected because of the high stagger of the blade. 

(2) Prediction of the tangential velocity distribution \\\{r) instead 
of Wz{r) is attempted. 

(3) Variations of velocities across the pitch due to viscous effects 
are important. 

(4) The radial lo.ss distribution is dominant (although this is also 
important in axial-flow compressors at low flow coefficients) . 

I have followed B. Lakshminarayana’s work with interest and discussed 
it with him. But there are still several aspects of the investigation that are 
not clear to me. 

(1) On what basis is it justifiable to negh'ct dWz/dr compared with 
dWr/dzl 

(2) In the region near the blade in the outer half of the rotor, I think 
the magnitude of the radial body force due to viscous loss should be 
estimated. It is of order of magnitude [tan a d(A/Vp)/d-rJ and may 
not be negligible. 

(3) Why is the loss correlation improved by including the flow coeffi- 
cient 4>? I would expect it to be related to (</> — <t>design) but not simply as 
inverse of <#>. 

(4) The change in Ve(r) with r (fig. 11) is mj'.sterious. Is it jiossible 
to measure the tonjiie on the rotor and compare it with the change of 
tangential velocity across the rotor, in order to see if then' are errors in 
the measurement of the lattc'r. 

Undoubtedly this work will be of use to designers of other turbo- 
machines, especially in the prediction of performance at low </>. Has the 
author any recommendations on how the design of the inducer may bo 
modified to allow for the observations of this paper? Can the large in- 
crease in loss with radius be avoided, and is the operation of the outer 
part as a drag pump inevitable? Or should the inner part be designed 
inviscidly and the outer part as a drag pump? 

P. COOPER (Case Western University and TRW Inc.): Dr. 
Lakshminarayana’s work makes one aware of the strong three-dimensional 
effects that serve to alter the expected performance of an inducer. He has 
made us aware of heretofore unexplained radial flows and other effects of 
the highly frictional flow that exists in an inducer. That he has been able 
to predict the outlet tangential velocity distribution by using his new loss 
scheme is especially encouraging. 

I would like to inquire about the flow process connected with his pre- 
dicted shift in this tangential velocity distribution from that of design. 
The author suggests that the flow action near the inducer tip is like that 
of a shear force pump. Is there a way that he could illustrate this more 
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fully? One possible explanation for this phemonenon at the tip is that the 
much higher loss there would result in too low a pressure — were it not for 
the action of the blades in maintaining radial equilibrium. Accordingly, 
the outlet tangential velocity component becomes quite large at the tip in 
an effort by the machine to produce more work there to offs('t this loss. 
Now, regardless of the blade-to-blade and hub-to-shroud velocity profiles, 
is not this process the result of guidance by the blades? Is the tip axial 
velocity component still connected with the tangential component 
through the blade angle there? 

F. F. ANTUNES (Ingcrsoll Rand Inc.) : Since the tc'sting was done as a 
free impeller (without a stator or guide vanes) , there is some qiu'stion as 
to whether the three-dimensional effects ar(> greatly exaggerated from 
that of an inducer with stator downstn-am. It is sugg('sted that a reason- 
able stator be added and velocities remeasured. 


LAKSHMINARAYANA (author) : I would like to thank the dis- 
cussers for their helpful commcTits and criticisms. 

Professors Wislicenus and Horlock have commented on the mysterious 
effect; i.e., largo change in angular momentum as the flow proceeds down- 
stream. Th(! author explained that this is due to large- re-distribution of 
mass flow that occurs downstream e>f the inducers. This can be- e-xplained 
from the following calculations. Te> check the- accuracy eif the measure- 
ments, area averaged axial veh)city Vz and mass ave-rageR Ve are com- 
puted at the measuring stations u.sing the fblloiving e-ejuations. 


V_z 

Ut 




Vj 

Ut 


R dR 


Ve 

Ut 


K. Ut Ut 


R dR 


he Ut 


RdR 


The values of Vz/Ui, Ve/Ut at various measuring stations (see fig. 10) 
are shown in table D-I. 

As can be seen from table D-I, the accuracy of Vz measurements, 
which is within 4 percent, is better than expected in such a flow. The 
change in mass averaged Ve is small compared to local changes observed 
at various stations (compare fig. 11 and table D-I). This confirms the 
author’s conclusions that local F« changes are brought about mainly by 
flow redistribution. The mass averaged F 9 shows a consistent trend in 
that it decreases continuously downstream, the decrease being small 
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Table D-1. — Values of V JV i, Ve/Ut at Various Stations 


Station number 

4 

5 

6 





; 

0.076 

0.0775 

0.0745 


0.346 

0.326 

0.306 

u, 





everyAvhero except between stations 6 and 7. The reasons for this are 
mentioned by Wislicenus. Some of the discrepancy in Ve may also be due 
to experimental inaccuracy in measuring the flow in the backflow region, 
whose extent extends up to 20 percent of annulus at station 7. 

To check whether a simple throttle valve used in these experiments has 
any effect on inducer flow, especially in inducing backflow at the hub 
region, measurements were carried out with a properly designed throttle 
as shown in the insert in figure D-1. The tests were carried out with a 
three-bladed inducer, since this geometry was rc'adily available'. Please note 
that all the measurements reported in this paper are carried out in a 
four-bladed inducer and hence velocity profiles plotted in figures D-1 and 16 
are for different solidity inducers. The results shown in fig. D-1 indicate 
that the throttle has no effect on flow separation at the blade trailing 
edge and its influence is felt only beyond station G, which is far down- 
stream of the inducer. Thus, it is concluded that the throttle has no effect 
on flow separation observed at stations 3, 4, and 5, even though the extent 
of backflow is somewhat reduced at station 6. 

The author agrees with Mr. Crouse with regard to the source of the 
losses. Knowledge of the source of losses is extremely important in the 
design of inducers where incorporation of viscous effects is a necessity. 
The group at Penn State is now engaged in understanding the various 
sources of losses. This ivould lead to an analytical model which recognizes 
various mechanisms responsible for flow departure and losses. 

In regard to Professor Horlock’s comment onffhe magnitude of the body 
force term due to viscous losses, I have proved below that its magnitude 
is extremely small and its neglect in the equations of motion is justified. 

Since the radial equilibrium equation used in this paper is passage 
averaged, it is necessary to find the average (blade to blade) of the body 
force term due to viscous losses. This term is thus equal to 
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1 d /APo\ 

(from equation (13)). 

In deriving equation (37) , it is assumed that the streamwise gradient of 
local loss in Fo is nearly the same as the corresponding gradient of average 
loss in Po. Using equation (21), it can be proved that 

— 1 —dW 

Fdr'^- XijIU — tan a (38) 

O uX 



Figure D-1. — Radial variation of V,/Ut and f/t at various axial stations with simple 
(old) and aerodynamically designed {new) Ihrollle {three-bladed inducer). 
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since 

L 1 
dh cos /3 

and 

d /AFo\ Xr — dW , SXr 
dr\pj Ti SR 2rt dR 

Hence the ratio of the two terms is 


Fa. 


dW 


rtXit tan a 

dx 


d 

dr 



d H W 5Xr\ 


(39) 


(40) 


This ratio is evidently very small as illustrated in this examph; (using 
measured values) . 


At/f = 0.8, tan a = 0.36 


X. = 0.19, 


(from fig. 13) 
(from fig. 9) 


— dW 

W = 0.6U„ -- = 0.6C7, 
dR 


(from fig. 14) 


dW -O.OoU, 
dx Tt 


(fig. 9 and eq. (27) ) 


Substituting these values in equation (40) , we get 

P 

— cs^l.SXlQ-^ 

A /^o\ 

dr\p) 


Hence the bod}’ force term neglected in my analysis is extremely small 
compared to d/dr{APo/p) and its neglect is certainly justified. Even at 
the tip, where dW/dR is negative, the ratio is extremely small since 
dXn/dR is very large and a is very small. 

The other comment by Profe.ssor Horlock concerns the choice of the 
parameter 4> in the loss correlation. The physical reasoning behind this 
choice is that at lower 4> (which means larger stagger angles) narrower 
blade passages result and thus the flow in these passages becomes fully 
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developed sooner and hence viscous effects become larger. I don’t agree 
with Professor Horlock that 0 - (^design should be the parameter. Unlike a 
compressor aerodjmamicist, an inducer hydrodynamicist is faced with the 
dilemma of evaluating the losses even at the design conditions where the 
frictional losses are several orders of magnitude higher than those in a 
compressor. It is the intention of the author to understand the design 
flow first and then attempt to correlate the flow losses at off-design 
conditions. 

The physical flow process occurring within the inducer is more com- 
plex than explained by Dr. Cooper. Larg(>r incrc'ase in Ve and absoluti? 
head rise is not due to guidance of the blade. The flow deviation angles 
are found to be large at every radial location. As explained in this paper, 
the radial velocities are large and are of the same order of magnitude as 
the axial components. Under these circumstances, the inducer should be 
treated as a mixed flow pump. The meridional component (in the viscid 
flow) through the inducer can be divided into axial and radial com- 
ponents. The axial component can be treated in the manner describi'd by 
Dr. Cooper, but the radial component of the flow makes the inducer 
behave as a shear force pump. The author is presently investigating the 
possibility of predicting the flow by this approach. 

With regard to the comment by Mr. Antunes, it is very doubtful that a 
stator or guide vane would improve the flow through the inducer. On the 
other hand, large flow redistribution that occurs downstream of the 
inducer may be controlled, to some extent, by means of a stator. From 
physical and mathematical con.siderations, it is verj’ hard to see how a 
stator would change the three-dimensional viscous character of the flow 
inside the inducer. 



Prediction of Pump Cavitation Performance 
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A method for predicting pump cavitation performance with vari- 
ous liquids, liquid temperatures, and rotative speeds is presented. 
Use of the method requires that two sets of test data be available for 
the pump of interest. Good agreement between predicted and experi- 
mental results of cavitation performance was obtained for several 
pumps operated in liquids which exhibit a wide range of properties. 
Two cavitation parameters w’hich qualitatively evaluate pump cavi- 
tation performance are also presented. 


Cavitation in turbopumps is usually undesirable because it can produce 
vibrations, flow instabilities, and blade structural damage, as well as 
losses in head rise. However, in some cases, it is advantageous to operate 
with cavitation present. For example, the overall structural weight of 
rf)cket vehicles can generally be reduced if the turbopump is operated with 
a controlled degree of cavitation. This type of operation can permit greater 
pump speeds or lower propellant tank pressures; either can reduce vehicle 
weight, thereby allowing increased payload. These size and weight 
advantages offered by increased rotative speed are not limited to space 
applications. 

Rocket engine pumps generally employ an inducer ahead of the main 
pump rotor. The inducer, by virtue of its design, can operate satisfactorily 
with a considerable amount of cavitation present on the suction surface 
of the blades. Because cavitation is a vaporization process which involves 
heat and mass transfer, the properties of the pumped liquid and its vapor 
and the flow conditions can affect the cavitation performance of the 
inducer. These combined effects of fluid properties, flow conditions, and 
heat transfer — termed thermodynamic effects of cavitation — can improve 
cavitation performance. For example, cavitation studies have shown that 
for certain liquids and liquid temperatures the net positive suction head 
(NPSH) requirements can be significantly less than that obtained in room 
temperature water (refs. 1 to 3) . The accurate prediction of the thermo- 
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dynamic effects of cavitation and its relation to the NPSH requirements 
is therefore essential to an optimum design of a cavitating flow system. 

This paper presents a method for predicting the cavitation performance 
of pumps and inducers. The method presented is based on, and is an 
extension of, the method discussed in references 4 and 5 for Venturis. Two 
parameters which qualitatively evaluate the cavitation performance are 
also presented. 

ANALYSIS 

The method for predicting pump cavitation performance presented 
here is detailed in reference 6. The method is based on Venturi cavitation 
results (refs. 5, 7, and 8) . Use of the prediction method requires that two 
sets of appropriate test data be available for the pump and operating 
conditions of interest. 

Assumptions 

A prerequisite to the prediction method developed for Venturis is that 
similarity of the cavitating flow be maintained for all conditions to which 
the method is applied. For a given inducer design, similarity of cavitating 
flow is assumed to exist under the following conditions: 

(1) Constant flow coefficient. The flow is entering the blades at a 
constant incidence angle. 

(2) Constant head-rise coefficient ratio. The cavity on the suction 
surface of the blades and thus the vapor volume corresponding to a specific 
cavitating-to-noncavitating head-rise coefficient ratio is essentially con- 
stant irrespective of liquid, liquid temperature, or rotative speed. 

(3) The same or geometrically scaled inducers. The inducer should 
have similar velocity and pressure distribution along the blade surfaces. 

Thermodynamic Effects of Cavitation 

The differences in pump cavitating performance are generally attributed 
to the thermodynamic effects of cavitation which reflect the varying 
degrees of evaporative cooling that accompany vaporization of the 
particular liquid being pumped. In situations where evaporative cooling 
is significant, the cavity pressure and the vapor pressure of the liquid 
adjacent to the cavity are reduced by an amount corresponding to the 
reduced local temperature. This reduction in cavity pressure retards the 
rate of further vapor formation, thereby allowing satisfactory operation 
of the inducer at lower values of net positive suction head than would 
otherwise be possible. 

The magnitude of thermodynamic effects of cavitation A/i„ can be 
estimated by setting up a heat balance between the heat required for 
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vaporization and the heat drawn from the liquid surrounding the cavity. 
The heat balance has been derived in references 4, G, and 7. Thus, only the 
resulting equation is presented. All symbols are defined at the end of 
this paper. 


Ahy = 


L /;^A 
Vpi Cl dT/ \vj 


( 1 ) 


The vapor-to-liquid volume ratio (Vr/Vt) in anj' real flow situation is not 
known nor can it be measured directh'. However, from the Venturi 
cavitation studies (refs. 4 and 5), the following equation, which estimates 
the volume ratio relative to a reference value, was developed. 


/;^A ^ /^\ /^f\ / V Y ' 

\VtJ \Vl/y^i \ a J \Fref/ 


( 2 ) 


For the experimental case where a value of Ahy is known, the correspond- 
ing reference value of V,./Vi can be determined from equation (1). Then 
values of V„/'0; for other liquids, liquid temperatures, and flow velocities 
are estimated by equation (2). With the predicted value of ‘O./'U;, 
determination of the corresponding value of Ahy is possible using equa- 
tion (1). 


Similarity Relations 

For the Venturi studies, a cavitation parameter Kc, min was shown to be 
a constant for similarity of cavitating flow. In terms of pump parameters, 
the cavitation parameter can be expressed as 


NFSH + A/i„ 

{V^2g) 


( 3 ) 


Because Kc.mm is constant for geometrically similar cavities in a given 
flow device, it follows that 

NPSH+A/i, 

NPSH„f+(A/l„),ef \VreJ ^ ^ 

where the subscript ref denotes a reference value which must be deter- 
mined experimentally. Equation (4) may be used to predict the required 
NPSH for a particular pump operated at a fixed flow coefficient and head- 
rise coefficient ratio, but with changes in liquid, liquid temperature, and 
rotative speed. 

For pumps, direct measurement of (Ahy)rei needed for use in equation 
(4) is not feasible. However, it is possible to estimate A/i„ without meas- 
uring cavity pressure directly. This requires that two seds of experimental 
data be available at the flow coefficient and head-rise coefficient ratio of 
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interest. Although these experimental data do not have to be for the same 
liquid, liquid temperature, or flow velocity, one set of data must yield 
measurable thermodynamic effects of cavitation. Pleasured values of 
NPSH and V from one of the test conditions are arbitrarily chosen as the 
reference value. Since both Ah„ and {Ahv)ret are unknown, an iterative 
solution of equations (1), (2), and (4) is required to determine {Ahv)re{- 
With the value of (Ah„)ni once determined, the required NPSH can be 
predicted for other liquids, liquid temperatures, and flow velocities. 

RESULTS AND DISCUSSION 

The prediction method has been applied to several axial-flow inducers 
and centrifugal pump impellers. These rotors were operated in several 
different liquids at various liquid temperatures. The rotors were tested at 
various rotative speeds and flow coefficients. 

Liquid Temperature Effects 

The cavitation performance for an 84° research inducer (fig. 1) is 
presented in figure 2. The data are for liquid hydrogen at temperatures 
from 27.5° R to 36.6° R (15.3 K to 20.3 K) and for a constant rotative 
speed of 20 000 rpm (ref. 3). The flow coefficient is also constant. The 
data are plotted in terms of head-rise coefficient ratio ^/^jvc as a function 
of NPSH. For a given value of the required NPSH decreased 

rapidly with increasing liquid temperature. The performance results 
obtained at 27.5° R and 31.7° R (15.3 K and 17.6 K) were arbitrarily 
chosen as the reference data to predict the NPSH requirements for 


Figure 1. — 84° flat-plate helical 
inducer. Tip diameter, 4-986 
inches (12.66 cm); hub diameter, 
2.478 inches {6.29 cm); number 
of blades, 3. 





PREDICTION OF PUMP CAVITATION PERFORMANCE 737 


Hydrogen 

temperature, 

T, 

°R (K) 

O 36.6 ( 20.3) 

□ 34.3(19.1) 

O 31.7(17.6) 

A 27.5(15.3) 

Reference data 

Predicted values 



Net positive suction head, NPSH, ft 


I I I I I 

5 10 15 20 25 

Net positive suction head, NPSH, m 


Figure 2. — Effect of liquid temperature on cavitation performance of 84° inducer. Rotative 

speed, 20 000 rpm. 


hydrogen at 34.3° R and 36.6° R (19.1 K and 20.3 K). The predicted 
NPSH requirements (dashed lines of fig. 2) agree reasonably well with 
the experimental results. 

The static pressure in the inlet line of a pump is less than the inlet total 
pressure as a result of the flow velocity. However, the inlet total pressure 
is used in defining NPSH. Thus, at some relatively low value of NPSH, 
depending on the design and mode of operation, a condition is reached 
where the static pressure at the pump inlet equals the pressure of the 
entering fluid. The fluid in the inlet line is therefore in a boiling state. Any 
further decrease in NPSH will cause more vapor to be generated; and this 
vapor will be ingested by the pump. For the inducer performance data of 
figure 2, this condition of boiling in the inlet line occurs at an NPSH of 
about 17 feet (5.2 m), as noted by the vertical line. The data for 36.6° R 
(20.3 K) show that the test inducer was capable of pumping boiling 
hydrogen while it maintained 0.85 of the noncavitating head rise. 
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The present prediction method applies to two-phase flow (cavitation) 
within the blade passages of a pump or inducer. However, when a boiling 
liquid is pumped, two-phase flow also exists in the inlet line ahead of the 
pump (shaded area of fig. 2, for example). The condition of a vapor-liquid 
mixture in the inlet line presents an added complication to the prediction 
of cavitation performance; the present prediction method does not apply 
to this condition. 

The magnitude of the thermodynamic effects of cavitation realized for 
this inducer at a rotative speed of 20 000 rpm and \p/\pNc of 0.7 is shown 
in figure 3. The A/i„ values increased rapidly with increasing temperature. 

Liquid Effects 

The measured and predicted NPSH requirements for three small 
commercial pumps that were operated in water, methyl alcohol, butane, 
and Freon-11 at various temperatures are compared in table I. The 
measured NPSH values listed are taken from previously reported results 
(refs. 1 and 2) . All values arc for a cavitating-to-noncavitating head rise 
of 0.97 and for a speed of about 3550 rpm. The two reference values of 
NPSH listed for each pump (denoted by a) were arbitrarily chosen as the 



Figure 3, — Thermodynamic effects of cavitation as function of hydrogen temperature for 
84° inducer. Rotative speed, 20 000 rpm; head-rise coefficient ratio, 0.70. 
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reference test data for use in the prediction method. The predicted NPSH 
values are in good agreement with experimental results. In fact, except 
for the 756° R (420 K) water data for pump 1 the predicted values are 
within the experimental accuracy of measured NPSH values. For pump 3 
operated in 870° R (483 K) water, the predicted NPSH value is zero, 
which from previous discussion implies that this particular pump should 
have been capable of satisfactory operation (3-percent loss) at an NPSH 
value sufficiently low to cause vapor to form in the inlet line. As stated 
in reference 1, there were indications that flashing in the inlet line did 
occur at rated flow; consequently, the pump was operated at a less-than- 
design flow rate and the resulting measured NPSH was extrapolated to 
design conditions. This last set of data further illustrates that, because of 
the thermodynamic effects associated with cavitation, it may have been 
possible to pump this liquid under boiling conditions satisfactorily. 

The magnitudes of the thermodynamic effects of cavitation realized 
with these various commercial pumps are also listed in table I. For each 
liquid, the values increase with increasing temperature. It should also 
be noted that the values for the same temperature liquid vary with 
the various pumps. 

Rotative Speed Effeets 

Liquid hydrogen cavitation data were also obtained for a small research 
centrifugal pump impeller (fig. 4) operated at various rotative speeds 
(ref. 6). The experimental and predicted cavitation performance are 
compared in figure 5. The data were obtained for four rotative speeds at a 
constant temperature and flow coefficient. The performance curves 



Figure 4. — Cenlrifugal pump impeller. 
Overall dianieler, J,.56 inches {11.58 cm); 
number of blades, 12; number of splitler 
vanes, 36; inlet tip blade angle, 71 .3° (from 
axial direction). 



Table 1.— Effect of Liquid and Liquid Temperature on Pump Cavitation Performance 
(Nominal rotative speed, 3550 rpm; head-rise coefficient ratio, 0.97.1 
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611 339 16.7 16.8 
641 356 15.5 15.3 
663 368 13.5 13.3 


PREDICTION OF PUMP CAVITATION PERFORMANCE 


741 


CO 1-H 

40 05 05 CO 

T#< r-l 

X 05 

o o -« 

O O tH IN 

o ^ 

O O 1-H M 

00 

CO O 

CO 1> 

40 0 0 

O O CO 

1-H CO CO X 

1-H CO 

O CS CO (N 





r- 1 

i-< 1 r- o 

(N t>- 

1 . X 

CO 1 (N 

X i ^ ^ 

; 

X CO 

1 ( 1-H O 





CO 

O CO ^ 

f-H CO 

!>• 05 X CO 

CO CO 

CO <N 1-H 1-H 

X 

CO (N ^ O 

00 ' t>. 

■ CO 

40 1-H 

1 1 o 

^ 1 GO 

O 1 40 X 

O 00 

1 1 cO O 




1 1 
1 1 
1 1 





CO O CO 

X X 1— 1 40 

IN 

O 40 o o 

<N 1-H X 

05 X 40 X 

O X 

N 05 CO 






Oi 05 (M 
(N CO 


uO CO Q 

00 o o 

«N (N CO CO 


CO (M 

O (N 

CO CO 


CO CO 
05 ^ CO 00 
<N TIH rt 


o o 

CO ^ 
iO l> 


lO lo o o 

05 ^ TjH »0 
lO 40 40 


40 O 
00 
40 40 


O O 40 o 
CO 40 GO r>- 
40 1> b- CO 


o 

m 


p3H 


a 

CO 

d 


crJ H 



742 PUMPING MACHINERY FOR AEROSPACE APPLICATIONS 


Rotative Hydrogen 



speed, 

temperature. 


N, 

T, 


rpm 

°R (K) 

o 

25 000 

37.2(20. 7) 

□ 

27 600 

37. 2 (20. 7) 

o 

30 000 

37.1(20. 6) 

A 

40 000 

37.4 ( 20.8) 


Reference 

data 


Predicted values 



1 I ^ I I 

25 50 75 100 125 

Net positive suction head, NPSH, m 

FiGURf; 5. — Effect of rotative speed on cavitation performance of centrifugal pump impeller. 


obtained at 25 000 rpm and 30 000 rpm (solid curves) were used as 
reference test data to predict the NPSH requirements for 27 000 rpm and 
40 000 rpm (dashed lines) . The predicted and experimental results arc in 
good agreement. The predicted magnitude of the thermodynamic effects 
of cavitation for this pump operated in 37.2° R (20.7 K) liquid hydrogen 
is shown in figure G. The A/i„ values increase with increasing rotative speed. 
For the data of figure 5, the pump NPSH was sufficiently large that the 
condition of boiling in the inlet line was not encountered. 

Flow Coeflicient Effects 

The prediction method was also used to predict the cavitation per- 
formance of a 80.6° inducer (fig. 7) operated in liquid hydrogen at a 
rotative speed of 30 000 rpm (refs. 9 to 12). The required NPSH for a 
'P/'pNc of 0.7 is plotted as a function of flow coefficient in figure 8. For each 
liquid temperature, the required NPSH increases with increasing flow 
coefficient. The performance curves for 31.0° R and 34.1° R (17.2 K and 
18.9 K) hydrogen were used as the reference data. The predicted and 
experimental values are in good agreement. The predicted magnitude of 
the thermodynamic effects of cavitation is shown in figure 9. For each 
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50 f— 


40h 


30k 






Figure 6. — Thermodynamic effects of cavitation as function of rotative speed for centri- 
fugal pump impeller. Hydrogen temperature, 37.2° H (20.7 K); head-rise coefficient 
ratio, 0.70. 



Figure 7. — 80.6° flat-plate 
helical inducer (Inducer A). 
Tip diameter, 4.980 inches 
(12.65 cm); hub diameter, 
2.478 inches (6.29 cm); 
number of blades, 3. 


temperature above the triple point temperature, AK decreased with 
increasing flow coefficient. As was the case with the other inducer and 
pumps, Ahv increased with increasing liquid temperature. 

Cavitation Parameters 

As shown here and in references 3, 6, and 9 to 14, both the required 
NPSH and the magnitude of the thermodj-namic effects of cavitation vary 
with liquid, liquid temperature, rotative speed, flow coefficient and inducer 
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or pump design. Thus, when values of NPSH and are given, they must 
be accompanied by each of these variables. 

A more convenient way to express the cavitation performance is to 
express equation (3) as 
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Figure 8. — Effect of flow coefficient on cavitation performance of 80.6° inducer {Inducer 
A). Rotative speed, 30 000 rpm; head-rise coefficient ratio, 0.70. 
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ic-factor = Kc,min + 1 


NPSH+A/i„ 

(V^/2g) 


(5) 


With the iC-factor known, the cavitation performance of an inducer 
operated in a liquid without thermodynamic effects can be evaluated. 
The greater if -factor will result in the greater required NPSH. 

Another way to evaluate the thermodynamic effects of cavitation is to 
express the reference values in equation (2) as 

( 6 ) 

With the substitution of equation (6) , equation (2) will become 

^^^ = M-factor^-^ (F)» « (7) 
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Figure 9. — Thermodynamic effects 
of cavitation as f unction of flow co- 
efficient for several hydrogen tem- 
peratures for 80.6° helical inducer 
{Inducer A). Rotedive speed, SO 000 
rpm; head-rise coefficient ratio, 
0.70. 
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Equation (7) can then be used in conjunction with equation (1) to deter- 
mine the value of for the condition of interest. Thus only the M-factor 
has to be known to qualitatively evaluate which inducer (or pump) will 
have the mo.st thermodynamic effects of cavitation. When the same 
temperature liquid is being pumped at a particular speed, the inducer 
with the greater 7l/-factor will have the greater thermodynamic effects. 

Blade Leading Edge Thickness Effects 

To evaluate the effect of blade leading edge thickness on the cavitation 
performance of an inducer, the 80.6° inducer (fig. 7) was tested with three 
different fairings. The leading edges of the blades were faired as shown in 
figure 10. The results from those tests (refs. 9, 13, and 14) are summarized 
in figure 11 where the cavitation parameters, M-factor and X-factor, are 



a . — Inducer A. 


4. r 




Figuue 10 . — Blade leading edges 
for three 80.6° helical inducers. 
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a. — M-/ac/or. 



Flow coefficient, 


b. — K-fador. 


Figure 1 1 . — Effect of blade lead- 
ing-edge thickness on cavitation 
parameters for 80.6° helical 
inducer in hydrogen. Head-rise 
coefficient ratio, 0.70. 


plotted as a function of flow coefficient. Inducer A is the same as that 
shown in figure 7. 

Although Inducer C has the greatest thermodynamic effects of cavita- 
tion (indicated by the greatest M-factor), that inducer does not neces- 
sarily have the best cavitation performance (indicated by the highest 
X-factor). Depending on liquid temperature, the increase in Ah„ gained 
by blunting the blades may not be large enough to overcome the increase 
in NPSH requirements. Thus, compromises in blade fairing must be made 
in order to optimize the inducer design over a temperature range. 

The values of A/)„ and NPSH can be obtained for each inducer from the 
cavitation parameters, M-factor (eq. (6)) and i^-factor (eq. (5)). For 
example, the il/-factor for Inducer A will yield the A/i., -values shown on 
the curves of figure 9. The Af-factor for Inducer A can be used to cal- 
culate the required values of NPSH shown in figure 8 for liquid hydrogen 
at 24.9° R (13.8 K). The values of Ah„ obtained from the M-factor are 
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then subtracted from the required NPSH at 24.9° R (13.8 K) to obtain 
the required NPSH at other liquid temperatures (fig. 8) . 

CONCLUDING REMARKS 

A method for predicting the cavitation performance of pumps was 
developed. The prediction method, formulated from theoretical and 
supporting experimental studies, provided good agreement between pre- 
dicted and experimental results for several inducers and pumps handling 
liquids of widely diverse physical properties. The use of the method 
requires that two appropriate sets of test data, not necessarily for the same 
liquid, liquid temperature, or rotative speed, be available for the pump 
of interest. From these reference tests, the cavitation performance for the 
pump can then be predicted for any liquid, temperature, or rotative speed 
provided that flow similarity is maintained. The method also has useful 
application in the generalization of experimental data obtained with 
liquids that exhibit substantial thermodynamic effects of cavitation. For 
example, pump cavitation studies that use a particular liquid need not be 
conducted at predetermined precise values of temperature and rotative 
speed since, through the use of the cavitation parameters, the data can 
be normalized. 

Because of the large thermodynamic effects of cavitation for liquid 
hydrogen, it is possible to pump hydrogen in a boiling state with rela- 
tively small losses in pump performance. The net positive suction head 
requirements will depend on the combination of fluid properties and on 
the flow conditions. 

LIST OF SYMBOLS 

Cl Specific heat of liquid, Btu/ (Ibm) (°R) ; J/ (kg) (K) 
dhv/dT Slope of vapor pressure head to temperature curve, ft of liquid/ 
°R; m of liquid K 

g Acceleration due to gravity, ft/sec^; m/sec^ 

AH Pump head rise based on inlet density, ft of liquid; m of liquid 

A/i„ Decrease in vapor pressure because of vaporization (magnitude 

of thermodynamic effect of cavitation) , ft of liquid; m of liquid 
Kf.min Developed cavitation parameter based on minimum cavity 
pressure 

k Liquid thermal conductivity, Btu/ (hr) (ft) (°R) ; J/ (hr) (m) (K) 

L Latent heat of vaporization, Btu/lbm; J/kg 

N Rotative speed, rpm 

NPSH Net positive suction head, ft of liquid; m of liquid 
U t Blade tip speed, ft/ sec ; m/ sec 
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V Average axial velocity at inducer inlet, ft/sec; m/sec 

Vi Volume of liquid involved in cavitation process, in.^; cm* 

V„ Volume of vapor, in.*; cm* 

a Thermal diffusivity of liquid, k/piCi, ftyhr; mVhr 

Pi Density of liquid, Ibm/ft*; kg/m* 

p„ Density of vapor, Ibm/ft*; kg/ m* 

tp Flow coefficient, F/f/( 

Head-rise coefficient, gAH/ U ? 

'k/'pNc Cavitating-to-noncavitating head-risc-coefficient ratio 

Subscripts 

NC N oncavitating 

ref Reference value obtained from experimental tests 
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DISCUSSION 


P. COOPER (TRW Inc. and Case Western Reserve University) ; 
Mr. Moore presents conclusive evidence in support of a theory that is the 
result of careful application to pumps of fundamental discoveries made at 
NASA with regard to cavitating flows. Basic to the theory presented is 
the discovery of the relationship between the XPSH and other relevant 
quantities that exists for similarly appearing flow configurations. That this 
relationship furnishes a pump cavitation performance map is emphasized 
if one approaches the problem of predicting such performance by using 
the classical methods of dimensional reasoning. 

In outlining the problem in this way, we must distinguish between the 
dyiiamic similarity to which dimensional reasoning is applied and the 
flow configuration similarity that is basic to the theory presented by IMr. 
Moore. For the former, we first write, in terms of the iiuantities evidently 
involved, the physical equation for pump performance: 

Ai/=/ (^V, fi, r, PI, p„, , C,, L, a, gNPSH, m, (G.)) (D-1) 

where is the angular speed; r, the pump inlet tip radius; {G.}, the set of 
geometrical lengths that describe the pump shape; m, another inde- 
pendent quantity or combination of quantities implied as being involvi'd 
by the discoveries made; and the otlii'r symbols are those defined by the 
author. Recognizing the dimensions of the.se quantities and the combina- 
tions of them that appear in the theory, we obtain a dimensionless func- 
tional equation for pump performance: 

/F gNPSH rV^ m (G.IX 

nV •''W’(UV2) 'dKL p„ 2 ’ a V«Fi^=’\rj/ 

or, abbreviating those dimensionless groups, 

\l/ =/i ( 0 , k, e, Pe, ih, { Gi j ) (D-3) 

Here, 0 can be replaced by ip/xl/nc, since \pNc is a constant of the problem. 
(0 is fixed, and noncavitating Reynolds number effects are apparently 
ignored.) 0 is the flow coefficient; A; is a cavitation number; 6 is essentially 
the parameter presented in an earlier NASA-sponsored inducer study 
(ref. D-1) and Pe is a Peclet number. 


There the parameter is developed as H^dt/dh, Ci/L pi/pe U-r- = 28/<t>-. 
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Now, Mr. Moore’s theory embodies the method of solution of equation 
(D-3), and it is in that solution that we see the independent parameter 
m involved. The relationships given by him in his equations (1), (2), and 
(3) (with his equation (2) modified by the addition of the size effect 
D/Drei from equation (11) of NASA TN D-5292 (ref. 6) may be com- 
bined and written as follows; 


Ac, min and m, w'here 


u 


(D-4) 


<n jAHyVi 

m = rhr*'W^'^ = — 

TJ, Pe 


Vi 


are constants for fixed values of the dependent parameter \p/\pNc, 4>, and 
the shape { G', ) . 

From the standpoint of the rationalist who must evolve equation 
(D-1), it is unfortunate that the constant dimensional quantity w is 
unknown. It must be some combination of the known quantities that are 
involved, such as surface tension, viscosity, etc., just as 


dt Cl Pi 
dh^ L Pp 


is another such combination. This is to be expected because, among other 
possibilities, no Reynolds number appears explicitly in the analysis. 

Mr. Moore’s method has made it unnecessary for us to know rn from 
the beginning; he merel.y asks that two tests be run to determine it, 
together with Ac, min- This points up another attribute of m, at least for 
the cavity-type flow configuration: It is independent of the fluid used and 
depends only on the quantities <i>, and {G, ). Apparently w is some 

compensating combination of physical properties and some of the other 
independent quantities listed in equation (D-1) such that it can have 
this constancy character. 

The quantity Ac, min is not an independent parameter of the functional 
performance equation (D-3), but rather is a function of the independent 
dimensionless parameters that turns out to be constant under the given 
conditions for similarly appearing flow configurations of the type assumed 
to exist in cavitating pumps. Since m is also constant under these condi- 
tions, the parameter could be a combination of more independent 
parameters that might have different influences in a basically different 
flow structure. 

The flow of vapor and liquid in an inlet line is an example of a situation 
with which is associated a flow configuration fundamentally different 
from the cavity type basic to the prediction method presented by Mr. 
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Moore. If, as was done in the earlier inducer study already noted, one 
assumes such a flow to be fog-like (i.e., a homogeneous variable-density 
continuum consisting of many small bubbles in equilibrium with the 
surrounding liquid), ni and are eliminated from equation (D-3). 
Furthermore, the solution of the entire resulting compressible flow field 
can be sought using an equation of state for the mixture density p: 


Pi 

1 -|- 


(D-5) 


This was applied wherever the pressure depression coefficient Cp„ = 
(p„ — p)gf/(p,fiV) exceeded zero, being the initial vapor pressure of the 
fluid and Pv — p being the vapor pressure depression (since p is then the 
local vapor pressure) . 

This fog-flow approach was applied to inducers. The assumption of a 
cavity on the suction side of each blade is well substantiated by Mr. 
Moore for the operating conditions investigated. However, at complete 
head breakdown, or near such a condition with vapor in the inlet line, the 
blades are unloaded, and the fog-flow approach might more closely de- 
scribe the flow, especially in the inlet region. Such an analysis applied to 
an 83.8° inducer yielded dimensionless NPSH results for this limiting 
situation over an 0 -range of 10 to 1000 that agree qualitatively with 
those indicated in figure 2 for the 84° inducer of figure 1 of Mr. Moore’s 
paper. His range of the parameter 0 was from 46 to 1260 for the corre- 
sponding LH 2 temperature range of 36.6° R to 27.5° R at 20 000 rpm — the 
lower values of 0 corresponding to the greater thermodynamic effects 
of cavitation. Of particular interest is the fog-flow performance cal- 
culation, which indicated no head breakdown for the 83.8° inducer at 
0 = 10. There the NPSH was zero, and there was vapor in the inlet line. 

Attention has been called to these fog-flow calculations as an indicator 
of the ideal for which the cavitation performance predictor strives; 
namely, the analytical description of cavitating flow fields under all 
possible conditions. Obviously a successful description, complete with 
losses, is a long way off. Thus there seems no doubt that the procedure 
presented by Mr. IMoore will serve as the prediction method for a long 
time. His empirical determination of pump cavitation performance from 
two sets of test results shows excellent correlation of experiment and 
theory for all practical pump flows. 

H. G. PAUL: The method for predicting thermodynamic effects of 
cavitation described by IMr. Moore has been used at the IMarshall Space 
Flight Center (MSFC) for the past several j^ears to predict the suction 
performance of cryogenic propellant pumps. It is our experience that the 
effect of pump speed and fluid temperature on suction performance can be 
predicted accurately. However, attempts to predict cavitation per- 
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formance of a pump when several fluids were involved have not always 
been completely satisfactory. The following data for the J-2 rocket engine 
fuel pump are cited as an e.xample of the problem encountered. In this 
assessment, it is assumed that water has negligible vapor pressure depres- 
sion and all NPSH deviations from the similarity laws in cryogenic 
liquids are due to thermodynamic effects. The data are 


Fluid 

Speed, rpm 
Temperature, °R 
NPSH @ ri'f head loss, ft 


LH2 
27 100 
38 
80 


LN2°-2 

7590 

140 

12.5 


6320 

530 

12.2 


If the water and hydrogen data are used to predict the vapor pressure 
docreasi' in LXo for the above conditions, a value of 2.5 ft is calculated 
compared to a value of 5.0 ft obtained from the nitrogen and water data. 
Similarly, if the water and nitrogen data are usi'd to predict the vapor 
pressure depression in LH 2 at the above conditions, a value of 245 ft is 
calculati'd compared to a value of 145 ft obtained dirc'ctly from the water 
and hydrogen data. From this result, it is concluded that some caution 
should be exercisi'd whim using these methods to predict cavitation 
performance of a pump in a fluid other than that fluid for which test 
data exist. 

An additional point which merits comment is the capability to satis- 
factorily pump two-phas(‘ fluids under certain circumstances as discussed 
by Mr. iMoore. This capability is of considerable interest as an operational 
mode for space vehicle pumping systems. Cryogenic liquids used in these 
applications are stored at close to saturation conditions under zero “g” 
conditions. In order to supplj- NPSH for pump operation, a vent and 
pressurization cycle is required. This complicati's the s.ystem opi'ration 
and is costly from a weight standpoint because of the reipiiri'ment for 
stored pressurization gas. “Zero tank NPSH” operation, which implies 
two-phase operation at the ]iump inlet, has the ])otential for eliminating 
the vent and pressurization cycle and is therefore viewed as a highly 
desirable capabilitj'. 


iMOORE (author) : I would like to thank i\Ir. Cooper and Mr. Paul 
for their comments. Mr. C’ooper has presented an interesting discussion of 
the theory. Dimensionless parameters involving, V, a, and r might have 
been found had a model different from the conduction model been chosen. 
I agree that any and all theories should bo examined in an effort to 
develop an analytical description which can predict cavitation per- 
formance under all conditions. 


Reference D-2. 
Reference D-3. 
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It is realized that largo errors can occur when the predicted speed is 
several times greater than the reference value as is the case with Mr. 
Paul’s example for hydrogen. Examination of the similarity equation 
(eq. 4) will show that any measurement errors occurring at the lower 
speed will increase b.y the speed squared at the higher speed. It is felt that 
prediction for various speeds should be limited to about a 2-to-l change in 
speeds. A study made by C. F. Braun & Company, under NASA contract, 
indicated that pump similarity parameters were reasonably accurate to 
only a 2-to-l change in speed. 
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This paper is intended to serve as an introduction to the area of 
marine propulsor design l>y jiresenting a brief summary of current 
design methods. In addition, a list of reports dealing with the design 
of open propellers, ducted jiropellers or pumpjets, and waterjets is 
presented together with a discussion of some of the major jiroblems 
facing today’s marine propulsor designer. 


The propulsion of a marine or waterborne vehicle represents one of 
the earlier applications of turbomachinery design. For the jtast 100 years, 
ships have been propelled by th(> open screw propeller while in more 
recent times the ducted propeller or pumpjet, the waterjet, and various 
novel forms of the open screw jtropeller have been employt'd. The simi- 
larities which exist between these marine propulsors and the axial-flow 
compressors of the modern aircraft engine or the liquid pumps employed 
in today’s space rockets are obvious. One would think, therefore, that the 
methods employed in the design of these types of turbomachinery would 
be similar. 

Indeed, the principles employed and the problems encountered in the 
designing of these turbomachines are similar. However, the design 
methods employed are many times quite different. It is hoped that, 
through this symposium on design methods, not only can data on methods 
for the design of improved marine propulsors be presented, but there 
can be an exchange of the design methods used for various types of 
turbomachinery, and this will provide solutions in common problem areas. 

The design of a marine propulsor, like the design of any turbomachine, 
can be separated into four distinct steps. Each of these steps must be 
carried out in the indicated order to arrive at a final configuration which 
will provide the desired propulsive performance. These steps are 

(1) A preliminary or one-dimensional design analysis to determine 
the design parameters at which the particular propulsor is to operate. 
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This step ensures compatibility between the propulsor and the power- 
transmitting machinery and performance characteristics of the marine 
vehicle on which it is to bo operated. This step results in the selection of 
the type of propulsor to be employed (i.e., open propeller, pumpjet or 
waterjet) . 

(2) The determination of the flow field which results when the se- 
lected propulsor produces the desired performance characteristics. This 
includes the prediction of velocity distributions at the leading and trailing 
edges of the rotating element, usually based on an inviscid theory. Of 
primary importance in this step is a knowledge of the flow field on the 
vehicle in which the propulsor is to operate, fl'his flow field, together 
with the desired performance characteristics, determines the spanwise 
and axial distribution of energy addition to the fluid. 

(3) The determination of the shape and size of the blade, i.e., the 
camber, thickness, and angle distributions required to produce the desired 
performance characteristics. This step must consider the chordwise vari- 
ations in flow over the individual blades and include effects of viscosity 
and cavitation. With regard to cavitation, the design must either avoid 
its occurrence, as in a subcavitating propulsor, or account for the in- 
fluence of its presence, as in a supercavitating propulsor. 

(4) The specification and description of the blades for manufacture 
and to comply with the stress requirements of the application. The 
involvement of the dc'signer in the specification of the blades for manu- 
facture is essential in ensuring that the final product faithfully reproduces 
the design surfaces. 

The completion of all of these steps, in the order indicated, is necessary 
to complete a marine propulsor design. Each of the steps involves a 
considerable amount of detail and, in the following, each will be discussed 
briefly in relation to present-day design procedures. 


THE PROCEDURE OF DESIGN 
Preliminary Analysis 

The preliminary or one-dimensional analysis of a propulsor is a very 
important step. It is from this step that the designer selects the type of 
propulsor which is to be employed and matches its performance param- 
eters to those of the vehicle in question. In order to conduct this step, 
the designer must have a knowledge of the flow field of the subject vehicle; 
i.e., its drag and the velocity distribution on its surface, the characteristics 
of its power-transmitting machinery, and the desired operating character- 
istics of the propulsor-vehicle combination. Assuming that these data are 
accurately known (although this is sometimes not the case) the designer 
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must select the optimum form of propulsor based on the thrust, efficiency, 
and cavitation performance together with its weight, size, and unsteady- 
force-producing characteristics. 

This selection can still involve a great deal of “art” based on the 
designer’s experience. Several attempts (refs. 1, 2, 3, 4, and 5) have been 
made to correlate this information in a manner similar to that employed 
in the selection of classical pumping machinery (ref. 6). This correlation 
is done in terms of a power factor. Bp, or the related thrust specific 
speed, Wj/. While some experimental data have been correlated on this 
basis (refs. 3 and 5), considerably more are required to provide the 
designer with a complete spectrum of propulsor performance. 


Determination of Propulsor Flow Field 

On completion of the preliminary analysis of the propulsor performance, 
the designer has determined the type, size, and operating characteristics 
of the propulsor to be employed. It is then necessary, as in the design of 
any turbomachine, to mathematically represent the action of this pro- 
pulsor and determine the flow field through the propulsor in the process 
of producing the desired propulsive force. In particular, this is necessary 
at the inlet and exit of the blades in order that their shapes can be 
determined. 

Historically, marine propulsor designers have employed vortex methods 
to represent the action of the propulsor and thus to determine the flow 
field. These representations of the blade action are based on finite wing 
theories and have progressed from lifting line to lifting surface represen- 
tations. An excellent review of vortex design methods as applied to open 
propeller design is presented in reference 7. As discussed in this reference, 
vortex methods and, in particular, lifting surface methods have been 
developed to give a very accurate representation of the action of sub- 
cavitating propellers within the limits of the assumptions employed. 
These assumptions are an inviscid flow, no curvature of the streamlines 
or existence of radial pressure gradients, and axisymmetric inflow. With 
these methods, the effect of radial and chordwise variations in loading, 
radial variation of inflow velocity, finite blade effects, and skew of the 
blade surface can be considered accurately. 

While vortex representations have also been employed in the design of 
ducted propellers and pumpjets (ref. 8) , these propulsors have also em- 
ployed streamline curvature or through-flow analysis in their design 
(refs. 9, 10, 11, and 12). These latter methods allow for the inclusion of 
streamline curvature effects and, empirically, the effects of viscosity. 
The extension of present-day propeller design methods to include these 
effects may be possible by combining the vortex methods and those of 
reference 10 or 11. Since the methods for including streamline curvature 
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are iterative in their solutions, the vortex theory can be used as an initial 
or starting solution. In addition to the effects of radial pressure gradients, 
the effects of viscosity and, in particular, wall boundary layers and 
secondary flows can be included (ref. 13) . 

Determination of Blade Shape 

With the determination of the flow field at the inlet and exit to the 
rotating blades, the designer must determine the shape of the blades 
which will produce this flow field. This includes the determination of 
the camber, thickness, and pitch distribution. In addition to the desired 
propulsive- action, thi; cavitation performance and required strength 
characteristics must be considered. 

As in the design of any turbomachine, this step is conducted using two- 
dimensional data with aiipropriate corrections to include the effects of 
the three-dimensionality, viscosity, and finite-blade effects. The effects 
of viscosity obtained from experimental data are included as inviscid 
corrections in the lifting surface or through-flow analy.sis. Reference 
14 presents a tabulation of these inviscid corrections derived from lifting 
surface theory for a NACA (a = 0.8) mean camber line. 

The use of an existing camber line and thickness distribution implies 
the specification of a particular chordwise pressure distribution. The 
design of a blade to minimize the occurrence of cavitation can be hindered 
by such an approach. Thus, the design of a blade shape to give a specific 
prc.ssure is desirable and can be accomplished by the mean streamline 
method (ref. 6). This method is based on two-dimensional cxpcrimi'iital 
data with the necessary corrections for three-dimensionality, viscosity, 
and thickness. 

Cavitation in a marine propulsor is avoided by the selection of the 
proper chordwise and radial loading distribution. In addition, the designer 
must consider blade end effects which result in tip vortex or leakage 
cavitation (refs. 15, 16, and 17). A survey of the effects of cavitation in 
propulsors and pertinent design data is presented in reference 18. 

Specification of the Blade for Manufacture 

Once the designer has completed the determination of a propulsor 
configuration which will provide the desired propulsion action, the pro- 
pulsor must be converted to actual hardware. While this does not appear 
to be a design step, it is important that the designer concern himself with 
the process if the final hardware is to perform satisfactorily. The manu- 
facture of hardware can result in variations in blade shape and contour 
which result in major deviations from the design performance and greatly 
affect the cavitation performance of the propulsor (refs. 19 and 20). 
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To ensure that the hardware produced is a replica of what the designer 
has specified, computer graphic techniques (refs. 21 and 22) and numerical 
machining of master hardware are being used. In this way, the blade 
can be accurately represented to the manufacturer and a detailed in- 
terpretation of the design configuration for us(' in different manufacturing 
processes can be provided. 

SOME PROBLEMS IN M.4RINE PROPULSOR DESIGN 

The marine propulsor designer is faced with many problems n'quiring 
additional research. These include (1) minimization of unsteady forces, 
(2) the effects of viscosity in design, (3) the design of propul.sors with 
cavitation, (4) the design of heavily loadc'd jiropellers, and (.')) the 
prediction of off-design performance. 

In the area of unsteady force's, considerable ('ffort has bec'ii devoted to 
the prediction of the unsteady forces which ('xist on a given propulsor 
operated in a known time-varying enviromiu'ut (refs. 23 and 24). As in 
the design of axial flow comprt'ssors and litpiid pumps, these predictions 
must be supplemented by methods which will allow the designer to 
choose that configuration of blade geometry which will minimize the 
generation of unsteady forces. Such data would be similar to tho.se cur- 
rently available for the selection of blade' geome'tries to minimize the 
occurrence of cavitation. 

Present-day methods of calculating the flow field through a jiropulsor 
must be extended to include heavily loade'd propt'llers and the' ('ffe'cts of 
streamline curvature and radial ]iressure gradients. Possibly, this could 
be done by employing a combination of the' existing vortc'x lifting-surface 
methods and the streamline curvature of through-flow analysis used in 
axial-flow compressor design. The combination of these two methods 
will also allow viscous and secondary flow effects to be included. In 
addition, the area of the prediction of off-design performance must be 
considered. 

The design of supereavitating iiropulsor blades (i.e., the design for 
the presence of cavitation) is far from being complete (ref. 25). At 
present, only one-dimensional and empirical methods of design are avail- 
able. The methods for the design of supereavitating propellers are under- 
going the same development as the subcavitating design methods ex- 
perienced in the early 1950’s. This development must be continued in 
light of high-speed vehicle development. 

Current two-dimc'nsional expi'rimental data relating blade-section per- 
formance lags the design requirements of blade solidities, stagger angle, 
and chordwise loading. Therefore, additional data must be obtained. 
These should include higher solidities, higher blade stagger angles, the 
effects of turbulence, and changes in axial velocity through the blades. 
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SUMMARY 

This review is very brief and certainly does not, by itself, present a 
complete description of marine propulsor design. It is hoped, however, 
that together with the included references and, in particular, those review 
papers indicated, it will provide an introduction to the area and, together 
with the other papers in this session, will serve as a basis for the discussion 
of marine propulsor design. (Refs. 26-33 are sources of information 
utilized in addition to those specifically referred to in the preceding text.) 
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Subcavitating propeller design theory has been developed to the 
extent that theoretically designed propellers perforna as predicted. 
Such design procedures depend heavily on the availability of high- 
sjieed digital computers for making lifting-line and lifting-surface 
calculations. In spite of these developments, many aspects of pro- 
j)ellers remain an art. 

Supercavitating propeller design theory has also been developed, 
but the computer programs necessary for application are still under 
development. Of necessity, the design of these propellers follows 
semiempirical procedures. 

I'he various theories available to the designer are reviewed. Em- 
phasis is given to the key design decisions which face the designer. 


INTRODUCTION 
Purpose of the Paper 

During recent years, the availability of high-speed digital computers 
has provided the stimulus for the formulation of improved propeller 
design procedures. Much more adequate mathematical models can be 
used to represent the hydrod}’namic action of a marine propeller than was 
hitherto possible. A further outcome of using a computer is that the 
designer, released from the drudgery of performing laborious computa- 
tions, is better able to exercise critical design judgments and to practice 
his “art.” The major purpose of this paper is to emphasize the art of 
contemporary propeller design, as seen by the authors, and to discuss 
propeller theory and computational procedures mainly from the view- 
point of available techniques. 


' The authors are indebted to Mr. Robert J. Boswell for review and to Mrs. Shirley 
Childers for preparation of the manuscript. 
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Development of Subcavitating Design Procedures 

For many years, the design of subcavitating propellers depended to a 
large extent on experimental series data and a number of extensive series 
have been developed (e.g., Taylor, Troost, and Gawn, refs. 1, 2, 3, and 
4). These series are still very helpful for preliminary design studies, but 
they are seldom applied to a specific propeller design today, since the 
propeller must be constrained to a specific geometry. This geometry may 
be unsatisfactory for reasons of cavitation and/or vibration, particularly 
for propellers which operate in a wake. 

More recently, most design methods depended on lifting-line theory of 
one form or another with finite-width effects being considered in an 
empirical, semiempirical, or approximate manner (e.g., Schoenherr, 
ref. 5; Lerbs, ref. 6; Hill, ref. 7; Van iManen, ref. 8; McCormick, ref. 9; 
and Eckhardt and Morgan, ref. 10). Two common “approximations” 
were use of Goldstein factors and camber correction factors, to allow for 
effects of blade number and aspect ratio, which were not strictly applica- 
ble to the propeller being designed. These approximations were necessary 
before the advent of high-speed digital computers, due to the computa- 
tional effort required by the more rigorous solutions. Today, with com- 
puters, both lifting-line and lifting-surface calculations can be performed 
in sufficient detail to make rigorous theoretical design calculations 
feasible and desirable. 

Development of Supercavitating Propeller Design Procedures 

Initial attempts at the David Taylor iModel Basin (DTMB) to formu- 
late a design method were made by Tachmindji and iMorgan (ref. 11). 
This method essentially grafted two-dimensional supercavitating design 
theory data onto a subcavitating design method (ref. 10) then in current 
use at DTMB. This method used conventional subcavitating lifting-line 
theory (i.e., Goldstein factors) and involved the use of lifting-surface 
corrections which did not account for cavity interaction effects. Test 
results for models designed by this method are described by Hecker, 
Peck, and McDonald (ref. 12) who showed that these model propellers 
did not generally perform as predicted. 

Posdunine (see reference 13 for a list of this Rus.sian author’s refer- 
ences) pointed out that the blade cavities affect propeller performance in 
ways other than that due to two-dimensional supercavitating hydrofoil 
characteristics. Cavity-blade interference and cavity thickness effects 
can lead to major differences between noncavitating and supercavitating 
propeller performance. Currentl}' used design methods include approxi- 
mate recognition of these effects. The Naval Ship Research and Devel- 
opment Center (NSRDC, formerly DTMB) makes use of current 
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subcavitating lifting-liiic and lifting-surface methods, with cavity-blade 
interference effects accounted for by superimposing an estimated cavity 
thickness onto the lifting-surface calculations. Hydronautics (ref. 13) 
also makes use of subcavitating propeller lifting-line tlu'ory and corrects 
for lifting-surface effects by use of camber correction factors (ref. 14). 
In addition, cavity-blade interference effects arc' approximated by use of 
data derived from a study of a two-dimensional supc'rcavitating hydrofoil 
in proximity to a free surface. More recently, Titoff, Kussetsky, and 
Georgiyevskaya (ref. 15) and Davis and English (ref. 10) described the 
problems associated with actual applications of their design methods. In 
this respect, a very detailc'd description of a supc'rcavitating propeller 
strength investigation is given in reference 16. 

Attempts are continuing to develop more adec|uate su]iercavitating 
propeller design methods based on a correct recognition of thcc effects of 
the blade cavities. Engli.sh (rc-f. 17) has formulatc'd a lifting-line super- 
cavitating propeller theory, basc'd on an extension of Goldstein’s work for 
a subcavitating finite-bladed propeller (ref. 18), with modific'd boundary 
conditions to allow for the effect of the' cavitic's. Gox (rc'f. 191 has devised 
lifting-line and lifting-surface theory for the determination of induced 
velocities (the central problem of theoretical dc'sign). The' effect of the 
blade cavities is accounted for by use of pressure source singularitic's. 
Laurentiev (refs. 15 and 20) has also formulated a propeller lifting-surface 
solution based on a similar model. No numerical results or design cal- 
culations and model test results are available for thc'se new theories. 

Only limited experimental series data are available for supercavitating 
propellers (e.g., Newton and Rader, rc'f. 21, and Georgiy c'vskaya, ref. 22). 
One rc'ason that more series data are not available is that a supercavitating 
propeller operates efficiently over only a small range of advance coefficient. 
At advance coefficients much higher than design, pressure-.side cavitation 
occurs and the performance falls off and at advance coefficients much 
lower than design, the suction-side cavity becomes very large since the 
section is operating at a relatively high angle of attack and the perfor- 
mance also falls off. Thus, for a good performing supercavitating propeller 
series, it is not sufficient to have a simple variation of pitch but it is 
necessary to vary the blade-section shape for different advance coefficient 
ranges. This necessity makes obtaining data for a .series of good per- 
forming supercavitating propellers very expensive. To furnish data for use 
in design. Caster (ref. 23) developed a theoretical “design-point” series 
for supercavitating propellers based on the method of Tachmindji and 
Morgan (ref. 11). The experimental series work of Newton and Rader 
(ref. 21) furnishes limited data but has its main application for a speed 
range where the cavitation may not be fully developed; i.e., 50 knots 
or less. 
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The Advantages and Disadvantages of Theoretical Design 

The use of a design method based on a rational theory permits the 
designer a free choice with respect to the following features; (1) number 
of blades, (2) hub size, (3) radial blade loading, (4) chordwise blade 
loading, (5) blade shape and size, (6) blade skew, and (7) wake adaption. 
All of these features, with the possible exception of hub size, can play a 
major role in minimizing ship vibration and/or cavitation problems. The 
proper recognition of propeller blade strength requirements can only be 
conveniently satisfied u ithin the framework of a theoretical design method, 
and the strong interdeptmdency between efficiency and strength for a 
supercavitating design makes the use of a theoretical design method 
mandatory for most ai)i)lieations. 

With the possible exception of the so-called optimum subcavitating 
propeller in uniform inflow, a high-speed digital comjniter is essential to 
perform the very laborious and complex computations associated with 
present-day lifting-line and lifting-surface theories for marine propelk‘rs. 
This is an obvious disadvantage since the programs and computing 
facilities maj' not be readily available. Also, even the most keen proponent 
of computerized lifting-line and lifting-surface computations has to be 
aware of a very serious drawback of this approach. Such design cal- 
culations arc very prone to undetected numerical mistakes, and tin; 
detection and elimination of these mistakes requires great care in use and 
understanding of the computer programs. 

For the case of subcavitating propeller design, the theoretical design 
procedures are generally cpiite adequate. However, in the case of super- 
cavitating propeller design, the theoretical design procedures, mainly due 
to lack of computer programs, have not been adeijuately developed. At 
the same time, the more approximate approaches are not satisfactory 
even for power performance, whereas for the subcavitating propeller, these 
approximate approaches are often adequate for this purpose. 

DESIGN CONSIDERATIONS 


Phases of Design 

Basically, there are five separate phases in the design of a propeller; 
namely 

(1) Preliminar}’ design analysis to determine the design parameters 
for which the propeller is to be designed in order that the propeller be 
compatible with the ship, installed propulsion machinery, and trans- 
mission from the standpoint of efficiency and vibration. In addition, for 
supercavitating operation, it is neces.sary to ensure that the design 



APPLICATION OF THEORY TO PROPELLER DESIGN 771 


parameters are chosen to permit the blades to operate in a supcrcavitating 
regime. 

(2) Determination of the desired radial load distribution, together 
with the radial hydrodynamic pitch angle; i.e., lifting-line calculations. 
The theory is for inviscid flow but the viscous drag can be taken into 
account suitably by a strip theory analysis. For the sake of convcuiience 
for supcrcavitating operation, blade cavity pre.ssure drag is considered in 
association with blade viscous drag. 

(3) Determination of the blade shape, area, and thickne.ss di.s- 
tribution from the standpoint of cavitation and strength. For subcavitating 
propellers, cavitation erosion and thrust breakdown .should not occur at 
the design conditions. For supcrcavitating propellers, blade pressure-side 
cavitation should not occur and the suction-side cavity should com- 
pletely enclose the suction side of the blade at the design conditions. 

(4) Determination of the final camber and pitch distributions from 
lifting-surface calculations. 

(5) A strength check for the final configuration. 

Methodical series data can play a useful role during pndiminary design 
analysis; i.e., phase (1). The main empha.sis of theoretical propeller design 
calculations is concerned with lifting-line and lifting-surface calculations; 
i.e., phases (2) and (4), respectively. Phase (3) is concerned with design 
of the propeller from the standpoint of both cavitation and strength for 
subcavitating propellers and both strength and efficiency for supcr- 
cavitating propellers. Phase (5) makes use of detailed intermediate 
results determined during the design procedure. 

Ship Propulsive Performance and Basic Propeller Design 
Considerations 

As already mentioned, the propeller designer attempts to select design 
parameters to achieve effective ship propulsion characteristics; i.e., 
minimize delivered power Pj> to the propellers for a given ship operating 
speed V or maximize ship operating speed for a given delivered power. 
These simple objectives often have to be compromised to some degree in 
order to meet constraints imposed bj' ship and appendage geometry, 
machinery and gearing, minimization of vibration and cavitation erosion, 
and, last but not least, ship construction costs. The propeller designer 
cannot usuall}' exercise a choice regarding number of propellers, shaft 
inclination, maximum diameter, and shaft and hub size. He will nearly 
always have to meet the required propulsion characteristics within a 
narrow range of rpm. 

The design conditions are characterized by the thrust loading coefficient 
Cxh (or power coefficient Cp), and advance ratio X. For the selected ship 
speed, their specification involves the thrust T the propeller has to deliver 
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(or power P to be absorbed), diameter D, propeller revolutions n, and 
spec'd of advance The determination of these parametiTS usually 
involves model basin tests of the appended hull, 
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both with and without “stock” propellers to measure the resistance, 
thrust, torque, and rpm. From these measurements the effective horse- 
power Pe, delivered horsepower Pd, thrust deduction t, and effective 
wake w (derived from propeller open-water curves) and, henc(>, propulsive 
efficiencj' are determined approximately; 

Pe (1-0 

Pd (1-m') 

where rjn is hull efficiency and tjb is propeller behind efficiency. 

Every towing tank has its own approach for correcting the various 
elements of the propulsive efficiency to allow for model/ship correlation. 
The important thing to note is that the thrust deduction factor and the 
wake fraction are dependent on the choice of the stock jiropcdler, which 
is chosen to approximate the final propeller design with regard to diameter, 
pitch-to-diameter ratio P/ D, blade area, and number of blades Z, diameter 
being the most important parameter. A different final choice for diameter, 
especially when the propc'ller operates substantially in a wake, requires a 
new estimate for the affected components. 

In some cases, where self-propulsion tests are not available, it may be 
necessary to estimate the thrust deduction and effective wake. The work 
of Harvald (ref. '24) and Todd (ref. 2), and the work on the Series GO 
(refs. 25 and 26) can be used for making this estimate. Also, Beveridge 
(ref. 27) has shown that it may be possible to calculate the thrust deduc- 
tion from theoretical considerations. 

During this stage of design, the velocity field in the plane of the propeller 
is determined by making wake measurements on the model to determine 
the inflow velocities to the propeller. If wake mea.surements are not made, 
an estimate of these wake velocitit's must be made. The work of Hadler 
and Cheng (ref. 28) can be used for estimation purposes. From these 
measurements, not only is the spatial flow pattern obtained, but also the 
circumferential average of the inflow velocities. The circumferential 
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averaged velocities are a necessary input to the propeller design so that 
the propeller can be designed for the desired radial load distribution. The 
so-called “optimum” load distribution (Troost, ref. 29, and iMorgan and 
Wrench, ref. 30) can usually be specified unless other considerations such 
as cavitation and vibration are important. iVIany propellers have been 
designed for load distributions radically different from “optimum” 
without a significant loss in propeller efficiency. This is due to the fact 
that the optimum load distribution is usually only concerned with mini- 
mum induced drag. If a load distribution is specified, it should ensure that 
maximum blade load is carried in the vicinity of midblade. Placing 
maximum load toward the extreme blade root or tip can result in an 
appreciable loss of efficiency. 

Subcavitating propeller efficicuicy is not strongl>- dependent on blade 
number, provided that flow choking does not occur near the hub. If it is 
necessary to consider a large number of blades, then the hub-to-propeller 
diameter ratio must be increasc'd. Experience has shown that it is quite 
.safe to consider five blades with a hub-to-propeller diameter ratio of 0.2, 
except for very low pitch ratios. Supcrcavitating propeller efficiency is 
strongly dependent on the number of blades. Off-design efficiency of these 
propellers can deteriorate due to the proximity of a blade cavity to the 
pressure side of a neighboring blade. The greater the blade number, the 
greater is this effect. 

It is at this stage that the decision is made whether the design should 
be for a subcavitating or a supercavitating propeller. The decision is based 
on the local cavitation number of the blade sc'ctions. Criteria (ref. 11) 
indicate that the design should b(' a supercavitating one if the local 
cavitation number at 0.7 radius, o-o.v, is less than 0.05, and a subcavitating 
one if (To .7 is greater than 0.1. Figure 1 pri'sents the desired opi'rating 
regions for subcavitating and supercavitating propellers in terms of 
cavitation number <j and advance coefficient J. Lines 1 and 2 indicate 
O- 0.7 values of 0.1 and 0.05, respectively. If the operating region falls 
between Lines 1 and 2, the decision concerning type of design will depend 
on the application. It should be point(>d out the use of cavity “ventilation” 
can effectively reduce the local cavitation number of the blade sections, 
which can mean that an operating condition originally between Lines 1 
and 2 can be moved below Line 2. 

Vibration 

Propeller-associated vibration comes from two sources: (1) the un- 
steady bearing forces which arc associated with the propeller blades 
operating in a spatially varying wake fii'ld and unsteady forces being 
introduced through the shaft and (2) tlu' pressure forces which are asso- 
ciated with the rotation of the propeller past the hull. Both can be con- 
trolled to some extent by the propeller design. To minimize unsteady 
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bearing forces, it is necessary to avoid coincidence of blade number, or 
blade number ±1, with strong wake harmonics (ref. 28) . A Fourier series 
analysis of the spatially varying flow into the propeller will providi; 
excellent guidance in the selection of the number of blades. Also, in the 
selection of number of blades, it is essential to avoid e.xciting a main hull 
resonance at normal operating speeds. By changing the blade number, it 
is often possible to alter the blade-rate excitation of hull resonance to an 
unimportant speed. 

The propeller pressure forces are dependent on the clearances betwc'cn 
the ship and the propeller, the blade thickness, and the blade loading. 
The clearances should be selected with care. If the clearances are too 
small, vibration will be a problem, and if too large, arrangement problems 
may arise. A number of criteria have been developed to help select the 
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NACA 16 serie.s 

NACA 65-A .series _ 
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clearance (refs. 31, 32, 33, and 34). The proper clearance will usually be 
the factor which controls the propeller diameter. 

Blade rake and skew maj’ be used to help minimize vibration. Blade 
rake (i.e., angular displacement of the blade centerline in the propeller 
axis plane) is often used for propellers which work in an aperture to 
increase the distance between the blades and the hull and appendages 
forward of the propeller. Blade skew (i.e., differential displacement of 
chords along helical reference lines) permits a more gradual entry of the 
blade into a high wake region. Skew also increases clearance between the 
blades and the hull and appendages forward of the propeller. 


Strength 

A propeller blade must contain enough material to keep the stresses 
within the blade below a certain predetermined level. This level depends 
on the material properties with regard to both steady-state and fatigue 
strength and both mean and unsteady blade loading. The material 
selection controls the allowable stress level and the blade chord and 
thickness are the main parameters which control this stress level. The 
maximum stress for subcavitating propellers normally occurs at the point 
of maximum blade thickness unless the blade is unusuallj’ distorted. 
Without consideration of the centrifugal forces and blade rake and skew, 
the required maximum blade thickness-chord ratio, t/c, for subcavitating 
propellers, can be approximated bj' the following cciuation : 

t ( 

c VC.CocVa/ 

where Mx„ is the bending moment about the blade chord (obtained from 
lifting-line calculations), o-a is the allowable blade stress, C* is a coefficient 
dependent on the chord wise thickness distribution (given in table I), 
Cc is a coefficient dependent on the chordwise camber distribution, and 
c is the section chord. The coefficients Cs and Cc were derived from Milam 
and Morgan (ref. 35) by Barr (ref. 36). iMcCarthy and Brock (ref. 37) 
in their measurements of propeller stress indicate that the principal axes 
follow almost along the section meanline. This means that for sub- 
cavitating propellers Cc should be assumed equal to 1. 

The maximum thickness for supercavitating propellers cannot be 
derived on such a simple basis (refs. 37 and 38). In fact, the design of 
these propellers from the standpoint of stress is unsatisfactory. 

All propellers should be designed considering both mean and unsteady 
loads acting on the blade. These must be considered together since the 
allowable unsteady stress decreases as mean stress increases. A simple 
equation for the allowable stress level can be derived from the Goodman 
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diagram (ref. 39) for both the mean and unsteady load. This equation is 
known as the equation for the Goodman safe region 


where 

Rs ratio of minimum stress to maximum stn'.ss during a cycle 

(Tf fatigue stress for a given number of cycles, .single amplitude 
(table II) 

Cmax maximum stre.ss for a given number of cycles. 

In principle, the unsteady forces on a blade can b(> calculated theoreti- 
cally (Tsakonas, Breslin, and Miller, ref. 40). The available theoretical 
procedure's are not ye't in a form which can be u.se'd e'asily; as an appreixi- 
mation, the method eif ^McCarthy (ref. 41) can be used for unste'ady 
loading at the blade root. 

The calculation for i/c is made at each radius tee eibtain the blade 
thickness distribution. Feir practical application, certain limitations are 
usually applied for minimum thickness and judieieeus fairing is use'd. Feer 
instance, the thickness at the tip, for fairing purpo.ses, is ofte'ii a.ssumed to 
be 0.003 times the propi'ller diameter. From the standpoint of stress, it is 
always better to have the blade slightly too thick than too thin. 

The simple formulation presented is for the initial check on stress. 
Once the design is completed and the geometry of the propeller is known, 
a strength check which includes the effect of centrifugal force and blade 
rake and skew must be made. Unfortunately, the theory is not adequately 
developed to make what would bo considered to be a satisfactory cal- 
culation. McCarthy and Brock (ref. 37) have .shown that simple beam 
theory gives a good approximation to the maximum stress for a wide- 
bladed, unskewed, subcavitating propeller, but Boswell (ref. 42) has 
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shown that it is not adequate for blades with large amounts of skew. 
McCarthy and Brock also conclude that present procedures are not 
adequate for determining the stress in a supercavitating propeller. Similar 
results have also been shown by Davis and English (ref. 10). 

Cavitation 

The designer must try to en.sure that a propeller designed for sub- 
cavitating operation does not suffer from thrust brc'akdown and is not 
prone to erosion due to cavitation (IMorgan and Lichtman, ref. 43, and 
Newton, ref. 44). Initially, during the preliminary design stages, the 
minimum expanded area ratio (EAR) should be determined to ensure 
freedom from thrust breakdown for the maximum power condition. The 
Burrill chart (ref. 45), or equivalent (rof. 46), is probably sufficient for 
this purpose. 

The detailed procedure for performing a check to ensure freedom from 
blade cavitation is carried out after the lifting-line calculations. This check 
relies on the results of experimentally obscTved cavitation inception data 
(ref. 47), or theoretically predicted data (nds. 48, 49, and 50) for sections 
of prescribed thickness to chord ratio t/c, and meanline cambered for a 
design lift coefficient CT,. Figure 2 shows an example of sueh data for a 
range of angles of attack against local cavitation number o-r with t/c as a 
parameter. The insides of the “buckets” are cavitation-fre(‘ regions with 
the top and bottom of the buckets indicating leading-edge suction-side 
(back) and pressure-side (face) cavitation, respectivedy. A study of these 
curves will immediately reveal a tradeoff choice; namidy, that by selection 
of t/c it is often possible to achieve increased latitudi' against h'ading-edgc 
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Figure 2. — Typical cavitation inception diagram for a two-dimensional section. 
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cavitation due to fluctuating angle of attack at the price of earlier onset of 
back bubble cavitation at shock-free entry. The type of information 
shown in figure 2 can easily b(' dc'rived for any desired meanline and basic 
thickness form by the method of linear superpo.sition (ref. 51). Such data 
can easih' be condensed into a more convenii-nt form for design use 
(refs. 49 and 50). 

Figure 3 shows the wake for one radius value at the proiieller po.sition 
for a typical single-screw merchant ship. At 0.8 radius, the flow angle 
varies about the mean from —8 degrees to -|-2 degrees during I'ach 
revolution. Hence, for a propeller which has to oiierate in a wake, it is 
necessary to obtain measurements or a good estimation of the inflow into 
the propeller. Both circumferentially averaged flow angles d(>’) and 
maximum positive and negative variations in flow angle about the mean 
are required for the operating condition under investigation. In order to 
obtain an engineering estimate for the effective variations in flow angle, 
an adaptation of the method di'scribed by Lerbs and Rader (ref. 52) can 
be used. This makes use of the concejit of “effi'ctive aspect ratio” for 
each section of a propeller blade. The wake shown in figure 3 would n'sult 
in an effective angle of attack variation of somewhat less than -f-8 di'grees 
to —2 degrees. 

If, in the use of the cavitation diagrams, the thickness ratio is smaller 
than required for stress and the cavitation diagrams indicate that thicker 



Figure 3. — Uepresentalive velocity dialribulion in, plane of propeller for single-screw ship. 
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sections will cavitate, the section chords should be increased and the 
calculations repeated until a balance is achieved between cavitation and 
strength criteria. 

For the uncommon situation where cavitation is absolutidy no problem, 
the section chord and thickness are chosen for minimum drag and to meet 
the strength criteria. l''or frictional drag, the chord should be as .short as 
possible, but if the thickne.s.s-ehord ratio is too large, separation will 
occur on the foil and the form drag will increase. Although a jirecise 
maximum value of the thickness-chord ratio cannot be given, it is prob- 
ably best to limit the maximum value to 0.18 to 0.22. d’his value may 
also depend on the lift of the foil. 

A common situation is one in which the angle of attack variation is so 
great and/or the cavitation number is so low that it is impossible to pick 
a section shape which will not cavitate. If the cavitation number is 
sufficiently low, then a fully cavitating jiropeller should Im; desigiu'd. In 
those instances where; this is not possible, and where cavitation arises 
mainly from an angle of attack variation, it is desirable to use the cavita- 
tion diagrams to minimize the occurrence of cavitation. How a particular 
subcavitating propeller which falls into this category is designed depends 
on the particular ship’s operating characteristics. The cavitation and 
strength calculations arc usually carried out at the maximum ]iowcr 
condition. If cavitation is unavoidable at this condition and th(> .ship 
operates generally at some lower spc'cd, say a cruise s]i(>ed, then the 
selection of blade chord should be based on the cruise condition or some 
higher speed if possible. The strength i.s always based on the maximum 
power condition. For most ships, there; is little change in the thrust and 
power coefficient between cruise and maximum speed; therefore, this 
speed change can be accounted for by multiplying the cruise cavitation 
number by the ratio of the two speeds .squared (for the lower speed the 
cavitation number will be higher) . Thus, in essence, the blade thickness- 
chord ratio is selected to give the maximum cavitation-free speed. Care 
must be exercised that sufficient blade area is jirovided to prevent thrust 
breakdown at the maximum speed. Model tests, of course, should be 
conducted to help ensure that cavitation erosion will not occur. In this 
regard, any bubble cavitation on the blade should be avoided. 

In general, the approach outlined when the propeller is operating in a 
wake field will result in sections with higher thickness-chord ratios than 
if the propeller is designed as if it were operating in a steady flow. The 
thicker sections are less susceptible to cavitation caused by angle of 
attack variations but are more susceptible to cavitation if no angle of 
attack variation occurs. 

It will not be necessary to repeat the lifting-line calculations after the 
thickness and cavitation calculations are made unless large changes are 
made in the chord ratio. This will influence the section viscous drag and 


780 TURBOMACHINES FOR MARINE PROPULSION 


the importance of this drag is dependent on the lift coefficient and the 
propeller hydrodynamic pitch. 

In addition to blad(' arc'a and thickness, the designer possesses con- 
.sid(‘rable freedom of choice in number of blade's, blade shape, and radial 
and chordwise load distribution to minimize the occurrc'iiee of cavitation. 
None of these param(>t(‘rs, within reasonable limits, has a strong effect on 
propeller efficiency for a subcavitating propc'ller, and a considerable 
choice is offered to delay cavitation. 

If it is considered nec(‘ssary to avoid the imjiingeme'iit of tip and hub 
vortex cavitation on rudders, it is possible to delay this type of cavitation 
by unloading the blade tip and root. As already pointed out, nonoptimum 
radial load distributions have very little effect on efficiency. 

Any seleetc'd blade' outline' sheeuld have' a shajie' witheeut kinks e>r peeints 
of inflection such that its rate' eef ehangee with re'spect tee radial iieesitieui is 
smooth and moderate'. Expe'rie'iice has indicated that a kink in the le'ading- 
edge' outline is often the eirigin of cavitatieen. It is geeeid design practice' 
for a subcavitating propelle'r te> have the' maximum cheerd peesitieen in the* 
vicinity of maximum blade heading. Reeeet chord should be' se'lecte'd on the 
basis of numbe'r of blade's and ameeunt eef flow inclination due tee the' stern 
shape and shaft angle', be'aring in mind the' dange'r eef root cavitation, beer a 
supe'rcavitating prope'ller blade', it is usual tee se'h'ct a blade' shape' which 
has maximum chord lu'ar the' root in an atte'mpt to maintain e'ffe'ctive 
blade' strc'ngth. A ceempre'hensive' family of blade' shajees is give'ii by (’e)X 
(re'f. 14) who define's feermulae' feer blade' size and shape in te'rms eif number 
of blades, e'xjeanded are'a ratiei, positieen of maximum cheerel anel ratiee of 
roeet chord tee maximum cheerd. 

The choice' eef chordwise head distributieen shemld be' base'd e>n aveeielance' 
eef cavitatieen in the case e>f a subcavitating design and minimizing induce'd 
cavity drag in the case' of a supercavitating design. In the' past, de'signers 
ofte'ii favored constant chordwise heading, which ceerre'sieeends tee the' 
NACA(a=1.0) two-dimensieenal me'anline loading. Due tee viscous 
effects, such loading cannot be sustaine'd toward the trailing edge'. This 
has bee'll demonstrate'd by twee-dimensional feeil te'sts which indicate'd that 
the NACA(«=1.0) me'anline realized eenly 74 pe'rcent eef its the'eeretical 
lift (ref. 51). Since theore'tical propelle'r eh'sign methods can eenly acceeunt 
feer viscous effects by use of simple strip-theory metheeds, the use' of a 
theeeretical de'sign preecf'dure' with some feerm of semiempirical corre'ctieeiis 
is necessary when a ceenstant head me'anline is used. If eeiie wishe's to 
design a preepeller by a complete'ly theoretical procedure, it is necessary to 
use a chordwise load distributieen feer which the-re is geeeed agre'C'me'iit 
between potential flow and experimental lift, at h'ast in two dime'iisions. 
An excellent choice, backe'd by e'xpe'rimental two-dimensional and 
propeller meedel tests, is that equivalent to a NACA(ei = 0.8) meanline 
loading; i.e., constant load from the leading edge to 80-perccnt chord. 
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followed by a linear decrease to zero at the trailing edge. Such type of 
loading, of course, involves an ideal angle of attack. 

Another type of chordwise loading which may offer considerable ad- 
vantages in the case of avoidance of leading-edge cavitation due to 
fluctuations in flow angle from operating in a wake is a “roof-top” type 
loading; i.e., symmetrical about midchord and increasing linearly from 
zero at the leading edge to a certain percent of chord, and thence constant 
to some other percent of chord, followed by a linear decri'ase to zero at 
the trailing edge (refs. 49, 53, and 54). Such a loading has not been in- 
vestigated experimentally. 

Interaction Between Strength ami Performance in a 
Supercavitating Propeller 

The difficulty in the design of supercavitating pro])('llcrs, Ix'.sides cavity 
interference, is the int(>raction which occurs betw(>(>u performance and 
strength. For the subcavitating projieller, thcTc is I'ssentially no such 
interaction, as the section drag coefficient is indeiiendcmt of the blade 
thickness for the sections usually used in marine propcfllcTs. For supiT- 
cavitating propellers, there is an inverse relationship between efficiency 
and strength. The blade mati'rial is placc'd between the camberline and 
the cavity on the suction side. For low cavity drag, the blade section 
should be highly cambered and have a thin cavity which means a thin, 
highly stressed blade. To decrc'ase the blade stri'ss, the blade must be 
thicker, especially at the leading edge. To accommodate this increased 
thickness the cavity is made thicker by decreasing the camber and 
incrca.sing the angle of attack. A considerable incr('ase in the s(>ction drag 
will result and the propeller will be Ic'ss efficient. 

The design calculations not only involve the aiiproximation of the 
induced velocities due to both loading and thickm'ss, but an iteration 
must be carried out to obtain the maximum (‘fficiency at the safe stress 
level in the blade. Coefficients for the .si'ction modulus have been derived 
for a number of sections (IMorgan, ref. 38), and the change in cavity drag 
can be approximated theoretically (nd. 13). How the cavity drag is 
affected by the three-dimensionality of the flow is not known. 

During the design of the supercavitating propeller, not only are the 
camber and angle of attack varied but also the section chord. This will 
have an effect on both the drag and the strength. Becau.se of the sharp 
leading edge generall}' necessary for low-drag supercavitating sections, 
the sections cannot take a negative angle of attack during a revolution of 
the blade without severe pressure-side cavitation occurring at the leading 
edge. To offset this cavitation problem, it is often necessary to design the 
section for a higher angle of attack than for minimum drag or strength. 
Thus, the requirement of operating in a wake field will often have an 
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adverse effect on the performance. During the design of supercavitating 
propellers, it is necessary to examine closely the vake field in which the 
propeller must operate and ensure, if necessary by redesign of the hull or 
appendage system in front of the propeller, that the propeller sections do 
not operate at negative angles of attack. 

Another way the stress of fully-cavitating propellers has been decreased 
is by adding a thickne.ss distribution to the section, usually parabolic 
(ref. 55). This can give a lower stress level with less drag penalty than 
using angle of attack. However, it does not improve the section per- 
formance when there is a varying angle of attack. 


THE FOUNDATIONS OF THEORETICAL PROPELLER 
DESIGN 

The distinct and important roles played by lifting-line and lifting- 
surface theory have already been pointed out. Satisfactory numerical 
procedures now exist for inclusion in subcavitating projiellor design 
methods. Unfortunately, this is not yet the case for supiTcavitating 
propeller design methods. The historical development of these theories 
and identification of the significant contributions in this field was reported 
during 19G9 by Cox (ref. 56) . 

Propeller Lifting-Line Theory 

Propeller lifting-line theory follows from Prandtl’s mathematical 
trf'atment of the lifting-line theory as applic'd to wings of finite length. 
This model cannot account for chordwisc effects but can recognize span- 
wise (radial) effects. Thus, now that it has been extensively developc'd for 
moderateh’ loaded propellers, it provides a very .satisfactory and powerful 
tool. 

The lifting-lino theory of propellers is described as follows. It is assumed 
that each propeller blade can be replaced by a lifting line and that the 
circulation varies along the propeller radius. From vortex theory, it 
follows that free vortices are shed from the lifting line and, in a coordinate 
system which rotates with the propeller, these free vortices form a general 
ludical surface behind the propeller. Since the free vortices follow stream- 
lines in the rotating coordinate system, the pitch of the helical vortex 
sheet is taken to be dependent on the free-stream velocity, the speed of 
rotation of the propeller, and the velocities induced by the vortex S 3 'stem. 
For the supercavitating propeller, the pitch of the helical vortex sheet 
should also probablj' depend on the velocities induced by the blade and 
cavity thickness. In principle, the effect of thickness could be included in 
the lifting-line tlieorj' of subcavitating propellers, but the magnitude of 
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these induced velocities from thickness can generally be ignored in this 
phase of the calculation, although thickness effects must be included in 
making lifting-surface corrections. For propellers with large numbers of 
blades and low blade pitches, the induced velocities from the blade thick- 
ness should be included in the lifting-line calculations. 

Although the lifting-lino is a very simple representation of a propeller 
blade, the theor}' has proven very useful for the design of propellers. 
From a combination of lifting-line theory, the Kutta-Joukowski law, and 
strip theory, it is possible to determine the radial distribution of hydro- 
dynamic pitch and load which will produce the required propeller thrust 
and torque. In addition, detailed calculations can be made regarding 
efficiency, cavitation, and strength. These calculations all require the u.se 
of iteration procedures but are much simpler than performing the lifting- 
surface calculations. 

A discussion of the details of subcavitating lifting-line theory and the 
associated computational procedures was given in 1965 by IMorgan and 
Wrench (ref. 30). This work includes the significant contributions of 
Betz (1919), Goldstein (1929), Moriya (1933, 1942), Kawada (1936), 
Strscheletzky (1950), and Lerbs (1952). The lifting-line procedure of 
Lerbs is used in the NSRDC design procedure. No satisfactory procedure 
is yet available for supercavitating propellers. A recent study was pre- 
sented by Cox in 1968 (ref. 19). 

The main hypotheses and assumptions of the lifting-line concept are 
summarized as follows; 

(1) The fluid is inviscid and incompressible. However, in the cal- 
culation procedure, allowance is made by the use of strip theory for the 
viscous drag of the blade for subcavitating propellers and viscous and 
cavity drags for supercavitating propellers. 

(2) The free-stream velocity is axisymmetric and steady. Conse- 
quently, the propeller may be wake-adapted. 

(3) Each propeller blade is replaced by a lifting line and the circula- 
tion varies along the radius. 

(4) Each of the free vortices is at a constant pitch in the downstream 
direction, but a radial variation in pitch is allowed. This means that effects 
of slipstream contraction and centrifugal force on the shape of the vortex 
sheets are ignored. 

(5) The radial velocity induced at the hub is assumed small so that 
the effect of the hub on the pitch of the trailing sheets is ignored. For verj' 
large hub propellers, this assumption would not be valid. 

(6) For the supercavitating propeller, a pressure-source representation 
on the trailing vortex sheet can be used to represent the cavity thickness. 
The strength and length of the source distribution will then depend on the 
circulation and the free-stream cavitation number. 
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All additional assumption made is tliat the circulation is zero at the 
propeller huh. It is obvious that the circulation must go to zero at the 
blade tip but, at the blade hub, the assumption is justihed on the basis of 
an argument by Wald (ref. 57). He showed that for a hub of finite length 
behind the propeller the circulation must go to zero at the hub for an 
optimum propeller and it can be inferred from this work that the circula- 
tion must always be zero at the hub for a hub of finite length. On the 
other hand, if the hub is of infinite h'ligth, the circulation should have a 
finite value at the hub for an optimum distribution (McCormick, ref. 
58). Since most propelh'rs ivill not be oiitimum and because of Wald’s 
results, it seems reasonable to assume that the circulation will be zero at 
the propeller hub. 

For propeller (h'sign, it is necessary only to calculatf' th(> velocity 
induct'd by the vortt'X systt'm at one tif the bound vortex lines. Only the 
axial and tangential comiiont'iits of this induced vt'locity art' considt'rt'd, 
as the radial component does not contributt' to the forces on the propt'ller. 


Propeller Lifting-Surface Theory 

Lifting-line theory canntit recttgnize chtirdwi.se efft'cts, and thus providt's 
no information about how to achieve the retjuirt'd radial distribution of 
lift for the n'latively broad-bladed marine propeller. It is not suffici('ut 
to ins(Tt camben'd si'Ction.s, of known chord and lift coelficient in two- 
dimensional flow, at the reiiuisite radial stations, since' th('v will ch'vc'lop 
much less lift once' tlu'y are' part e>f a low-aspe'ct ratie) preepe'lle'r lilaeh'. In 
oreler tee dete'rmine' sectieai cambe'r, it i.s ne'ce'.s.sary to u.se' a metre nele-ejiaite' 
vetrte'X theory meteh'I fetr the' jti'etpe'lle-r blaeh's which re'cetgnize's betth cheirel- 
wise and radial distributietn etf lift. Lifting-surface' tlu'etri' can be' use'el to 
achie've' this purpetse' since the' knetuii (chetrdwise' inte'grate'el) raehal 
circulation distribution pre'dicte'd by lifting-line the'etry can be distribute'd 
in any elesire'd manne'r in the' chorelwise' directietn. In eidditietn, tliee radial 
pitch distribution of the' lifting surface' is knetwn fretm the lifting-line 
theory. In principle, it is the'ii possible' tet calculate the shape' anel petsitietn 
etf the cambered me'anline surface' with re'fere'ucc tet the' lifting-surface 
position, such that the re'Ciuire'd raelial and chetrehvi.se' lift eiistributietn is 
achieve'd. (Ilecetgnizing the e'ffects etf blaele ske'W, if nece'ssarv, adds net 
complication to a lifting-surface' pretce'dure'.) 

The assumptietns uhich have be'e'ii jnit forward [tre'viou.sly fetr lifting- 
line theory hold fetr lifting-surface' the'etry exce'pt that netw it is assume'd 
that the bound vortice's are distribute'd etver the' blade' surface ratlu'r than 
concentrated at a lifting line' and the' blade is alletwe'd tet have a finite 
thickness. From the stanelpetint of the line'arize'd the'etry, the loading and 
thickne'ss effect can be cetnsidere'el separately. Alset, the the'etry i.s ap- 
proached from the' standpoint that it is inquire'd to de'sign a propelle'r to 
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produce a certain thrust, or power, at a specified speed coefficient and not 
from the standpoint of determining the performance of a given propeller. 

Another consequence of linearized theorj' is the assumption that the 
lifting surface lies on the free helical vortex sheets and has only a small 
deviation from this surface. This assumption is equivalent to the lin- 
earized theory of two-dimensional airfoils where the boundary condition 
is not satisfied on the profile, but on the profile chord. 

Present subcavitating propeller lifting-surface procedure at XSRDC 
is mainlj' ba.sed on theoretical formulations by Pien (ref. 59) or Kerwin 
(ref. 60) for chordwise load effects on camber and pitch, together with the 
approach of Kerwin and Leopold (ref. 61) for the effects of blade thick- 
ness. The main feature of Pien’s approach is that the numerical procedure 
is greatly simplified by subtracting out the lifting-line contribution, while 
Kerwin’s method is based on the vortex lattice approach of Falkner 
(ref. 62). With regard to Pien’s method, both Cheng (nff. 63) and Lerbs, 
Alef, and Albrecht (ref. 64) have formulated computation procedures for 
uniform chordwise loading, and Cheng (ref. 63) for XACA(« = 0.8) typo 
chordwise loading. XSRDC experience with the use of Cheng’s procedure 
for NACA(a = 0.8) chordwise loading, combined with Kerwin and 
Leopold’s thickness procedure, indicates excellent comparisons with the 
results of model propeller ti'sts. Various other tln'ories and numerical 
approaches are due to Strecheletzky (ref. 65), Sparenberg (ref. 66), 
Yamazaki (ref. 67), Xelson (ref. 68), and .Murray (ref. 69). 

Lerbs, Alef, and Albrecht (ref. 64) present systematic lifting-surface 
calculation data for 48 propellers for a .specific blade outline (nonskewed 
and skewed), optimum radial load distribution, constant chordwise load 
distribution, and varying number of lilades, expanded area ratio, and 
hydrodynamic advance ratio. These re.sults do not include blade thickness 
effects. More recently, IMorgan, Silovic, and Denny (ref. 70) have per- 
formed a very comprehensive study of the Cheng/ Kerwin and Leopold 
procedures and critically examined tlu'SC' procedures, upgraded output 
data by selective improvements in computational techniques, and pre- 
sented a large amount of systematic lifting-surface data for a XACA 
(a = 0.8) type chordwise load distribution, varying radial load, and blade 
thickness distributions, several blade outlines (nonskewed and skewed), 
varying number of blades, expanded area ratio, and hydrodynamic 
advance ratio. This latter data is particularly significant since XACA 
(a = 0.8) type loading is realistic in real flow, whereas uniform chordwise 
loading is not, due to viscous effects. Results from these two sets of 
calculations, reinforced by earlier calculations of Pien, Cheng, Kerwin 
and Leopold, clearly demonstrate that 

(1) The effect of blade skew is important and results in an ideal angle 
correction to the hydrodynamic pitch angle which is positive toward the 
root and negative toward the tip. 
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(2) The effect of blade thickness results in an ideal angle correction to 
the l^'drodynamic pitch angle which is largest toward the root and 
diminishes toward the tip. 

(3) Blade skew and thickness have a negligible effect on the chordwise 
distribution of blade camber. 

(4) Chordwise loading which is symmetric about midchord docs not 
result in any ideal angle correction to the hydrodynamic pitch angle. 

(5) The concept of a camber correction factor is generally valid for 
practical design purjioses. iMoreover, with the use of complete lifting- 
surface procedures, it is feasible to define ideal angle correction factors for 
the effect of blade skew, thickness, and nonsymmetric loading about 
midchord. 

Tinally, and following the last conclusion, it should be mentioned that 
prior to the availability of complete lifting-surface proci'dures, finite 
aspect ratio effects had to be allowed for by the use of camber correction 
factors; i.e., a correction to the two-dimensional camber liiu'. This type of 
correction factor was obtained by a limited ajiplication of lifting-surface 
theory which was formulated first in 1944 by Ludwieg and Ginzel (ref. 
71), who had to u.se graphical means to obtain a limited set of results. 
Later Cox (ref. 14) refined their theoretical approach and produced a 
more comprehensive set of correction factors using a digital computcT. 
However, these factors were only determiiu'd for constant chordwise 
loading and left to semiempirical methods the problem of obtaining any 
necessary corrections to hydrodynamic pitch angle. The recimt correction 
factors for camber and pitch derived by i\ [organ, Silovic, and Denny, 
which were also extracted from their comph'te lifting-surface calculations 
for the realistic XACA(a = 0.8) type chordwise loading, will prove useful 
to the designer for several purposes; i.e., checking calculations, showing 
trends, back analysis, and cavitation calculations to account for operation 
in circumferentially var 3 'ing inflow (refs. 52 and 72). 

CONCLUSIONS 

Based on the authors’ combined experience and knowledge, it can be 
concluded that subcavitating propeller theoretical design procedures are 
generallj' adequate and in an advanced state of development. Present-daj' 
numerical procedures are sufficient to permit great flexibilitj' to the de- 
signer in his choice of design parameters. [Moreover, the consequences of 
design parameter choice are well understood. Future areas for investiga- 
tion will probablj' tend to “off-design” performanee rather than “design- 
point” performance. 

It is concluded that the state-of-the-art for supercavitating propeller 
design is several years behind that for subcavitating propellers. Although 
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existing theory is well developed, much remains to be done in the area of 
numerical procedures; in addition, relatively little is understood regarding 
choice of design parameters for supercavitating propellers. Present-day 
design procedures for these propellers are semiempirical, but the way is 
open for a rapid upgrading in the next few years. 

LIST OF SYMBOLS 

Ae Expanded area ratio. 


Aa Disc area, ir/?- 

c Chordlength 

Cc A strength coefficient which is dependent on chordwise camber 
distribution 

Cii Section design lift coefficient, 

u 

{p/2)cVr^ 

Cp Propeller power coefficient, 

P P 

{p/2)t1PVa^ {p/2)rir-y^ 

Cs A strength coefficient which is dependent on cliordwise thickness 
distribution 

Ctk Propeller thrust loading coefficient, 

T T 

{p/2)rRWA^ {p/2)irlPV^- 

D Propeller diameter 
EAR Expanded area ratio, Afi/Ao 
J Advance coefficient, TA/nD or V/nD 

Mxo Bending moment about blade chord 
n Revolutions per unit time 
p Static pressure at a reference position 

Pc Cavity pressure (or vapor pressure) 

P Power 

P/ D Pitch to diameter ratio 
Pd Delivered power to propeller (s) 

Pe Effective power, RV 

r Radial distance 
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Th Proppllor hub radius 

K Ship rosistancc or propeller radius 
Rs Ratio of minimum to maximum stress during a c.ycle 
t Thrust deduction factor, R=T{l — t); or blade section maximum 

thickness 

t/c Section thickness-to-chord ratio 

T Propeller thrust 

U Reference velocity 

V Ship speed 

Va Speed of advance of propeller 

Vr Resultant velocity to the blade section 
Vi Tangential component of ship wake 
Vi Axial component of ship wake 

w Taylor wake fraction, = T'( 1 — w) 

Z Number of blades 

a Angle of attack 

/3(r) Advance angle, tan~‘ (lbi/27rwr) 

rj/i Propeller behind efficiency, TVa 'Rd 

riD Propulsive efficiency, Re/ Pd 

r)ii Hull efficiency, (1 — <)/(l — *c) 

X Advance ratio, J/ir 

a Cavitation number, 

P^-P^ 

{P/2)U^ 

(7c Allowable blade mc'an stress 

(7/ Fatigue stress for a given number of cycles, single am])litude 
(7inax Maximum stress for a given number of cycles 
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DISCUSSION 


.1. D. VAX .MAXEX (Xothorlands Ship iUodol Basin): This joint 
])appr contains a nearly coniplcto review of th(> application of theory to 
jiropeller design. 

One critical remark may be made with respt'ct to the didermination of 
(he diameter, rpm, or number of blade's. It is not lU'cessary to dete'rmine 
these princiiial j)aramet('r.s of the ]iro])('ller from .series cliarts. In my 
opinion, an exte'nsion of theoretical computations with n'liabh' drag 
coefficient values for (he selecti'd jirofiles may render fruitful, and in 
many cases more' accurate', informatiem fe>r the determinatiem eef the 
e)])timum principal jjarame'te'rs. This ])re)ce'dure' e>f determining e)])timum 
vidue.s holds neet eenly freem a viewpeeint e)f e'fficiency but eve'ii from an 
e'ceetiomic or aceenstiee point e>f view. 

(b E. THOMAS (yVdmiralty Ilese'arch Labeerateiry) : The' autheers are 
to be commende'd fe>r this comprelu'usive revie'w ])ape‘r een jireepeller 
eh'sign. 

'Phey quite rightly suggest that a future' field e>f inve'stigatieen sheeuld 
be' concerne'd with eefT-de'sign perfeirmance'. Iviually impeertant, heiwe've'r, 
is the need te> de've'leep e'x]ie'rimental te'chniepie's te> dete'rmiiu' the' fleew 
fie'ld around the jireepe'lh'r .so that ade'ejuate ceemparisejiis can be* made 
with predictioms by lifting-surface theeery. A we'akness at pre'sent is that 
(he lifting-surface me)de'l is assessed on the basis of compariseens be'tween 
e'xpe'rimental value's and inte'grate'd value's eef thrust and teerepie' at thee 
eh'sign point. Until the' de'sign metheed is valielate'd by satisfacteery ceerre'- 
lation between the i)re'.ssure distribution as me-asured over the' blade' and 
that predicted by the'eery, is it strictly ceerrect to refer te) the o = 0.8 
me'anline as being meere “re'alistic”? 

The loss of lift due te> viscous effects on two-dimensional airfoils (of 
the order of 5 to 20 perce'iit) has been satisfactorily explaiiu'd by many 
authors by using the concept of disjilaceme'ut thickness te> alleew fe>r 
beeundary-Iayer greewth. It is presumed that im such proce-dure' has be'cn 
incorporated in the authors’ design medhod. It would be ajipre'ciate'd, 
therefore, if more clarification could be given by the authors as to the 
basis for their statement that the a — 0.8 meanline is “more realistic.” 

COX AND MOIIGAX’’ (authors) : We wish to thank the discus.sors for 
their comments. Professor Van Manen stated that he preferred to use 
theoretical computation methods in preference to propeller series charts 
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for preliminary design purposes. We are in complete agreement with this 
approach and regret our lack of emphasis on this point in the; paper. 

Mr. Thomas commented on the authors’ viewpoint regarding the ad- 
vantage of using NACA (a = 0.8) type chordwise loading as opposed to a 
uniform chordwise distribution. All the evidence of which we are aware 
for two-dimensional airfoil and propeller model tests indicates that 
chordwdse loading of the NACA (a = 0.8) type meets its theoretical 
pressure distribution reasonably well, whereas NACA (a=1.0) type 
loading most certainly does not. Of course, it is not maintained that 
a = 0.8 loading is necessarily the very bc.st choice, especially for rotating 
flows. We are aware that a number of investigators have attempted to 
use the concept of displacement thickness to allow for boundary-layer 
growth and loss of lift due to viscous e'ffects. However, we are not aware 
that this procedure has yet been successful. We jirefer not to incorporate 
unproven yet complex techniques into a computer program when a 
judicious selection of the meanline pressure distribution alleviates the 
difficulty. 

Air. Thomas is quite correct in stating that geiod agreement for total 
thrust and torque values does not properly indicate the adeejuacy of the 
theoretical design procedures. In addition to cemiparing the total thrust 
and torque values, we alw^ays examined the cavitation patterns for the 
propellers w'e have designed. These results indicate that the; radial load 
distribution is reasonable. We agree that this approach only gives an 
indication; hence, our engineers have developed techniques feir measuring 
the pressure distribution on a propelleT (ref. D-1). Pressure distributions 
will be obtained .soon for a propeller designed by lifting-surface theory. 
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The Design of Pumpjets for 
Hydrodynamic Propulsion 
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This paper illustrates a prooedure for use in the design of a wake- 
adapted punipjet mounted on the aft end of a body of revolution. 'Po 
this end, a pumpjet is designed for the Akron airshij). The projnilsor 
mass flow is selected to minimize kinetic energy losses through the duct 
and in the discharge jet. The shaft speed and disk size are sehu'ted 
to satisfy specified limits of cavitation performance and to provide ac- 
ceptable blade loading. The streamtubes which jra.ss through a pro- 
pulsor mounted on a tapered afterbody follow essentially conical 
surfaces. A method is provided for defining these surfaces as a func- 
tion of shroud geometry, rotor head distribution, and the energy 
distribution of the ingested mass flow. The three-dimensional effects 
to which the conical flow subjects the cylindrical blade design sections 
are described and a technique is presented which permits incoriiora- 
tion of these effects in the blade design ])rocedure. 


INTRODUCTION 

This paper is written under the assumption that the analysis that is 
normally exercised in selecting a propulsor, based on consideration of 
factors such as body geometry, vehicle .speed, cavitation performance, 
torque balance, vehicle stability and control, efficiency, noise, simplicity, 
and expense of manufacture, has been accomplished and the pumpjet has 
emerged as the best candidate. Guidance in selecting the proper propulsor 
for a given application is presented in references 1 and 2. 

The term “pumpjet” defines a hydrodynamic propulsor which consists 
of a rotating vane system operating in an axisymmetric shroud or duct. 


■ This work was performed at the Ordnance Research Laboratory, The Pennsylvania 
State University, under the support of the U.S. Navy, Naval Ordnance Systems 
Command, NOOO 17-70-C-1407. 
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However, in addition to the rotating vane system, a stationary vane 
system is utilized at the exit to permit jet discharge through a nozzle 
with zero peripheral velocity. 

The inten'st in pumpjet.s has resulted primarily from efforts to develop 
propulsor systems for both high-speed surface vehicles and submerged 
vehicles. The attractiveness of pumpjets for high-s])eed applications 
originates from the ability to design the propulsor to operate with veloci- 
ties of smaller magnitude relative to the rotating vanes than the forward 
velocity of the propelh'd body. This feature is achieved by proper sc'lection 
of rotor disk area and shaft speed with respect to the mass flow and energy 
input of the jiropulsor. When the velocities relative to th(> propulsor blades 
are reduced to a value below the forward velocity of tlu! jiropelled body, 
the blading i.s less susct'ptible to the inception of cavitation than the body 
itself. This reduction in the magnitude of the velocities relative to the 
rotating blade system can normally be accomplislu'd only if the shaft 
speed and the meridional flow velocity are both reduced. In most cases, 
this leads to high-torcpie propulsors of low shaft speeds. 

High-torque, low-rotational-speed propulsors require either a stationary 
vane system or counterrotating rotors to provide an axial discharge jet. 
This eliminates the kinetic energy losses that are associated with the high 
circumferential velocities that would otherwise be dumped overboard in 
the discharge jet. 

The original efforts in the design and development of pumpjets are 
summarized in reference 3. iMuch of this design philosophy is still used; 
however, it is the intent of this paper to present an approach that in- 
corporates the results of recent cascade work and includes some of the 
techniques presently used in axial flow compre.ssor design. This method 
permits the sizing and design of a pumpjet to satisfy specified performance 
criteria relating to ( 1 ) vehicle forward velocity, (2) available power for 
propulsion, (3) propulsor shaft speed, (4) vehicle size and shape, and 
(5) required submergence depth below which no cavitation is toh'rable. 

To this end, the proper ma.ss flow through the pumpjet to provide a 
maximum propulsive efficiency must be determined. Once the optimum 
mass flow has been derived, it is n(>eessary to determine the disk area, 
blade solidity, and shaft speed which will permit the design of a vane 
system that satisfies .specified limits of resistance to flow separation and 
cavitation. 

On completing the preliminary sizing of the propulsor, a detailed 
analysis of the flow properties at various stations through the pumpjet 
must be performed to permit the graphical design of the individual rotor 
and stator blade systems. 

The following paragraphs outline a procedure, summarized above, 
which has been used with success in the design of pumpjet propulsors. 
Without reservation, the authors are fully aware of their indebtedness to 
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past developments at various hydrodj'uamic and aerodynamic laboratories 
which provide a part of tli(> basis for the design procedures presented. 
However, familiarity inevitably sujiports a tendency to emjihasize one’s 
own work. Apologies are offered for any such offense. 

Vehicle Boundary Layer Velocity Profde and Drag Coefncienl 

The propulsor configuration and its performance are highly depcuident 
on the hydrodynamic characti'ristics of the body or vehicle' to which it is 
to be applied. Under ideal conditions, the inflow vi'locity to the projnilsor 
would be uniform in the radial and circumh'rential directions. However, 
in most eases, energy distortions are presi'iit in the inge'sted flow du(' to 
the skin friction drag of the vehicke and/or to wakes from upstream 
appendages such as shroud support struts, control and stabilizing sur- 
faces, etc. 

The circumferential distortions due to upstream appendages can 
amount to as much as 15 percent of the free-stream vc'locity and are 
undesirable when it is considered that vane systems rotating in a circum- 
ferentially nonuniform velocity field are prone to periodic cavitation, 
vibration, and loss of efficiency. For these rc'asons, every effort should be 
made to minimize such distortions or mix tln'm out prior to their arrival 
at the rotating vane system. 

Analytical predictions of the velocity profiles near the aft end of a body 
of revolution are difficult to obtain since the afterbody curvature often 
produces a pressure gradient normal to the flow that is of the same mag- 
nitude as the gradic'iit parallel to the flow. In many cases, existing exjieri- 
mental results for similar bodies can be u.si'd and corrected for variations 
in Reynolds number. It is often far more expedient and reliable to fabri- 
cate a scale model and obtain the necessary energy distributions and 
vehicle drag by either wind or water tunnel tests. A method for estimating 
the drag of hydrodynamic bodies is given in referi'nco 4 and a method for 
estimating the velocity profile near the aft end of a body is given in 
reference 5. 

For the illustrative purpose of this paper, a wake-adapted pumpjet 
has been designed for the U.S. airship Akron. Table I presents the body 
coordinates of the Akron and the revised coordinates used in this design 
exercise. Note that the only difference is over the aft 20 percent of the 
body length, where the contour has been altered slightly to accommodate 
the pumpjet installation. The necessary velocity and pre.ssure distribution 
data have been taken from reference G which contains the results of a 
detailed wind tunnel test program conducted on the Akron by the NACA. 

To determine the optimum mass flow with rc'spect to minimizing 
kinetic energy losses dumped overboard in the discharge jet, a reference 
station is selected near the aft end of the body whore the static pressure on 
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Table I . — Body Coordinates for the Airship Akron and for the Akron Body Modified 

for Pumpjet Installation 


Percent length 

Body radius-to-length ratio 

Airship Akron 

Modified body 

0 

0 

0 

1 

0.0090 

0.0090 

2 

0.0210 

0.0210 

3 

0.0297 

0.0297 

4 

0.0367 

0.0367 

5 . _ ___ 

0.0423 

0.0423 

G 

0.0470 

0.0470 

7 ' 

0.0,508 

0.0,508 

10 

0.0603 

0,0603 

15 

0.0707 

0.0707 

20 

0.0781 

0.0781 

25 

0.0812 

0.0812 

30 

0 .0833 

0.0833 

35 

0.0843 

0.0843 

40 

0.0845 

0.0845 

45 

0.0845 

0.0845 

50 

0.0841 

0.0841 

55 

0.08,32 

0,0832 

60 

0.0812 

0.0812 

65 

0.0784 

0.0784 

70 

0.0743 

0.0743 

75 

0.0686 

0.0686 

80 

0.0613 

0.0612 

85 

0.0,522 

0.0519 

00 

0.0408 

0.0380 

95 

0.0277 

0.0227 

99.5 

0.00308 

0.0117 

100 

0 

0 


the hull is equal to its value in the free stream. In addition, it is assumed 
that the static pressure is constant through the boundary layer at this 
station. This assumption is valid since the analytically determim'd static 
pressure profile at this station, including streamline curvature effects, 
shows only a very slight variation of static pre.ssure with distance from 
the body. The velocity profile that exists at the reference station and 
other bare-body charaederistics are shown in figure 1. It is also necessary 
to estimate the total drag of the vehicle, which includes bare-body drag 
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Figure 1. — Velocity distributions associated with the Akron. 


plus increments due to the nacelle or shroud and control surfaces. Refer- 
ence 4 provides data which is of assistance in estimating the drag incre- 
ment associated with the control system. In this design example, the 
added drag due to control surfaces is predicted to be 6 percent of the 
bare-body drag. 

The increment of drag attributed to the frictional effects of the shroud 
varies with shroud size. This effect can be estimated by referring to figure 
2 and noting that, by continuity, 

AiVi = A2V2 

or 








( 1 ) 


If the wetted surface area of the shroud is approximated by 


As = 4:irrTih 


( 2 ) 
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then the nondimensional shroud drag can be written as 

Cd,= Cd^ — (3) 

where Cd,' is the skin friction drag coefficient based on shroud wetted 
surface area. After substituting equations (1) and (2) into equation (3) 
and adding the increments due to bare-bod.y and control surface drag, 
the total thrust coefficient may be expressed as 

Cr = CnsB+OMCn,s+iCn: 

fn equation (4), preliminary values are now assigned to selected quanti- 
ties as follows: b/ry;=1.00; r/, 2 -rn = 0.25; f^i/F2=1.15; and Cd,' = 0.003. 
The accuracy of the estimated values of these quantities will become 
evident from later developments. It is important to note that the above 
relation reflects an increase in shroud drag as ingested mass flow increases. 

In this estimate, only the frictional drag of the propulsor shroud has 
been considered. However, it must be remembered that the pressure drag 
of the body, which was initially included in the bare-body drag coefficient, 
is substantially reduced by the addition of the propulsor. Thus, the 
inclusion of the full bare-body drag in all calculations tends to compensate 
for increases in the form drag of the pumpjet shroud. 




Figure 2. — Streamlines and energy line through the pumpjet. 
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Optimum Propulsor Mass Flow 

When seeking an engineering design solution involving boundary-layer 
ingested flow, it is necessary to define three separate average velocity 
quantities which are a function of the boundary-layer shape at the 
reference station. These mean quantities are representative; of the mass 
flow rate, the momentum, and the kinetic energy of the ingested flow. For 
cases where all streamlines are approximatel 3 ' parallel to the bod>’ surface, 
they are defined as follows : 



thItB ' \TB/ 

(5) 




KnirB '■a Vra/ 


r. 

•'ra/ra \f =0/ rii Vb/ 

(0) 


th/tb \Vb) 


rrlrs 

Kh/tb VT'«/ r,i Xtb/ 

(7) 

r" xiid(L) 

th/tB ^ «> \Tb/ 

For many cases, the three values given b\’ the different definitions for 
the mean velocity will not differ significantly. However, the individual 
values are dependent on the “shape factor” of the boundarj' laj'cr and for 
boundarj’-layer profiles having a ratio of displacement to momentum 
thickness of 1.5 or greater it is important to insert the respective values in 
mass flow, momentum, or energj’ relations. This practice will be followed 
in this paper even though the velocities, as defined bj- equations (5), (6), 
and (7) and plotted in figure 1, indicate little difference. 

Propulsion devices depend on the principle of reaction. The impulse- 
momentum relation when applied in the axial direction between Stations 
(D and © of figure 2, where it is assumed that free-stream static pressure 


exists, results in 

T = pA\\ i( AT a) 


( 8 ) 
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where AVa is the average change in axial velocity. This expression can be 
written in terms of the thrust coefficient as 


,, ^1 1 1 ^ 1 a 

t r — 2 — — — ~ 

An I 00 > « 


(9) 


Referring to equation (9), the product (Ai/An) (Vi/V^) represents the 
nondimensionalized mass flow rate through the pumpjet and the quantity 
ARo/Too represents the axial acceleration of the fluid between Stations 
© and It is evident that to obtain a given thrust, the product of these 
two quantities must remain constant. This can be achieved with significant 
variations in the individual values of the ma.ss flow rate and the accelera- 
tion. The criterion used in selecting the proper mass flow rate is based on 
minimizing the energy dumj)ed overboard in the discharge jet and the 
energy losses in the duct inlet. The parameter normally used in defining 
this performance criterion is termed the propulsive coefficient (sometimc's 
referred to as propulsive efficiency). It expresses the relative effectiveness 
of converting the energy placed in the fluid by the propulsor into propul- 
sive vehicl(> energy. Since the propulsor is ingesting low-energy boundary- 
layer fluid, the selection of the optimum mass flow rate is influenced by 
the shape and energy of the velocity profile near the aft end of the body 
as discussed in references 2, 7, and 8. 

The approach which is u.sed to determine the optimum mass flow rate 
is based on analysis of averaged energy relations through the pumpj(‘t, 
thereby eliminating the need for defining the propulsive vehicle energy. 
This quantity is confusing because its definition often leads to propulsive 
coefficients greater than imity. Referring to figure 2, the energy relation 
between Stations © and ® can be written 


Pt^ — pTT~yH AKp 


tv 

2 


( 10 ) 


This relation is depicted graphically in figure 2. Assuming the same static 
pressure at both stations, the nondimensional relation defining the energy 
placed in the fluid can be expressed as 


H 


iVJ/2g) 


/V \2 /V \2 /V \2 

= ( — ) - ' ) -f-A' ( -- ) 

\I 00/ \I 00/ \1 00/ 


Since Tv can be closely approximated by Ti-fATm, this expression 
reduces to 


H 

{VJ/2g) 


Ai©n /A^ 

V T V T 
’00 ’00 \ ' 00 


+A 




( 11 ) 


where AT„/T„ is obtained from equations (4) and (9) with consideration 
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of the local body geometry. The variation of AF„/F«, with amount of 
ingested mass flow is shown in figure 3. The last term in equation (11) 
represents the eiu'rgy loss in the shroud inlet. A typical value of the loss 
coefficient for this type of inlet, iL = 0.13, was used in this ease. 

The hydraulic efficiency of a turbomachine is defined as the ratio of 
the energy placed in the fluid to the shaft energy. The energy pk" ed in 
the fluid could be determined from an averaged total head traverse fore 
and aft of the rotor-stator system and the shaft energy could be deter- 
mined from the shaft speed and torque. Over the range of flows to be 
investigated hero, it has been assumed that the hydraulic efficiency, 
defined by the ratio 

H 

( 12 ) 

tlR 

remains constant at 0.89, a value typical of axial-ffow pumps. This 
estimate of the hydraulic efficiency can be evaluated later in the design 
exercise by using the final spanwise loading and flow characteristics and 
the technique described in reference 9. 


AV„ / V„ 



Figure 3. — Power requirements and meridional velocity change as a function of flow area 

at Station 1. 
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A noiidimonsioiial shaft power coefficient can now be defined. 


Cp — 


P _ Hr 
\pVJAb iV„-/2g) 


(13a) 


ivherc 


y 00 


(136) 


Substituting equations (11), (12), and (136) in equation (13a) gives 


Cp = 




^ Vj 

A/j h 00 


(14) 


By substituting tiic velocity ratios at giv('ii values of AJ An as indicated 
by figure 1, a plot of the shaft power coefficient can be obtainc'd as shown 
in figure 3. The optimum mass flow with respect to minimizing 
required shaft power corresponds to Ai/A;; = 0.10, ri/Voo = 0.78, and 
AVm/F« = 0.39. The optimum was chosen slightly above the predicted 
value to ensure staying above that portion of the power curve whore 
adverse Cp gradients occur. 

The magnitude by which the inlet loss affects the performance of the 
propulsor is illustrated in figure 3 by the plot of the power coefficient 
associated with zero inlet loss. The advantage of boundary-layer intake 
for this propulsor configuration should also be emphasized. The increased 
performance associated with boundary-layer intake can be illustrated by 
considering an alternate propulsor configuration that is strut-mounted at 
a distance from the hull sufficient to permit ingesting fluid of free-stream 
dynamic energy. The power required for this configuration is found by 
substituting Fi/y„ = l into the previous equations and is 15-percent 
greater than that associated with the propulsor that takes advantage of 
boundary-layer intake. 


CAVITATION PERFORMANCE 

The problem of propulsor cavitation is largely dependent on the degree 
to which cavitation has to be avoided. It has been well I'.stablished that 
limited cavitation occurring within the blade jiassages of pumps, pro- 
pellers, or pumpjets does not affect the propulsor performance or efficiency. 
However, strongly developed cav'tation can lead to complete performance 
breakdown and falloff in shaft torque. The problem of cavitation is con- 
siderably complicated when it is necessary to avoid local, incipient 
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cavitation at specified vehicle speeds and depths. In this case, the pro- 
pulsor must operate with a minimum of cavitation-induced noise, vibra- 
tion, and erosion, all of which can be introduced with only minute sporadic 
cavitation. 

The parameter used to describe the cavitation performance of pumping 
machinery is suction specific speed. An analogous parameter, which has 
been used by various hydrodynamic laboratories, is termed a cavitation 
index. The use of the latter cavitation parameter permits describing the 
cavitation performance of either a rotating or stationary element of the 
hydrodynamic machine. The suction s])ecific speed parameter, by defini- 
tion, involves a shaft speed and has generally been used to describe the 
overall cavitation performance of the entire shrouded rotor-stator system. 
A discussion indicating the relation of these two cavitation parameters is 
found in reference 3. 

The cavitation index will be used in this jiaper as the cavitation per- 
formance parameter. It is defined as the ratio of the diffenaice between 
the ambient static pressure' at the centi'rline of the vi'hicle and the vapor 
pressure to the dynamic la-ad of the free-stream fluid as shown below. 


fl.sub d” atin ^ _ /?su h+32.0 _ — i)v 

( VJ/2g) ~ ( VZ^) ~ TpVV 


The critical cavitation index, <r„, relates the unique conditions of depth 
and forward velocity at which cavitation inception occurs. Reh'rring to 
figure 2, the energy relation expressed between Stations CO and @ has 
the form: 


V'l-Von 



( 10 ) 


The minimum pressure coefficient along the blade profile at the tip can 
be defined as 


C,= 


]h 7^min 


(17) 


The relative velocity, IlC, at the rotor blade lip is used in this ri'lation 
since the velocity at the tip is a maximum, making this region most 
critical with respect to cavitation. 

By utilizing equations (15), (10), and (17) and h'tting ecpial the 
vapor pressure of the fluid, the following relation defining the critical 
cavitation index is obtained. 



( 18 ) 
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Tlip average values of the quantities indicated in (‘quatioii (18) will be 
used to obtain values of cavitation performance for preliminary selection 
of disk area and shaft speed. On this basis, with 


and with 


we have 


1 2 \ 1 Aj 



(19a) 


(196) 


O' cr 


= Cb 




(20) 


This relationship can he expressed nondiniensionally in terms of the 
advance ratio, rotor hub and tij) radii, and mass flow rat(> coefficient by 
noting that 


nU,i 


(21a) 


T ir Pt* 

Too j rii 


(216) 


A2 (rr/rji)^- (r,i/rn)~ 

A II cos 6 


(21c) 


By inserting these expressions and eciuation (136) into (!(}uation (20), 
a very useful relation is obtained that jiermits the selection of values of 
disk area and advance ratio which satisfy specified limits of cavitation 
performance. 


c 


cos 9 


L {rr/rn)-- (ru/rn)-} 


'ir\^ 


Tn 


+ C„ 


cos 9 


L(Pr/Pa)^- (rn/ris)- 


-0.87 


An 

Ai 


( 22 ) 


To illustrate the use of eejuation (22), it has been solved as a function 
of rr/rB for various advanci; ratios by substituting the quantities 
Cm = 0.078, *4i/dL/j = 0.100, and l’i/T„ = 0.780 obtained from optimum 
conditions indicated by solution of eejuation (14). The tip section mini- 
mum pressure coefficient Cb was set equal to 0.3, which is representative 
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for thin airfoil soctions at zero inoidcnce. Thc' quantity ru/rn is, in most 
cases, dictatc'd by the geometry of tlu* tail-cone and limited by the 
mechanical design of the aft bc'arings and shafting. In this case, ru/rn 
lYas taken equal to 0.25. TIk' angk' 6, which is also specified by th(> tail- 
cone geometry as shown in figure' 1, was ecpial to 13° in this case. The 
results of substituting these values for the various parameters into 
equation (22) are plotted in figure' 4. The curve's indicate that, for a given 
disk area, as advance ratiei is incre'ased (shaft sjie'ed de'cre'ase'd) the cavita- 
tion performance impreive's. Cemver.sely, feir a given advance ratio, as the 
disk area is increase'd (e>r as gre'ater dilTusiem eif the' flow is permitted 
between Stations © and @), the cavitatiem inde'.x alsei impreive's. Howeiver, 
efficient operation eive'r the' comidete' range of the'se twei de'sign variable's 
is not possible since e'xtremely leiw shaft spee'ds recpiire' such high blade 
loadings that flow separatiem will occur em the' blade's tlu'mse'lves. By the 
same re'asoning, the fleiw freim Statiem ® tei Statiem @ can be' dece'le'rate'd 
emly a certain amount befeire' separatiem em the' hull can be e'xjie'cte'd. For 
these re'asons, the disk are'a and advance ratiei indicate'd as the de'sign 
point in figurei 4 we're selecte'd feir this de'sign e'xe're'ise'. At this iieiint, tlu're 
is approximately lo-perce'iit diffusion eif the fleiw be'twee'ii Stations © 
and @. Little is gained in te'rms eif incre'ase'd cavitatiem pe'rfeirmance by 
further diffusiem since the' curve is starting to obtain a gradual slope'. In 



ROTOR TIP RADIUS 
re BODY RADIUS 


Figure 4. — Critical cavitation index as a function of rotor tip radius and advance ratio. 
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addition, this amount of diffusion does not significantly risk flow separa- 
tion on the hull. It is recommended that the sizing of the shroud inlet be 
based on the studies of reference 10 which indicate the amount of pre- 
diffusion that can be obtained efficiently with nonuniform energy flows. 
This approach provides a preliminary estimate of disk size. A more 
detaih'd evaluation of the flow properties at Station obtained from a 
computi'rized solution of the flow field within the duct, will be presented 
later. 

To proceed with the design e.xample, it is now assumi'd that operational 
conditions require a forward speed of 50 knots at a cavitation-free depth 
of 40 feet. It is also assumi'd that the shaft spet'd is unrestricted and can 
be selected at the di'.signer’s discretion. Using the relation given as t'qua- 
tion (15), it is found that these conditions correspond to a critical cavita- 
tion index of 0.650. Referring to figure 4 .shows that this value' of cavitation 
index is compatible with the values of rr/rn and ./ .selected previously. 
The predicted cavitation performance is approximate since average values 
of velocities were used; however, it is representative and final predictions 
cannot be made until the blade .sections are designed. The blade dc'sign 
procedure and the resulting critical cavitation indices are jiresenti'd in a 
later section. 

It must be emphasized that the preceding design considc'rations have 
b('en directed toward predicting the onset of blade surface cavitation. A 
second form of cavitation occurs in shrouded propulsors due to the 
presence of secondary flews such as tip clearance leakage flow. This flow 
generates cavitation in tin' clearance gap itself. After proceeding through 
the gap, this fluid rolls up into a tip vortex of low core pre.ssuri'. The 
leakage flow also impinges on the tip of the .stator sy.stem, causing periodic 
cavitation. It is usual in pumpji'ts to find that the cavitation resulting 
from secondary flows occurs before blade surface cavitation. However, 
research described in references 11, 12, and 13 provides design criteria 
which, if properly applied, will give overall propulsor cavitation per- 
formance within the limits previously described. 


Blade Geometry and Loading Distribution 

Satisfying the cavitation requirements of the blading does not imply 
that flow separation will not occur from exci'.ssive blade loading, espe- 
cially near the root section where relativi' flow velocities are low. Flow 
separation leads to high energy losses and creates large wakes which 
promote both cavitation and vibration. 

The magnitude of the average rotor head Hu/ {VJ‘/2g) was evaluated 
previously using equations (11) and (12). It is now necessary to obtain a 
radial distribution of this rotor head which also satisfies established limits 
of blade loading. 
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By Euler’s equation, the rotor head can be equated to the mass averaged 
integrated value at the rotor exit, assuming that there is no peripheral 
velocity component in the flow at the rotor inhd. 




= 2 


2g 


^tt/tb 
^ rHhB 



thItb 


r,i Vb/ 



(23) 


The selection of the radial distribution of VsJVx requires an iterative 
procedure since many distributions would satisfy this condition, in- 
cluding the free vortex distribution shown in figure 5. However, near the 
hub the free vortex loading requires, in many cases, an absolute peripheral 
component of velocity greater than the peripheral ivheel speed. This is 
undesirable since turning the relative flow past the axial direction is not 
recommended for reasons of separation (see ref. 14). The free vortex 
loading is also undesirable since kinetic energy losses are minimizc'd in a 
discharge jet whose velocity is uniform and approaches the vehicle 
velocity in magnitude. A uniform discharge jet cannot be obtaim>d with 
free vortex loading since boundary layer fluid is ingested. This condition 
can be more closely approached with a forced vortex loading. The forced 
vortex Ve,/V„ distribution shown in figure 5 was selected after several 
iterations and was used as input to the Streamline Curvature Method 



Figure 6. — Rotor velocity and load distribution. 
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(SCM) computer program of reference 15. This program provides a 
solution to the axisymmotric flow field from which the detailed flow 
properties at various stations through the pumpjet can be obtained. A 
general discussion of a computerized version of this method, its operation 
and application, is presented in Appendix I. To obtain a solution, the 
coordinates of the vehicle hull are used as input and are spline fit to 
describe the inner contour of the pumpjet. The outer contour is defined 
by passing a spline curve through points corresponding to the coordinates 
of the stagnation streamline at Station ©, the shroud inlet, the rotor tip, 
and the shroud exit. The shroud exit is sized to reflect the “vena contracta” 
of the discharge jet as discussed in reference 16. This geometric informa- 
tion, in addition to the energy and velocity profiles at Station ® and the 
radial distribution of rotor head at Station ®, is the information required 
as program input data. 

The velocity and energy profiles obtained as SC1\I program output at 
the rotor inlet and exit and at the stator inlet and exit are shown in 
figures 6 and 7. Using these velocity distributions and an established 
separation criterion such as the Diffusion Factor described in reference 17, 
the blade solidity necessarj- to prevent separation can be obtained. The 
diffusion factor, D, is defined below for rotor blades. For trailing edge 
loaded blades it is suggested that a value of 0.5 or less be maintained. 



Figure 6. — Velocily and static energy profdes at rotor inlet and exit. 



DESIGN OF PUMPJETS FOR HYDRODYNAMIC PROPULSION 811 


D 


1 1 03 i 11 ; 

: 1 -) y 

2 Wi c W, 


(24) 


For preliminary design, the length of the chord can be computed from 
the projected view of the blade system shown by figure 2 and the vector 
mean of the velocities relative to the blade at inlet and exit. The diffusion 
factor and lift coefficient are plotted in figure 8 as a function of r/rn for a 
13-bladed rotor system and a 9-bladed stator system. 

Before leaving the discussion regarding the .selection of the spanwise 
loading distribution on the rotor, it must be emphasizi'd that wake- 
adapted vane systems such a.s the propeller and pumpjet have an un- 
paralleled potential for the generation of secondary flows. To create 
secondary flows in blade pa.ssages, the. primary requirement is an upstream 
component of vorticity normal to the relative flow at the blade inlet. It is 
obvious that with boundary-layer intake thi.s condition is amply satisfied 
and, in contrast to axial-flow comprc'ssors where only a fraction of the; 
blade span is subjected to a wall shear flow, the blading of a wake-adapted 
propulsor is subjected to these flows over the entire blade span. In 
reference 18, this secondary flow problem has been investigated both 
analytically and experimentally. Based on this reference, the following 
physical reasoning is presented with regard to the origin of the secondary 
flow. 

The vane turns the fluid because of the pressure difference between the 
suction and pressure surfaces. If this pressure differential varies from one 



Figure 7. — Velocily and static energy profiles at stator inlet and exit. 
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Figure 8. — Spanwise distribution of lift coefficient, diffusion factor, and average pressure 

differential. 

spanwise location to the next, a spanwise pressure gradient will exist 
causing spanwise velocities which contribute to the secondary flow. This 
spanwise pressure gradient is represented by the radial distribution of 
plotted in figure 8. It is obvious that tlu‘ loading distribution 
could be improved in the aspect of reducing secondary flows. However, to 
obtain a uniform radial distribution of average pressure differential 
requires excessive fluid turning at the rotor hub sections. It is evident 
from this brief discussion that the relative magnitude of the loss in both 
efficiency and cavitation performance associated with minimizing second- 
ary flows, avoiding excessive fluid turning, or discharging a jet having 
relatively high shear and kinetic energy losses must be considered in the 
selection of the loading distribution. 

In summary, this phase of the preliminary design required siweral 
iterations to obtain a distribution of rotor head and blade solidity that 
satisfied propulsive energy requirements and blade cavitation and 
separation criteria. The blade solidity was chosen somewhat higher than 
necessary to ensure that the cavitation characteristics of the blading 
would be more critical with respect to the velocity of the relative flow than 
the blade loading. In the next section, additional consideration is given to 
these matters and to the detailed design of typical cylindrical blade 
sections for the, rotor and stator. 
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MEAN STREAMLINE METHOD OF BLADE DESIGN 

The design of blade sections requires the use of a method general enough 
to accommodate practical applications in which the blade sections are 
subjected to a flow which, in most cast's, is not two dimensional. Most 
available methods contain a high degree of mathematical and computa- 
tional complexity and, therefort', reijuin' a lengthy period of detaih'd 
study before they can be applied succi'ssfully. It appears to be impossible 
for the average designer to become familiar with a sufficient number of 
methods to be able to correct and modify the two-dimensional solutions to 
reflect the typical three-dimensional flows normally encountered. Even 
when automatic computation is used and programs are available, the 
designer must have a full understanding of the method of solution used. 

Consequently, it is desirable for a designer to be familiar with a method 
that is not too complicated but which is still generally applicable. On this 
basis, the mean streamline method of reference 14 has been used at the 
Ordnance Research Laboratory for the blade design of a number of 
axial-flow pumps. This method of blade design, applicable to the indirect 
problem, has several very attractive features. Among the most important 
are 

( 1 ) It permits the designer to derive a blade shape of arbitrarv thick- 
ness and chordwise loading distribution while providing a specified amount 
of fluid turning. 

(2) It provides the capability to account for three-dimensional flow 
effects, such as changes in the axial velocity along the blade chord and 
changes in total energy relative to tin' blade row from leading edge to 
trailing edge. 

Evaluations of the performance of axial-flow pumpjet designs, as deter- 
mined in wind tunnel and water tunnel tc'sts at the Ordnance Research 
Laboratory, have indicated values of blade thickness and loading dis- 
tributions with satisfactory resistance to cavitation. The loading di.s- 
tribution clearly shows characteristics prevalent with trailing edge loaded 
blades, while the thickness distribution shows that the leading edge as 
well as the trailing edge should be kept thin. The thin forward portion of 
the blade, in conjunction with the loading distribution described above, 
desirably reduces the local blade surface velocities in the vicinity of the 
leading edge. This is important since this is the region that is most 
susceptible to the inception of cavitation. 

As an illustration of the application of the mean streamline method of 
blade design, rotor and stator cylindrical blade sections have been designed 
for the Akron pumpjet at values of r/r« equal to 0.345 and 0.265, respec- 
tively. These blade sections are located near the midspan position of each 
blade system. 
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The basic input data required to initiate the blade design procedure arc 
the vehicle geomc'try and the flow jiroperties at the rotor and stator inlet 
and exit stations. The change in the flow properties across a single element 
of the propulsor — for example, the rotor — is related to the average pres- 
sure change across the element by the impulse-momentum relation. 
Figure 9 depicts the basic geometric characteristics, velocity components, 
and flow directions for a rotor blade cylindrical section of axial length I 
located at a distance r from the centerline of a vehicle of maximum radius 
Til. The meridional and peripheral velocity components at the inlet and 
exit stations are Vm 2 < and Vms and Fs,, respectively. Due to the taper of the 
body and the effect of the rotor, the streamline that enters the rotor at the 
radius r exits from the rotor at a radius less than r. The manner in which 
this nonaxial character of the flow influences the blade design procedure 
is described in the paragraphs that follow. 

The development of a portion of the cylindrical section of radius r and 
thickness Ar is shown in figure 10. The rotation of the rotor at the angular 
velocity co gives rise to the blade peripheral velocity, U = rw, as shown. The 
average pressure, Ap, represents the uniform pressure which, when applied 
over the incremental area l{Ar) in the time increment At produces a 
change in the peripheral momentum of the flow equal to m(AFe) . Thus the 


-Vg^ (DIRECTED INTO PAPER FOR COUNTERCLOCKWISE ROTATION 
OF ROTOR WHEN VIEWED FROM AFT END OF VEHICLE) 

-Vmj 



I’lGCHE 9. — Basic geomelric and flow characteristics. 



Figure 10. — Rotor cylindrical section development. 
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impulse-momentum relation, when applied in the peripheral direction, is 


F{At) =m{AVe) (25) 

where 

F = N(Ai))l(Ar) 


— = 27rpF„r(Ar) 

At 

AVe= Ve,~ Fez 

Combining these with Fm = HFmz+F„, 3) and T^ez = 0 leads to the relation 


Ap = 


Trpr 

m 


(F m 2 d~ 1 ms) 1 es 


(2G) 


By dividing this expression by the quantity the useful nondimen- 

sional expression presented as equation (27) is obtained. 

Ap ‘IitTb /Fmz , I'msX Fes ^ (271 

\\}v~Sb 

The uniform pressure Ap is related to the actual axial pressure dis- 
tribution Ap = Ap(l') by the expression 

-A^ = \(\p{l’)d{l’) (28) 

t •' 0 

where V denotes axial position along the rotor cylindrical section. The 
Ap/ (5pF^2) distributions and the level of the quantity Ap/ {^pV J) used 
in the design of the rotor and stator blade s('ctions for the Akron propulsor 
are shown on the right in figures 11 and 12, respectively. 

As defined by equation (27), the average pressure change is propor- 
tional to the total change in the peripheral velocity component. For the 
rotor, the variation of Ve across the blade section from Fe = 0 at the inlet to 
Fs= F93 at the exit would be a linear function of V if Ap represented the 
actual loading distribution; i.e., if Ap^Ap{l'). However, since this is not 
the case, it is necessary to relate the variation of Ve with V to the variation 
of Ap with V. This is achieved by dividing the loading distribution into 
segments and noting that 




FiGrRE 11 . — Rotor cylindrical design section at tIt^=0.3J,5. 








TO BLOCKAGE 



Figure 12 . — Stator cylindrical design section at r/rB = 0.26o 
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M’licre a = 0, 0.2, 0.4, . . . , 1.0; (T'« 3 /T'«.)r 3 ,,/rB is tho value of the peripheral 
velocity at the rotor trailing edge on the streamline that passes through 
the rotor cylindrical section at I'; and Kau is a function of I'/l alone for a 
given loading distribution. The quantity fh' Ap d{r) represents the area 
under the Ap versus V curve between the points 0 and 1' and /q Ap d{V) 
represents the total area. 

It is important to note that equation (29) as written apjilies to cases in 
which the propiilsor element imparts a pi'ripheral velocity component to 
florv that had only a meridional component at the inlet. In the case of tho 
stator, the inflow contains both a meridional and a perijiheral velocity 
component. The function of the stator is to reduce the peri))heral com- 
ponent to zero at the trailing edge. Thus, for the stator, iA„,= l— 
where Kau is the value given by inserting tho stator loading distribution 
and the appropriate values of (T« 4 /lty)r,,./rB into equation (29). 

Examination of figures 2 and 9 reveals that the flow streamlines are 
inclined at an angle to cylindrical blade sections, and nderence to figures 
5 and 7 reveals that Ve is a function of r at the rotor exit and at the stator 
inlet. Consideration of these factors has h'd to the; following procedure for 
selection of the values of {VeJV ^)rt^.irBy (f'e 4 /f"oo)r,,./r/j, to be u.scd in 

equation (29). Referring to figure 2, and restricting consideration to the 
rotor, locate the points V = al along the line of length I di'termined b\’ the 
intersection of the particular rotor cylindrical section under considi'ratioii 
with the plan view of the rotor. Streamlines passing through the points 
along I denoted by increasing values of I' can then be apiiroximated and 
the radial position, denoted by ra,-, where these streamliiu's exit from the 
rotor can be determined. The flow along these streamlines enters the rotor 
with no perijiheral velocity and must exit from the rotor at rsf with the 
peripheral velocity {Ve^/\ ^)ni.ini given by entering the Tea/fty curve in 
figure 5 at r^^'/rn. Thus the peripheral velocity at a point V on a rotor 
blade cylindrical si'ction is given by the product of the exit peripheral 
velocity associated with the streamline that intersects the cylindrical 
section at V and the fraction of the loading that is concentrated between 
the leading edge and V. Similar rea.soning, when applied to the stator, 
leads to the conclusion that the peripheral velocity at a point V on a 
stator blade cylindrical section is given by the product of the inlet 
peripheral velocity associated with the streamline that intersects the 
cylindrical section at I' and the fraction of the loading that is concentrated 
between the point V and the trailing edge. 

At this point, it is possible to construct a portion of the relative flow 
velocity diagrams shown on the left in figures 11 and 12. For the rotor 
section, with r/r/i = 0.345 and J=1.0, f//F„ = 1.084 by equation (216). 
From figures 5 and 6, Tty 2 /F«. = 0.647, 1^„3/F«, = 0.805, and VeJV ^ = . 

The direction and magnitude of the inlet and exit relative velocity vectors 
RV^oo and IlVIty are given by vector addition of the components 
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— JJ/V^ and and ( - r/T"„) + and rcspoc- 

tively. The moan relative velocity vector, Tr„, 'T^„o, is also defined, as 
describc'd in reference 14, since it terminates on the midpoint of the line 
connecting the end points of the inlet and exit ndative v('locit>' vectors. 
Application of the techniipie described above also defines flic; increnK'ntal 
changes AYt/Y^ a.ssociated with 20-percent length increments along /; 
thus vertical lines can be constructed based on the magnitude of tlit'se 
increments. If the blade section had no thickness and no boundary layer, 
the end points of the internal mean flow r(>lative vi'locity vectors would be 
defined by the points of intensection of the vertical lines denoting the 
internal values of T«/V'oo " ith the line joining the end points of the inlet 
and exit relative velocity vectors. However, since each blade has both 
physical thickness and a boundary layer, both of which act to reduce the 
flow area, the internal m(>ridional velocity component must incrc'ase 
becausi' of blockage. The mean streamline method of blade dc'sign requires 
that a guess be made, at this point, of the magnitude of the incremental 
change in Ym/Y^ within the blade* pa.ssage due to these* facteirs. This 
permits ceenstructiein of a curve*d line* abeive* the* jiortion e>f the veleicity 
diagram already ce)ii.structe*d whose shape* and le*ve*l reflect the* estimated 
change* in the meridieinal velocitj' ce)mpe)ne*nt. The* points of inter.se*ctie)ii 
of this curved line with the vertical line*s denoting the* internal Te/d «o 
values then locate the end peeints of the re*lative velocity vectors as sheewn 
in figure 11. These relative velocity vectors thus denote the estimated 
magnitude and direction of the relative velocity at points on the cylin- 
drical section corre.sponding to 0.0/, 0.2/, 0.4/, 0.6/, 0.8/, and 1.0/. The 
estimat(*d increments in Ym/Y„ at 0.0/ and at 1.0/ an* due* to the fact that 
the actual blade surface extends slightly forward of the 0.0/ line and to the 
fact that the boundary-layer displacement thickness repre.sents blockage 
at 1.0/. Identical reasoning applied to the stator cylindrical section at 
r/ri 5 = 0.265 permits construction of the relative velocity diagram shown 
on the left in figure 12. Note that in figures 11 and 12 the basic construc- 
tion is made over a background of horizontal lines that subdivide / into 
10 equal increments. 

The mean streamline development is initiated by constructing a con- 
tinuous line made up of segments extending from 0.0/ to 0.1/, 0.1/ to 0.3/, 
0.3/ to 0.5/, 0.5/ to 0.7/, 0.7/ to 0.9/, and 0.9/ to 1.0/, respectively. The line 
segment extending from 0.0/ to 0.1/ is constructed parallel to the 0.0/ 
relative velocity vector. The next segment in this line is then drawn, in the 
region from 0.1/ to 0.3/, by constructing a line segment parallel to the 
0.2/ relative velocity vector. The remaining segments are constructed by 
repeated application of this process and the mean streamline is developed 
by passing a spline curve through the points on this line at 0.0/, 0.2/, 
0.4/, 0.6/, 0.8/, and 1.0/. 
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The blade cylindrical section is then specified by definition of the blade 
chord, the blade camber line, and the blade maximum thickness and 
thickness distribution. The sti'ps required in this development are as 
follows: 


(1) The approximate length of the blade chord is given by the length 
of the straight line that joins the points where the mean streamline inter- 
sects the O.Ol and 1.0? lines. 

(2) The blade camber line is displacc'd from the mean streamline and 
is constructed by 

(a) Determining the maximum value of the departure of the camber 
line from the mean streamline, (An),„ax, by use of equation (30). 


(An)„,ax = 



C Cl 


(30) 


In ('(luation (30), (A/q (7)n,ax, the maximum vahu' of the ratio of th(> 
camber liiu' dejiartun' from the nu'an stn'amline for unit lift coc'tficif'iit to 
the chord h'ngth, is givc'ii in r(‘ference 14 as a function of tb<‘ vaiui 
chord angle nu'asured from the axial din'ction. Tli(> lift co(‘ffici(‘nt is givc'u 
by (‘Ciuation (31) where t, the blade-to-blade sjiacing, is givc'ii by 27rr .V. 


Ve t 


Cl = 2^ 


W„,C 


(31) 


(6) Determining the variation of the departure of the camber line 
from the mc'an streamline as a function of position along the blade chord. 
In rc'ferc'nce 14, the variation of An/(AM),„ax with distance from the blades 
leading edge in percent chord length is givc'ii as a function of the type of 
blad(' loading distribution. The values of A;(/(Ar),„„x presentt'd in table 
II have been used in recent propulsor designs at the Ordnance Ke.search 
Laboratory. These values are identical to those present(>d in refenuice 14 
except in the leading edge region where the magnitudes have betui rc'duced 
in an attempt to rc'duce the susceptibility to leading edge suction face 
cavitation. Multiplication of tlu'se ratios by (An)max as calculat(>d above 
defines the variation of A/( with distance along the chord. 

(c) Constructing lines perpendicular to the chord line at the chord- 
wise points where Aw has been evaluated. Points on the camber line are 
then defined by locating points on these perpe-ndiculars that are An units 
from the mean streamline. The camber line is then defined by passing 
a spline curve through these points. 

(3) The blade thickness is distributed symmetrically about the 
camber line. The thickness is determini'd by the product of the ratios 
(T/T„, ax) ( ^in ax/C) where is expressed as a function of distance 

from the blade leading edge in percent chord length and Tmax/ C expresses 
the ratio of the maximum thickness to the chord length. Recent Ordnance 
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Research Laboratory designs have been based on the T/Tmax distribution 
listed in table III and 7’max/C = 0.065. Specification of the blade cylin- 
drical section is completed by (1) constructing lines perpendicular to the 
camber line at the chordwise points where the blade thickness has been 
defined, (2) defining points on the blade surface by locating points on 
these perpendiculars that are 7’/2 units on either side of the camber line, 
and (3) defining the blade contour bj’ matching the end points of spline 
curves passed through these blade surface points to elliptical sections 
drawn symmetrically about the camber line end points. 


Table II. — Deviation of Comber Line from Meon Slreomline 


Percent chord 

A>)/(A7;)n,„s 

0 

0,125 

10 

0.510 

20 

0.770 

30 

1 .025 

40 

1.200 

50 

1.370 

60 

1..500 

70 

1 ,.540 

80 

1 .420 

90 

0.970 

100 

0 


Table III. — Blade Thicknexx Disirihulion 


Percent chord 

7V7’,„ax 

0 

0 

3 

0.271 

10 _ 

0.411 

20 

0.583 

30 

0.740 

40 

0.878 

50 _ . ^ 

0.967 

60 ^ . 

0.999 

70 . 

0.9,54 

80 

0.796 

90 

0.519 

99 

0.194 

100 

0 
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The blade section defined by this process represents a first approxi- 
mation only since its construction ivas based on an estimate of the internal 
changes in Vm duo to blockage and since the length of the chord was 
approximated by the length of the lino joining the end points of the mean 
streamline. The chord length is defined as the length of the line that 
connects the end points of the camber line. 

A second application of the mean streamline method of blade design 
should be made at this point. In this application, the internal changes in 
Vm can be calculated by utilizing values of the blade thickness measured 
normal to the meridional direction, taken from the initial approximation 
of the blade cylindrical section, and estimated values of the boundary- 
layer displacement thickness. In addition, the blade chord can be con- 
structed by applying the value; of An calculated for the zero-percent chord 
position in the initial approximation at the point where the revised mean 
streamline intersects the 0.01 line to locate the approximate true end point 
for the revised chord. 

The calculation of the blockage correction to the meridional velocity is 
based on the following reasoning. As the flow proceeds through the blade 
passages, the meridional velocity is affected by blockage due to the blade 
thickness and to the boundary-layer displacement thickness. Thus, to 
satisfy the continuity equation, the local meridional velocity must increase 
above the base value which would exist in the absence of these factors. 
Base values of the meridional velocity for the Akron blade sections were 
obtained by assuming a linear variation of Vm with V as indicated in 
figures 11 and 12. If the local base value of the meridional velocity is 
designated as Vmi', then reference to figure 13 permits definition of the 
required correction AF„,'. Considering a cylindrical section of height 
Ar, the continuity equation becomes 

pVmi't{Ar) =p(Vmi' + AVmi') {t — r) (Ar) (32) 


which reduces to 


AV ml' Vmi' T 


(33) 


where t is the sum of the local blade thickness, measured normal to the 
meridional direction, and the total local boundary-layer displacement 
thickness. A rational estimate of the displacement thickness can be 
obtained by the method outlined in reference 16. This method requires 
the selection of a skin friction factor and a form factor representative of a 
turbulent boundary layer that has been subjected to an adverse pressure 
gradient. 

Past experience has shown that two applications of the mean streamline 
method of blade design are generally sufficient. Exceptions have been 
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PERIPHERAL 

DIRECTION 


Figure 13 , — Cylimhical section development illustrating meridional flow blockage. 


noted in cases where a particularly poor initial guess of the blockage 
effects has been made; however, it is safe to say that this iterative design 
procedure converges very rapidly. The blade sections shown in figures 1 1 
and 12 are based on three applications of th(> design medhod. h'or tlu'se 
sections, the differences between the blade profiles obtained in the second 
and third approximations were negligible. 

The blade section pressure distributions .shown in figures 11 and 12 
were determined by (1) calculating the variation of the mean pressure, 
pi', with position along the axial length and (2) constructing the blade 
pressure diagram about the mean pre.ssure linc^ by dividing the Ap/ ( 
distributions shown on the right in figures 11 and 12 between the suction 
and pressure sides of the blades in a two-thirds/one-third distribution. 

The mean pressure variation was found by writing Bernoulli’s ('(juation 
to relate flow conditions on a streamline at the inlet to flow conditions at 
the point where the streamline crosses the blade cylindrical section. For 
the rotor, if the subscripts 2 and I' refer to points at the inlet and on I, 
then 


P2+5pF„/ = p;' + 5pF^,' + 5pl Bi'~J (APt) —pUVe,' 

where APt represents the difference in total pressure at the inlet between 
streamlines that intersect I atl' = 0 and at l' = l, and pUYep represents the 
pressure increment associated with development of the rotor head H. 

Nondimensionalizing these relations by the factor ^pFoo^ leads to 
equation (34) which is the desired form for the variation of the mean 
static pressure as a function of V for rotor blade cylindrical sections. 

Pt'-p2 _(VmX /VspV V APt U_Ve^ 

hpVJ \F« / \v^/ VFoo / I ipvy F. 


( 34 ) 


824 TURBOMACHINES FOR MARINE PROPULSION 


Equation (35) was derived on the basis of similar reasoning and repre- 
sents the variation 


Vi'~VA (VmX (VbX (Vm’y (Vh'X I' ^Pt 


(35) 


of the mean static pressure with V for stator blades. 

The basis for the two-thirds/one-third distribution of the static pressure 
change between the suction and pressure sides of the blade is empirical 
and is based on examination of the NACA cascade test results. An (!xperi- 
mental cascade program is in ]irogress at the Ordnance Rcs(>arch Labora- 
tory at present, one of whose objectives is a critical evaluation of available 
theoretical and empirical blade design methods. A summary of this 
program is preseiihid in Appendix II. Results from this program will be 
used as they become available to verify and/or modify the mean stream- 
line method of blade design. 

Values of the cavitation index a and of the diffusion factor D, defined 
by equation (15) with 'Pv = Pmin, and by equation (24), respectively, are 
presented in the following table for the rotor and stator blade sections. 
These values are well below the maximum design values, o- = 0.650 and 
Z) = 0.500. 

Blade Section o- D 

Rotor at t/tb = 0.345 0.244 0.273 

Stator at r/rB = 0.265 0.314 0.304 

The design of individual cylindrical blade sections for the rotor and 
stator of the Akron pumpjet has b(!en described in detail. An adequate 
design of the rotor and stator blading would require the design of addi- 
tional cylindrical sections at values of t/tb both above and below' the 
values selected here for illustrative purposes. 


LIST OF SYMBOLS 

A Area 

A B Frontal area of body 

A, Wetted surface area 

a Fractional portion of projected chord length 

Cds Shroud frictional drag coefficient based on body frontal area 

Cfl, Shroud frictional drag coefficient based on shroud wetted 

surface area 

Ct Thrust coefficient 

Cdbb Bare-body drag coefficient 

Cb Blade pressure coefficient 
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Cp Power coefficient 

Cm Mass flow coefficient 

C L Lift coefficient 

C Chord length 

Db Maximum body diameter 

D Diffusion factor 

g Gravitational constant 

H Head (fluid energy) 

Hr Hoad (shaft energy) 

/isub Submergence depth in feet 

h^tm Atmospheric head in feet 

J Advance ratio 

K Inlet loss coefficient 

KaR Rotor load distribution factor 

Kas Stator load distribution factor 

I Projected length of chord in peripheral direction 

V Fractional distance of I defined bj' V = al 

I, Shroud chord length 

N Number of blades 

n Rotor shaft speed 

(An) max Maximum departure of camber line from mean streamline 
(normal to chord) 

Pt Total pressure 

p Static pressure 

r Local radius 

Tb Maximum body radius 

Tt Tip radius 

th Hub radius 

Til’ Radial position at rotor trailing edge of the streamline that 

passes through the rotor cylindrical section at V 
Til’ Radial position at stator leading edge of the streamline that 

passes through the stator cylindrical section at V 
Radial location of stagnation streamline at Station ® 

T Blade thickness normal to camber line 

t Blade pitch, defined as t = 2-wrlN 

U Peripheral blade velocity 

V Absolute velocity 

W Relative velocity 

Wm Alean relative velocity 

Vane angle between chord line and axial direction 
7 Volumetric density 

6 Angle between meridional and axial direction 

rjH Hydraulic efficiency 

p Mass density 



826 TURIiOMACHINES FOR :UARIXE PROPULSIOX 


a Cavitation index 

CO Angular velocity 

A Incremental difference 

Subscripts 

1, 2, 3, 4, Flow stations of figure 2 
5, 6, 7 

a Axial component 

m Aleridional component 

6 Peripheral component 

<x> Ambient free-stream conditions 

Superscripts 

— Average value of quantity based on mass flow rate 

= Average value of quantity based on momcmtum 

~ Average value of quantity based on energy 


APPENDIX I. Computerized Streamline Curvature Method 

The indirect turbomachine design problem entails the specification of 
a blade geometry to produce a set of desired performance characteristics. 
Within the limits of the current devc'lopmcnt, the solution of the indirect 
problem rc'quires the determination of the iidet and exit velocity profiles 
producc'd b}^ a specified peripheral velocity' distribution at the blade 
boundar.y plam>s and an_y as.sociated variation in total pres.sure through 
the blade passage. 

Simple radial eciuilibrium theory has often been used to gain a first 
approximation of thc> velocity distributions; however, this method 
neglects the effects of tlu; meridional curvature of the streamlint's and is 
rather limited in the variety of situations to which it is applicable. When 
the effects of the meridional radius of curvature are included in the radial 
equilibrium equation, the calculation process is termed the streamline 
curvature method. Smith, Traugott, and Wislicenus in reference 19 
presented a detailed anah'sis which included these streamline curvature 
effects. 

Historically, attempts to accuratc'lj’ employ the streamline curvature 
method have been hampered bj’ the necessity of physically measuring the 
geometric input data and by the tedious iterations reejuired for a solution. 
The current development of the strc'amline curvature method as an 
accurate design procedure has bcc'ii made possible by the use of digital 
computers to perform the iteration processes and by the advent of the 
so-called spline functions (ref. 20) for data specification. 
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The spline function is a mathematical model of a thin elastic beam used 
to represent a draftsman’s plastic spline. The importance of the spline 
function is its ability to accurately produce valid and continuous values of 
a function, and of its first and second derivatives. Thus, by employing 
spline functions to specify the flow parameters and stream patterns, it is 
no longer necessary to rely on physical measurements of slopes and radii 
of curvature. These properties can be calculated directly from the spline 
functions. 

The current development of the computerized solution of the indirect 
axisymmetric turbomachinc problem bj' the streamline curvature method 
relied heavily on the work of Novak in reference 21. A detaih'd develop- 
ment of the basic equations of motion and of the computer program 
(SCi\I I) is presented in reference 15, where the problem to be solved is 
stated as follows; Given the geometry of the flow boundaries, tlu; reference 
pressure and velocity profiles, and the de.sin>d blade performanc(! (i.e., 
the peripheral velocity distribution at the blade exit planes), determine 
the streamline pattern and the a.ssociated pressure and velocity dis- 
tributions for the axisymmetric flow through the blade system. 

Essentially, the program computes an iterative solution using the 
cylindrical form of the equations inti'rrelating (1) continuity, (2) con- 
servation of angular momentum, (3) constant total pressure; along a 
streamline in the absence of any energy sources, and (4) radial equilib- 
rium. The following assumptions have also been included in the analysis: 

(1) The flow is axisymmetric and free of secondary flows. 

(2) The fluid is inviscid and incompn'ssible. 

(3) The flow processes occur under steady-state conditions and at a 
constant temperature. 

(4) All pressure losses along the streamlines are neglected. 

A typical flow field to be analyzed is illustrated by the geometry in 
figure 2, where the velocity and prc.ssure distributions at Station © are 
assumed to be known from experimental or theoretical data and where the 
peripheral velocity distributions at the exit planes of the rotor and stator 
have been specified. The axial station locations are chosen so that they 
accurately describe the geometry of the flow field and are in locations of 
desired data output. 

Spline curves are passed through the input data as a function of radial 
distance at the appropriate stations. At the reference station. Station ® 
the streamline location is derived based on equal increments of mass flow- 
rate coefficient between streamlines. The first approximation of the 
streamline pattern at the remaining stations is formed in proportion to 
the flow- area at the respective station. Spline curves are passed through 
this streamline pattern and the necessary geometric properties are cal- 
culated. The total pressure coefficient is specified as a constant along a 
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given streamline from the reference station to the rotor inlet; at the rotor 
exit the total pressure is incremented by the rotor head and specified as a 
constant at the new value for the remaining stations. 

The appropriate equations and required data from the spline curves are 
employed to determine the meridional velocity profiles for all stations 
other than the reference station. This entails an iteration process between 
the assumed value of meridional velocity at the midstreamline and the 
continuity equation. These newly formed profiles are integrated to deter- 
mine a new streamline pattern which is then adjusted according to the 
procedure suggested by Horlock in reference 22. Spline curves are then 
developed to define these new streamline shapes as a function of axial 
position. The entire process is repeated until the difference in streamline 
location for two successive passes through the program is within a specified 
limit for all streamlines at all stations. When this static condition is 
reached, the program has defined the final solution. 

The program then enters the output phase. Geometrically, the output 
data at each station may be specified along a line at any specified angle 
with respect to the centerline. At each station the program outputs the x 
and y coordinates of the streamline pattern and the corresponding values 
of meridional velocity ratio, peripheral velocity ratio, static pressure 
coefficient, total pressure coefficient, local flow angle, and the meridional 
radius of curvature of the streamline. Also included in the output are the 
evaluations of the mean rotor head and torque coefficient. 

The results of the program have agreed very well with alternate axisym- 
metric solutions such as the graphical technique described by Gearhart in 
reference 23. In general, the agreement between experimental data and 
that presented by the SCM I computer program is good; the differences 
are thought to result from real fluid effects not included in this perfect 
fluid solution. It is planned to incorporate an empirical estimate of the 
streamwise and spanwise energy losses in the near future. 


APPENDIX II. ORL Cascade Research Program 

Success in performing fundamental turbomachinery research using the 
subsonic cascade tunnel as the basic experimental tool is exemplified by 
the results of the research effort at the University of Liverpool which are 
summarized in reference 24. 

With a subsonic porous wall tunnel not only can two-dimensional flow 
be obtained, but the capability of varying the axial velocity ratio exists 
and it is possible to obtain cascade performance data over a range of axial 
velocity ratios. With such capability, the blade boundary-layer growth 
and secondary flows can be modeled and studied in detail. Blade end wall 
losses and blade separation limits can also be established. Efforts at the 
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Ordnance Research Laboratory directed toward the development of 
hydrodynamic blading having surface velocities of minimum magnitude 
near the blade leading edge, thereby providing maximum resistance to 
cavitation, have required the design, fabrication, and operation of a 
cascade flow facility as shown by figures 14 and 15. 

The initial tests in this facility are being directed toward clarifying two 
problems which remain regarding the application of the mean streamline 
method of design. 

( 1 ) A risk is encountered when using trailing edge loaded blades which 
create steep, adverse pressure gradients near the trailing edge. The degree 
of adversity of a pressure gradient can only be decided by cascade tests 
which can show whether a de.sign load distribution over a blade is satis- 
factory or unsatisfactory. Use of a trailing <'dge loaded blade implies that 
an adverse pressure gradient on the forward portion of the blade has been 
intentionally reduced to provide increased cavitation resistance while the 
pressure gradient at the aft end has been made more adverse to permit 
carrying the same total load as a forward loaded blade. Concerning blade 
losses (not cavitation resistance), the NACA has developed trailing edge 
loaded profiles of acceptable performance as reported in reference 25. In a 
similar manner, through cascade tests, the Ordnance Research Laboratory 
must produce similar performance curves for their profiles which have 
different thickness and loading distributions. 

(2) The mean streamline method of design, reference 14, is semi- 
empirical in that the deviation of the blade camber line from the mean 
streamline is based on offsets derived from existing NACA cascade data. 
Generating similar cascade data for blading having an extcuided range of 



Figure 14 . — Schematic of subsonic cascade tunnel. 



830 TURBOMACHINES FOR :\IARINE PROPULSION 



Figure 15 . — Test section of cascade tunnel. 


solidities {c/t> 1.5) , and with alternate thickness and loading distributions 
will further strengthen an already proven design method. 

On this ba.sis, a series of two-dimen.sional blade geometries utilizing the 
table III thickness distribution and the loading distributions of figures 11 
and 12 have been designed and fabricated to permit an experimental 
evaluation of their pressure di.stributions and loss characteristics. Con- 
currently, a theoretical analysis of these cascade geometries is being con- 
ducted. Successful prediction of the pressure distribution of the tested 
blade geometries using the theondical analysis will permit many geome- 
tries to be analyzed theoretically with only periodic experimental verifica- 
tion to ensure that the limitations of the potential solution have not been 
exceeded. 

The theoretical solution selected for use in this program is outlined in 
reference 26. This reference also lists the computer program for use on an 
IBM 7090. The terminology in the reference is somewhat different from 
that commonly used in NACA compressor cascade reports. The program 
has been rewritten for use on the IBM 360 digital computer and the 
geometry of the cascade has been redefined in the more common cascade 
terminology. Application of this analysis to various cascade geometries 
and a listing of the program for use on the IBM 360 digital computer is 
given in reference 27. In this reference, it is shown that the comparison 
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between the pressure diagrams obtained analytically and those obtained 
experimentally by the NACA for the same cascade geometries is quite 
good, even for blades operating far from zero incidence. As might bo 
expected, the analytical solution predicts more turning of th(> flow than 
is obtained experimentally. This difference is thought to be due to viscous 
effects which are neglected in the analytical solution. 

An effort has been initiated which will jicrmit including real fluid effects 
in the potential solution. The revised method will require using the 
potential flow pressure distribution to obtain the boundary-layer dis- 
placement thickness along the pressure and suction surfaces of the blade. 
This thickne.ss will then be added to the blade thickness and the resulting 
cascade geometry will be reinserted in the Douglas Xeumann program of 
reference 27 to obtain correcti'd fluid deflection data. 

The experimental results which have Imh'u obtained from the cascade 
program to date are reported in reference 28. A .summary is also presi'iited 
in this reference of the t(>st procedures, operating characteristics, and 
capabilities of the cascade test facility. 
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DISCUSSION 


L. MEYERHOFF (Eastern Research) : Obtaining a ducted propeller 
design for operation in a boundary layer at the rear of a body is a difficult 
task. It is a nonpotential (rotational) problem, often approximated in 
the literature without substantive justification by a combination of po- 
tential and nonpotential methods. In the broad sense, it is necessary to 
contend with the effects of radially varying boundary-layer velocities, 
body shape, duct shape, and propulsor-body-flow interaction. To this is 
added the additional complication of obtaining cavitation delay for the 
blading and duct surfaces. 

The authors present a rational approach to the problem, showing the 
important techniques they have develojicd. The discussion which follows 
relates mainly to the first part of the authors’ paper, on the initial per- 
formance study, and, in particular, to the problem of determining where 
the inflow station ahead of the propulsor is to be located. 

The initial performance study begins with the flow picture shown in 
figure 2. Here, the upstream inflow station (Station (T)) is seen, as well as 
the propulsor which adds a total pressure rise to the flow and, finally, 
the issuing jet at Station ©. In general, all flow quantities at all stations 
will be radially varying. The significance of the inflow station is that its 
location determines the initial velocity and static pressure profiles needed 
for calculating both the overall propulsion design parameters and the 
final flow field. 

It would seem that the inflow station should be defined as the first 
axial location ahead of the propulsor where the bare-body flow is not 
affected by the propulsor operation. Aft of this location, the mutual 
interaction of body and propulsor flows will alter the bare-body flow. 
Clearly, it is a difficult analytical problem to determine such a location. 

Flow important are these considerations from the viewpoint of a 
practical initial performance prediction? Some preliminary information 
on this question follows. 

In the authors’ paper, the inflow is taken at a location about 82 percent 
back from the body nose; at this station, the bare-body static pressure 
coefficient is zero. Boundary-layer velocities are given in reference 6 of 
the authors’ paper. 

Eastern Research Group (ERG) has obtained corresponding per- 
formance results using three other nearby inflow stations which bracket 
the authors’ 82-percent location. 
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Figure D-1 shows those velocity profiles of reference 6 at 67.9-pcrcent, 
77.5-percent, and 86.9-percent axial body stations; body static pressure 
coefficients at these stations are about —.075, —.025, and +.030, re- 
spectively. 

These flow velocities were inserted as input data for a computer program 
developed at ERG. Since the radial variation of static pressure at the 
inflow stations is not available in reference 0, this will be taken as radially 
constant but at one-half the values given previously. (The authors take 
a zero value.) 

The thrust equation used by ERG is 
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where p; is assumed to be the static ambient value at the body centerline. 
The need for the static pressure term is avoided in the authors’ paper by 
choosing an inflow station where the pressure is ambient and assuming, 
as in the ERG equation, that the jet static pressure is at the ambient 
value. 

Figure D-2 shows the effect of inflow station location on ideal efficiency 
defined by (Cr/Cp) id and inflow area ratio A\!Ab- This ideal efficiency 
does not contain blading efficiency or duct inflow loss. The thrust coeffi- 
cient is Cr = .06. The abscissa of figure D-2 is the total pressure rise 
coefficient needed to produce C 7 - = .00, and is taken as radially constant; 
qREF is the free-stream dynamic pressure. Efficiencies are seen to pro- 
gressively increase as the inflow station is moved back from the body 
nose. A maximum 6-percent difference is seen between the 67.9-percent 
and 86.9-percent stations. The total pressure rise required at maximum 


I*”’ Propulsive coefficient (P.C.) is generally defined as AF/pewer; where R is 
bare-body resistance, V is vehicle speed, and power is that delivered to the rotor. The 
relation between P.C. and the ideal efficiency (Cr/Cp)id of figure D-2 is P.C. = 
(Ct/Cp)h (1 — t)n, where y is the conventional blading efficiency and 1 — f is the 
naval architect’s thrust factor; i.e., required net thrust equals [bare-body resistance/ 
(1 — /)] 4- duct drag (with rotor operating). The authors’ paper assumes t ~ 0; see 
the sixth paragraph of the section on optimum propulsor mass flow. 
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efficiency appears to be independent of inflow location Inflow area 
ratios, AJAb, shown in figure D-2 are seen to increase with distance 
back along the body. 

Figure D-3 shows the effect of inflow station on the local velocity ratio 
at the stagnation line radius of Station ® (fig. 2 of authors’ paper). 
This velocity is seen to change significantly with inflow station location. 
The differences in velocity ratios in figure D-3 can be of importance for 
rotor blade cavitation inception. 

Figure shows the jet radius and mass flow coefficient corresponding 
to the data in figure D-2 and D-3. The jet radius ajipears to be inde- 
pendent of inflow station location and this may be peculiar to the body 
velocity profiles used. It is interesting to observe that the jet radius is 



Figure D-3 . — Velocilij ratio at xipstream stagnation-line radius. 
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about 30 percent of the maximum body radius for jieak ideal efhciency. 
Mass flow changes in figure D-4 are seen to have a relatively small 
change with inflow station. 

It can be concluded that the selection of the inflow location may have 
a significant effect. The choice of the inflow location appears to affect 
the efficiency, upstream velocity, and inflow streamtube area. Still un- 
resolved is the effect of inflow station on the detailed flow field. 

Finally, there appear to be differences in results between the averaged 
flow method of the authors’ paper and the direct integration approach as 
used by ERG. At the maximum efficiency point for the 82-percent 
station, these differences are 

(1) Inflow area ratio is about 0.12 (fig. 3) versus 0.19 in figure D~2. 

(2) Stagnation line velocity at © is about 0.90 (figs. 1 and 3) versus 
0.97 in figure D-3. 
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W. B. [MORGAN (Naval Ship Research and Development Center) : 
I have two comments. The first is in regard to the performance obtained 
using this procedure. How well do you predict the shaft horsepower? 

The other question has to do with the optimum mass flow. I take 
exception to the word optimum if I understand correctly what you mean. 
We want to design for given speed or given cavitation characteristics and 
it really is not quite clear how w(> select the duct in the sense of its length. 
Also, it seems that the use of just the optimum mass flow does not 
properly take into consideration the drag of the duct, the induced drag 
about the duct, the interaction between the duct and the hull, and the 
interaction between the impeller and hull. The.se really are not all con- 
sidered, and I wonder, when you talk about the optimum diameter 
using optimum mass flow, how close that is. 

BRUCE, GEARHART, ROSS, and TRE.\STER (authors) ; The com- 
ments of Dr. Meyerhoff with regard to the care that must be exercised in 
selc'cting the location of the upstream reference station arc highly perti- 
nent. This is particularly true if one is considering the flow to be inviscid 
downstream of this station. The momentum and energy relations which 
are subsequently utilized to predict the overall performance of the 
propulsor are quite dependent on the reference station flow characteristics. 
In addition, the induced effects of the shroud on the refi'rence station 
flow characteristics must be con.sidered. A potential solution indicates 
that the upstream induced flow effects from a cascade of blade profiles 
are negligible one chord length upstream. On this basis, the authors’ 
practice has been to select a reference station at least one shroud length 
upstream of the shroud inlet. 

In the paper, the drag coefficient was not held constant as ingesti'd 
mass flow changed, but was varied in a manner that reflected the inlet 
losses and the added frictional drag on tlie shroud. This is felt to be more 
realistic than the aiiproach usc'd in the analysis of the discu.ssor and 
could account, to some degree, for the deviations in the results. From 
Dr. [Meyerhoff’s anah'sis, he reaches the conclusion that neither rotor 
total pressure rise nor pumiijet mass flow varies with choice of ri'ferenco 
station, which implies that recpiired shaft power does not depend on 
choice of reference station. This efi’ect is felt to be artificial due to the 
fact that .shroud drag was held constant in his calculations. 

Dr. [Morgan inquired about the dc'gree of succe.ss that had been experi- 
enced in applying the design approach of the paper. A number of pumpjet 
propulsors have been designed over a relatively wide spectrum of advance 
ratios and ingested mass flow coefficients. Model tests of these units 
indicate that predicted and measured shaft torque at a given shaft speed 
can be matched within 3 to 4 percent. Cavitation performance has been 
found to generally exceed those values predicted by the methods outlined. 
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Several units have been tested which provided overall cavitation indices 
less than 0.5. 

With regard to the comments on the method for selecting the optimum 
mass flow, consider a ring shroud moving forward along a line jiarallel to 
its axis of revolution and its similarit}’ to an infinite airfoil. In st(>ady 
flow there are no vortices shed since there are no circumferential changes 
in circulation. Thendore, there is no inducc'd drag. In addition, the 
rotation in the far wake of the jet is zero and the as.sociated prt'ssure drag 
is zero since the stator sy.stem has provided an axial discharge jet. d'hus 
the increment of added drag normally experienced by a shrouded propeller 
without a stator system or by a single ojien propeller is nonexistent when 
the pumpjet is considered. If the shroud is nonseiiarating, it is felt that 
a rational apiiroximation of th(‘ shroud drag is olitaiiu'd by combining 
the frictional losses on the wetted surface area and the energy losses at 
the shroud inlet. These considerations have been included in the analysis 
leading to the selection of the optimum ma.ss flow, thereby minimizing 
the overall power coefficient of the propulsor for a given v(‘hicle. 
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Theory of One-Element Pumps for Propulsion' 


Joseph Levy 
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The development of conventional pnmps has been aimed mainly at 
increasing the pressure of the pumped fluid. For propulsion applica- 
tions, however, the desired mitput is in the form of kinetic energy 
rather than pressure. Propulsion pumps may therefore assume con- 
figurations considerably different from tho.se of conventional pumps. 
They may, for instance, consist of one element only — i.e., an impeller 
without a stationary casing (as in the ordinary ship’s propeller). 
The discharge from this type of pump contains a whirl component 
that cannot be used for propulsion and must therefore be considered 
a loss. This loss is balanced by the elimination of other losses, such 
as those due to disk friction, diffusion, .seals, and leakage. 

This paper develops a basic theory for one-element propulsion 
pumps, and does so without reference to internal details of a particu- 
lar design. It establishes a limit to the attainable efficiency and indi- 
cates relationships among piimp-performance parameters that result 
in the greatest efficiency. It shows that the peripheral velocity of the 
pump is directly related to ship speed and develops some relation- 
ships between performance parameters and pump geometry. An 
example of this family of pumps is described. 


Development efforts for normal, conventional pumps have been aimed 
primarily at increasing the pressure of the pumped fluid in order to raise 
the fluid to a higher elevation, to force it into a pressure vessel, or to make 
up for pipeline losses. This objective requires that the impeller be enclosed 
in a stationary pump casing, which becomes part of a closed conduit 
system. The pump casing also serves to convert kinetic energy into 
pressure by diffusion and (in the case of centrifugal or mixed-flow pumps) 
to collect the flow from the entire periphery of the impeller and pass it 


* This research was sponsored by the General Hydromechanics Research Program 
of the Naval Ship Research and Development Center under Naval Ship Systems 
Command Subproject SR 009 01 01 (ONR Contract No. NOOO 14-66-COO 14). 
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into the discharge pipe. The casing and contained water constitute most 
of the bulk and weight of conventional pumps. 

In seagoing propulsion applications, however, the desired output is in 
the form of kinetic energy (and not pressure) , because water is taken from 
the ocean essentially at atmospheric pressure and is returned at the same 
pressure, but with a higher velocit.y. In addition, the propelling j('t is dis- 
charged freely into the atmo.sphere, and it is therefore unnecessary to 
collect the outflow from the impeller. Peripheral discharge is equally 
acceptable. 

Propulsion pumps may thus assume configurations that are very 
different from those of conventional pumps. They may, in fact, consist of 
one element only — i.e., an impeller without a stationary casing. The 
ordinary sliip’s propelk'r can lie viewed a.s such a pump. If the floiv enters 
a pump of this type, without prerotation, the di.scharge contains a whirl 
velocity component that is not useful for propulsion. The kinetic energy 
associated with that velocity must therefore be viewed as a loss chargeable 
to the pump. This loss, which does not occur in normal pumps, is counter- 
balanced by other factors that favor the one-element pump. These are 

(1) Elimination of all the losses that occur in the stationary casing of 
normal pumps (e.g., disk friction, diffusion, leakage) 

(2) Absence of the stationary casing, making this type simjiler and 
more compact than normal pumps 

(3) Operation at higher rotativ'C speeds than conventional pumps, 
as a rule, thus further reducing the size required for a given task. 

The losses in a pump of this type may be divided into (1) tho.s(> due to 
viscosity (real-fluid effects), which may include boundary-layer friction, 
losses due to separation of the flow from a solid boundary, and energy- 
conversion losses (e.g., diffusion losses), and (2) the energy represented 
by the whirl component. 

It is obviously desirable, for the sake of efficiency, to reduce losses of 
both types to the greatest degree possible. They cannot be eliminated 
altogether, however, because' all hydraulic processes involve losses due to 
real-fluid effects and because a one-element pump accomplishes its func- 
tion only by introducing whirl. 

It thus becomes necessary, if one-element pumps are to have acceptable 
efficiency and be compact, to seek out all processes susceptible to op- 
timization and to determine the conditions required for optimum per- 
formance. The defsigning of pumps generally is a complex process that 
leans heavily on empirical data, but such data are largely lacking for 
designs that differ substantially from conventional patterns. It therefore 
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becomes necessary to inquire whether there are any simple, easily derived 
relationships that govern the performance of such pumps and are useful 
as guidelines for their design. Specifically, the following questions suggest 
themselves : 

(1) Are there identifiable relationships between the relative mag- 
nitude of the whirl component and the efficiency of the pump? 

(2) Is there an optimum relationship between the whirl-component 
loss and the friction loss? 

(3) Is the ratio of peripheral speed of impeller to ship speed fixed, or 
is it open to choice? 

(4) Are simple relationships available for u.se in calculating the blade 
angles of the impeller? 

This paper covers an analytical investigation of the performance of 
one-element pumps for propulsion, insofar as this can be predicted from 
theory, and represents one aspect of a more general study reported in 
reference 1. It deals only with pumps that conform strictly to the limita- 
tion to one element; i.e., those that do not have guide vanes ahead of the 
impeller for the introduction of prerotation and do not have stationary 
casings surrounding or following the impeller. Propidlcrs are not dealt with 
explicitly; however, as stated above, they may be considered as members 
of this family of pumps. 

The overall performance of a one-clement pump may be effectively 
investigated without reference to the internal details of the particular 
design — i.e., the impeller may be viewed as a black box. Impeller action on 
the water is then represented by velocity diagrams at the inhd and outlet, 
while internal losses are represented by a single loss coefficient. Existing 
pump theory is next applied to predict the overall performance and to 
answer some of the questions listed above. The results thus obtained are 
then used to establish guidelines for impeller design. 

The efficiency of paramount importance in propulsion applications is 
the overall propulsive efficiency, 77. It is defined as the ratio of thrust 
horsepower (THP) to shaft horsepower (SHP), where THP is the power 
required to move the ship through the water at a given speed (equivalent 
to towline power, if the ship were towed) , white SHP is the power provided 
to the propulsion system by the prime mover. This efficiency is a function 
of several factors including pump efficiency. As shown in the next section, 
however, overall propulsive efficiency is directly proportional to pump 
efficiency. For the present study it is therefore sufficient to consider pump 
efficiency alone. The problem of matching the pump to the ship’s require- 
ments is discussed only with regard to its effect on the rotational speed 
of the pump. 
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RELATIONSHIP BETWEEN PUMP EFFICIENCY AND 
PROPULSIVE EFFICIENCY 

The following expression, a modified version of equation (7) of nderencc 
2 and derivable by combining ('quations (7) and (186) of that reference, 
relates the pump efficiency and the overall propulsive efficiency of a 
water] et system. 


Vir (l+A’)'(l+.f^c) 

where 

rj overall propulsive? efficie'ncy (TEIP/SHP) 

1 ]^ pump efficiency 

Kd duct-loss coefficient, including all internal losses, except those 
occurring in the pump 
k jet-velocity ratio, {V j—V) /V = /V 

V speed of advance of ship 
Vj velocity of propelling jet relative to ship 

The subscript ir on tj is used to distinguish the particular kind of pump 
efficiency considered here — i.e., one in which the? energy of th(> whirl 
component is taken as a loss chargeable to the pump. Tlie term Kd is 
defined by 

II D = Kd~^KdI^ {1+ky (2) 

where Hd is the head loss in ducting, elbows, and nozzles, and g is the 
acceleration of gravit.y. 

Equation (1) shows that the pro])ulsive efficiency is strongly affected 
by the choice of the jet-velocity ratio (k) and the value of the duct-loss 
coefficient {Kd) ■ Given a pair of values for k and Kd, however, th(? overall 
propulsive efficiency is directly proportional to the pump efficiency. 


ATTAINABLE EFFICIENCY 
Basic Expression 

The analysis that follows applies to all types of pumps (from axial to 
radial) in which the whirl component is not recovered, as well as to the 
ordinary ship’s propelk'r, which may b(' viewed as a pump. 

Because the type of pump under consideration does not require a 
stationary casing, the shaft torque (neglecting seal and bearing friction) 
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is utilized fully to change the moment of momentum of the fluid passing 
through the impeller. The action of the impeller on the fluid is represented 
by velocity diagrams at the inlet and outlet, as shown in figure 1, for 
either an axial- or a radial-flow impeller. Equating the shaft torque 
(Ts) to the time rate of change of moment of momentum, 

Ts = pQ{VMr^—Vw\ri) ( 3 ) 

where 


Q volume flow rate 
T„ tangential velocity 
r radial position 

p fluid density 

If the flow enters the impeller without prerotation. 


and 


Eu,i — 0 


T, = pQV^.2r-z 



a. — Axial-flow impeller. 




b. — Radial-flow impeller. ( Velocity de- 
sign corresponds to impeller dis- 
charge radius.) 


Figure 1. — Velocity diagrams. 
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The power input (P,) is 

I i T gCO pQ i 2 

where oj is the rotational speed of the impeller. 

Because 

C0?*2 = U2 

it is possible to write 

Pi^pQ^wiUi (4) 

The input head, //, (also called ideal head) , or energ}', may be written as 


Hi = 


Pi 

pgQ 


g 


(5) 


We may define an input-head coefficient (^,) based on peripheral 
velocity, by writing 


Hi = ii 


VI 

2g 


Comparison of equations (5) and (6) shows that 


(6) 


1 w2 1 

Uo ~2 


ii 


(7) 


The useful output head (H,) is equal to the input head minus two 
losses; (1) that duo to impeller friction (P/) and (2) that du(' to non- 
recovery of the whirl component (//„■). These may bc' expressc'd, respec- 
tively, as 

vr 

= ( 8 ) 

2g 

and 


= ^ (9) 

2g ■ 

where P"/ is a friction-loss coefficient based on V 2 , the relative velocity. 
Thus, the output head is 




2 T' u’i U 2 — A /i>2^ — b 

Yg 


( 10 ) 


The pump efficiency is the ratio of the output head to the input head: 


2 Fu,2 P 2 — A fV2^ — Vy,2^ 

2VW2U2 




( 11 ) 
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Ideal-Fluid Efficiency 

For an ideal, frictionless fluid (iC/ = 0), equation (11) riiduces to 

( 12 ) 

and, using equation (7), this may be written 

(i?^)i= l-pi/'i (13) 

It is thus evident that the efficiency in the frictionless case is a simple 
function of the input-head coefficient. When pumping a real fluid, the 
maximum attainable efficiency will be less than ( 17 ,,) t- Therefore, one- 
element pumps must be designed to operate with low values of input-head 
coefficient if they are to have acceptable efficiency; in other words, as 
indicated by equation (7) , they should operate at relatively high peripheral 
velocities. 

Efficiency With a Real Fluid 

The real-fluid efficiency is given by equation (11), which involves three 
velocity components. Before attempting optimization, a functional 
relationship must be established between the relative velocity (I’s) and 
the whirl component (F„ 2 ). It is convenient also to reduce all velocity 
components to nondimensional ratios by dividing each by the peripheral 
velocity ( Ui) . The velocity diagram on the discharge side of the impeller 
(fig. 1 ) may now be labeled as shown in figure 2, recalling that Fu. 2 / 1/2 = \4'i- 
The functional relationships are 

5 ^i=l — fc„cos/3 (14) 



Figure 2. — Dimensionless veloc- 
ity diagram. 
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and 

= sin/3 (15) 

ivhere /3 is the relative flow angle measured from the tangential direction. 
Equation (11) may now be written in terms of the velocity ratios as 




'pi 


K^-Ul 

'Pi 


(16) 


Each term, when multiplied by Ur/2g, represents a head (ideal input, 
friction loss, and whirl lo.ss, respectively). Using equation (14) to sub- 
stitute for \pi in equation (16), we obtain 

2(1 — k„ cos /3) —K/k/— (l—k„ cos /3)^ 

2(1 — A;„ cos /3) 


which may be reduced to 



1 — A:/(A'/-(- cos^ d) 
1 — cos /3 


(18) 


Optimization with respect to /3 yields 


Kfk,^ = W (19) 

which shows that the efficiency would be a maximum when the friction 
loss and the whirl-component loss have equal magnitudes. 

Optimization with respect to k„ results in 

= (20) 

1-b^t 

which shows that the efficiency would be a maximum when the friction 
loss is somewhat less than the whirl-component loss. 

The preceding two equations are satisfied simultaneously onl}' when 
ipi = 0 (i.e., when the pump is doing no work and when the friction loss is 
zero), in which case the efficiency would be unity. Because useful pumps 
operate with positive values of \pi, the efficiency of a one-element pump 
has only one theoretical limit, which is the one derived for the ideal-fluid 
case as expressed in equations (12) and (13). The real-fluid efficiency 
will be less than that, and its magnitude will depend on the minimum 
friction loss that can be achieved with a given pump configuration. 

It is interesting to examine the maximum efficiency that result.s when 
either of the two foregoing equations is u.sed separately. Equation (14) 
may be used in combination with either one to make substitutions in 
equation (17) so as to express the efficiency in terms of \pi only. When 
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equation (19) is used, the result is 

(’7ir)max,l= 1 — (21) 


while equation (20) yields 


(’7T)max,2— j (22) 

When is small in comparison with unity, these equations give sub- 
stantially the same result. However, when \f/{ is not very small, the two 
efficiencies are quite different. The maximum efficiencies, and the corre- 
sponding loss distributions, of equations (19) and (21) are plotted in 
figure 3a, while those of equations (20) and (22) appear in figure 36. 
The efficiency is greater in plot 6, but its attainment requires that the 
friction loss be smaller than shown in plot a. That smaller friction may be 
difficult to achieve in practice, especially when approaches either 0 or 2. 
On the other hand, when is not small, it should be possible to achieve 
friction losses below those shown in figure 3a. 

It may therefore be said that practical designs should be aimed for 
efficiencies that fall between the values shown in plots a and 6. These two 
lines of (so-called) maximum efficiency are replotted in figure 4. For 
propulsion we require pumps of high efficiency (e.g., at least 80 percent). 
The region of practical interest is thus the shaded portion of this figure, 
preferably in the upper end of that portion. 



0 0.4 0.8 1.2 1.6 2.0 

INPUT-HEAD COEFFICIENT, 



0 0.4 0.8 1.2 1.6 2.0 


INPUT-HEAD COEFFICIENT, t. 

' I 


a . — Equations {19) and {21). 


b . — Equations {20) and {22). 


Figure 3. — Maximum efficiencies and loss distributions. 
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Figure 4. — Efficiencij range for practical design. 


RELATIONSHIPS BETWEEN EFFICIENCY AND 
IMPELLER GEOMETRY 

Certain guidelines for tlie design of impellers for one-element pumps 
may be derived from the foregoing expressions for maximum efficiency 
and from the geometrical relationships represented by velocity diagrams 
(fig. 1). The re.sults that follow pertain only to the terminal stations. 
Subscript 1 refers to the inlet to the impeller vanes, while subscript 2 
refers to the station where the propelling jet is discharged freeh; from the 
impeller. The pump designer must provide transitions between these 
stations. The efficiency to be used hereafter is the lower value of maximum 
efficiency, that of equation (21). 

The conditions prescribed here for the impeller outlet apjily to the 
station at which the flow is discharged into the atmosphere in the form of 
free, thrust-producing jets. The angle d 2 gives the relative-flow direction, 
which differs somewhat from the geometrical blade angle in some cases. 
In some arrangements, especially with centrifugal or mixed-flow impellers, 
the radial position of the jet discharge may be different from ihat of the 
outlet end of the working blades (as in the Hydrocket® propulsion unit 
described in a succeeding section as an example of a one-element pump) . 
In these cases, the product t/F„ remains constant in the flow between the 
blades and the nozzles that form the jets, although all the velocity com- 
ponents may change magnitude. 
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Centrifugal and Mixed-Flow Impellers 

Combining equations (21) and (7), 

U2 


(23) 


Substituting 

and 

in equation (23) yields 


Vw 2 = U2—V2 COS ^2 


T2 T2 

U 2 =Ui~- = Vi cos di 

n 


(Vr), 


nv 2 cos da 
r 2 t'i cos di 


(24) 


The relative- velocity ratio {V 2 /V 1 ) in this equation may be replaced with 
the flow-area ratio (nbi/r 2 b 2 ) by making the following substitutions:^ 


and 


From continuity, 


and 


t'l cos /3i -- 
i '2 cos 132 = 
V,r,l = 


tan )3i 

V^2 

tan ^2 

Q 


2irribi 

Q 


22rr2b2 

where Q is the volume flow rate and b is the width of the flow passage at 
each station. Equation (24) may now be rewritten as 

ri^bi tan /3i 


iVr), 


ri‘b 2 tan ^2 


(25) 


Axial-Flow Impellers 

For the usual type of axial-flow impeller (i.e., cylindrical hub and 
casing, noncavitating) , r 2 = n, b 2 = bi, and Fm 2 =Fmi. Equation (25) may 

Editor’s Remarks: The author does not distinguish between the mass averaged 
radii used hitherto and the arithmetic averaged radii used in the next fcpur equations. 
The error involved in equating these two averages is of the order of 5 percent for a 
hub/tip radius ratio of 0.5. In view of the death of the author, the editors felt impelled 
not to modify the analysis. 
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therefore be simplified to read 


or, from Equation ( 24 ), 


max 


tan di 
tan ^2 




max 


I'2 cos 02 
I'l COS 01 


(26) 


( 27 ) 


In some special types of axial jmmps (e.g., superoavitating or super- 
ventilated), the meridional velocities (r„a and Vm2) are not equal. How- 
ever, the relative velociti(‘s (ci and r>) are very nearly eciual, and we 
may write 

I'2 = A-fcl'l 

where kb is nearly unity. Eijuation ( 27 ) then becomes 




max 


kb cos 02 
cos 01 


( 28 ) 


RELATIONSHIP BETW EEN PERIPHERAL SPEED AND 
SHIP SPEED 

It can be shown that the piuipheral speed of a one-elemcuit pump has a 
definite relationship to the (h'sign sjieed of a ship that is to b(> propelled 
by a pump of this type*. This is done by equating the usc'ful liiuid de- 
veloped by the pump to the head required for propelling the ship. 

The head developed by any pump maj' be expre.ssed in terms of the 
peripheral velocity (fb), the ininit-head coefficient (V',), and the pump 
efficiency (77,), as follows: 

7/x = 7— , 

2(J 

It may be assumed that, at the design ship speed, the pump will be 
operating at its best efficiency, and that (for one-element jiumps) the best 
efficiency and the input-hc'ad coefficient arc related. We may therefore use 
equation ( 21 ) to replace 1/', by its equivalent, 2(1 — 77,). The pump- 
output head then becomes 

77 , = — (17,-1?,^) 

g 

The pumping head required to propel a ship at a speed F, with a jet- 
velocity ratio of A: = AT/F, and having a duct-loss coefficient Kc, can be 
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shown (see, for instance, eq. (12) of ref. 2) to be 

Equating the two expressions for and rearranging, 

Ih ^ r (l+Xo)(l+A;)^-l 
V~[ 2{v.-vy) 

This expression is plotted in figure 5 for several values of pump efficiency 
and duct-loss coefficient. 

DESCRIPTION OF A ONE-ELEMENT PUMP 

One arrangement of a one-element pump with a centrifugal impeller is 
shown in figure 6. It was conceived by Mr. C. A. Gongwer (formerly of 
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Aerojet-General Corporation) for the propulsion of pleasure craft — as 
ivell as large ships — and was named the H 3 ’drocket® propulsion unit. 

The Hj’drocket unit con.sists of an impeller (either radial-flow or 
mixed-flow) , similar to a conventional pump impeller except for modifica- 
tions at the periphery. The conventional impeller is open at the peripherj', 
and its flow discharges radially into the pump casing. The Hydrocket 
impeller terminates in a gallerj' that is closed, except for a ring of nozzles, 
and turns the flow from the radial to the axial direction before dis- 
charging it through the nozzles. The gallery and nozzles are integral 
parts of the impeller and rotate with it. The nozzles are canted in a 
direction opposite to the peripheral velocity', making the angle dz M'ith the 
impeller face, so that the absolute velocity of the jet is nearly in the 
meridional, or thrust, direction but does have a small whirl-velocity 
component (F„ 2 ). 

Several boats, including an 18-ft hj'drofoil, were equipped with 
Hj’drocket propulsion systems and were operated successfully for several 
3 ’ears. 



Figure 6. — Hydrocket® propulsion unit {artist’s drawing). 
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CONCLUDING REMARKS 

The relationships developed in this paper provide preliminary design 
guidelines for a wide range of one-element pumps for propulsion, although 
they prescribe only the conditions at the pump inlet and outlet. Blade 
shapes and shrouds may be sketched in, to provide smooth transitions 
between the prescribed terminal condition.s, and internal-loss coefficients 
may then be estimated. Pumps of this general type can have acceptable 
efficiency and are more compact and simph'r than conventional pumps. 
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DISCUSSION 


G. F. WISLICENUS (Tucson, Arizona) : The iiaiicr discloses the 
competence in the hydrodynamic propulsion field for which its author 
is ivell known. Therefore, the writer of this discussion will limit his remarks 
to a few questions and only one general comment. 

It is not clear to this discusser why a one-element propulsion pump 
can run under the same operating conditions at a higher spec'd of rotation 
than a conventional pump. This statement is made in the third paragraph 
of the introduction, item (8). It would seem that generally a single- 
element pump would be limited to the same suction specific speed as a 
conventional pump. Is it that the author feels single-element pumps can 
be operated with fully developed cavitation or ventilation, and the con- 
ventional pump cannot? This contention would have to be justified. 

Equations (20) and (22) and figure 85 are not clear to this discussor as 
to their physical origin and meaning. Some explanatory comments by 
the author as to ichy this must be so would be helpful. 

This discussor has never understood why the inventor of the Hydrocket 
(Calvin Gongwer) separated the discharge nozzle ring of his ingenious 
device from its pump vane system. Either a reason for this arrangement, 
or a statement that this separation is not necessary, perhaps not even 
desirable, would be very instructive. 

This brings this discussor to his general comment : The Hydrocket 
(or any one-elcmc'nt pump) can be reasonably efficient oidy with low \pi 
values; i.e., low ratios of the circumfen'iitial discharge velocity component 
to the peripheral vi'locity of the rumu'r. Standard centrifugal pumps are 
reasonably efficient only if i/'; is in the vicinity of 1 or this vi'locity ratio 
in the vicinity of |. h'or a one-eh'inent propulsion pump such values 
would lead, according to equations (12) and (13) of the jiajicr to ideal 
pump efficiencies in the neighborhood of 0.75, which is unacceptable. The 
reason why one-element pumps of the type of the Hydrocket can be 
operated with much lower 4'i values than conventional pumps (and 
therefore with accejitable effici('iicies) is the fact that the exterior of the 
Hydrocket rotor is exposed to air, not to water. This n'duces the so-called 
disc-friction losses radically, thus nanoving the reason why xpi values 
cannot be much lower than unity. It si'cms that the recognition of this 
difference between the Hydrocket and a conventional centrifugal pump 
was essential for making the Hydrocket a practical possibility. 
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This discusser believes that further consideration of fluid friction losses 
in rotating vane systems will be necessary for arriving at optimum 
designs for the Hydrocket. 

F. GILiMAN (Worthington) ; As I looked at this paper, I was struck 
with the idea of a single element and the need for a jet, and to me a single 
element and a jet is a Pelton wheel. Now if one could collect the fluid 
from the sea with relatively low velocity and direct it into a nicely formed 
rearward jet by some means, using a very low-specific-speed machine such 
as a Pelton wheel, I think that we would have very low friction within the 
unit, and we would have no lo.ss due to a whirl component. Pve been 
quite interested in what a nice jet can be formed, for instance, with a 
spoon under the kitchen tap, and I think that something the reverse of 
the Pelton wheel might be constructive. 

LEVY (author) : The author wishes to thank Dr. Wislicenus for 
having reviewed the paper and for raising some penetrating que.stions. 
There are five separate questions (although some are interrelated) as 
follows : 

(1) Why can a one-element pump run at a higher speed of rotation 
than a conventional pump operating under the same conditions? Perhaps 
the term speed of rotation was used too loosely in the paper. Most one- 
element pumps must operate at higher peripheral speeds than their 
conventional counterparts, as shown by equations (.5) and (23). This 
implies a higher speed of rotation in those cases where impeller diameters 
are approximately equal. The problem of suction specific speed does 
apply to one-element pumps, although it was not treated in the paper. 

(2) Does the author feel that one-element pumps can o])erate with 
fully developed cavitation or ventilation, whereas conventional pumps 
cannot? Both types of pumps may operate in this manner, and, in this 
respect, the Hydrocket is subject to the same considerations as normal 
pumps. However, other types of one-element pumps may discharge into 
the atmosphere without throttling the flow. Therefore, cavitation or 
ventilation voids do not have to close or collapse within the impeller. 
This eliminates the problems of cavitation erosion and of reentrant jets 
and the associated turbulence that results from the collapse of voids in 
liquid flows. 

(3) What is the physical origin and meaning of equations (20) and 
(22) and of figure 35? It should be noted that the same question could 
be asked with regard to equations (19) and (21) and figure 3a. The 
results obtained (in both cases) are due to the restrictions imposed by 
the mathematical process of partial differentiation, in which it is assumed 
that we can change one independent variable without affecting any of 
the others. This may not be achievable in the physical world. Equations 
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(19) and (21) (and fig. 8a) may aiipoar to be more credible (a.s pointed 
out by Dr. Wislicenus in tlu' oral discus.sion following presentation of the 
paper) becau.se the rc'sult is similar to that obtaiiu'd in other cases, 
wherein efficiency is a maximum wlu'u two types of lo.sses (in this case 
whirl component and friction) ar(' of (xpial magnitudes. Xeverthidess, 
this result should also b(‘ (piestioned, as may be seen from the following 
example. Let us a.ssum(> that \j/, has the value 1.00; the whirl component 
lo.ss would then hav(‘ th(> value 0.2.5. In th(‘ absence of friction 

(i.e., K/ = 0), the pum]i efficiency would be 0.75, as given by equation 
(13). Eciuation (Ki) state's that, in llu' pri'sence of friction, the' efficiency 
would b(' lowc'r than 0.75 by the' amount K/k,-. Thus, for instance, the 
efficiency would be 0.()5, if A'/A',.- had tlu' value 0.10. However, ('(luations 
(19) and (21) and figure 3a state that, for this exam])le, the maximum 
attainable efficiency is 0.50 and that this occurs when Kfkr = 0.'2r>. Now, 
thc're is no physical n'asou for accepting this limitation. It may b(> said, 
in conclusion, that the limitation ('xpre.ssi'd by eepiation (13) is a hard 
ceiling; that is, the rt'al efficiency will always be- lowe-r than that. How 
much lower will depend on the magiiitud(' of the smalh'st friction loss 
that can be achieved in the real case. 

(4) Why is the Hydrocket (or any one-element pumii) efficient only 
if \pi has low values, while a normal centrifugal pum]i is ('fficient when 
\pi is in the vicinity of unity? It should be recalled that the theory pre- 
sented in the paper is based on analysis of the velocity diagram at final 
discharge into the atmosphere. Velocity diagrams inside the impeller 
may be quite different. Let us examine the case of a normal centrifugal 
impeller that is converted into a one-element pump, as was done for the 
Hydrocket shown in figure 6. In a normal pump, the impeller shrouds 
would end where the vanes end in this figure; the discharge from the 
impeller would be radial, and it would flow against the back pressure 
imposed by the pump casing and the discharge pipe; the relative velocity 
(v) and the meridional velocity (IT,) would be small by comparison with 
the peripheral velocity ( U ) ; the energy addi'd by the impeller would be 
partly pre.ssuro and partly kinetic energy. Convc'rsion to a one-elemc'nt 
pump is achieved (in this cas(') by extending the shrouds, first turning 
the flow toward the axial dirc'ction and then discharging it through nozzles 
that make some angle (/3) with the face of the impeller. The nozzles 
perform a number of diffc'rent functions. Some of these' could, perhaps, 
be eliminated or achieve'd by other means. These functions are 

(a) To throttle the flow so that velocities inside the impeller are 
kept within reason, thereby reducing internal losses. 

(b) To convert pre.ssure energy into kinetic energy. 

(c) To guide the flow into the desired direction. 

(d) To return energy to the impeller. 
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The conversion of energy and the guidance result in substantial increases 
in the relative velocity (v) and the meridional velocity (F„) and in a 
reduction in the magnitude of the whirl component (Fu,). It should bo 
recalled that, at final discharge, V„ must be greater than ship speed (F) 
in order to achieve a positive thrust; also that F„ must be small in order 
to achieve good pump efficiency. 

The nozzle ring, in the arrangement shown in figure 6, acts as a turbine; 
i.e., some of the energy added by the impeller vanes helps to drive the 
impeller. The energy (per unit time or per pound of water) input by the 
shaft is less than the energy added bj" the vanes. This input is equal to 
the sum of the kinetic energies of the two components of the absolute 
velocity at final discharge, and result in acceptabl}' small internal loss. 
Many arranpements are possible; however, the author was not at liberty 
to describe them in this open publication. 

In reply to Mr. Gilman’s question, if we stipulate that there be no 
loss due to a whirl component, we imply that this component should be 
oriented in the direction of the thrust vector. This is precisely the mode 
of action of the paddle wheel. If such a wheel could be designed to produce 
“a nicely formed rearward jet,” it would indeed be an efficient propulsor, 
although it might be very large and complex. Since (in this case) the 
whirl component is not lost, such devices arc not in the class of turbo- 
machines discussed in the present paper. 
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